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Preface

After more than one and a half decades since the first status of the development
of the Fibre Metal Laminate (FML) GLARE was documented by the FML com-
munity in a monograph, this new book presents the state of the art in understanding
the fundamental principles of fatigue and fracture of FMLs. By selecting a narrower
scope, the subjects of fatigue and fracture are discussed in substantially more depth
than the first book, revealing the vast breath of detailed knowledge that has been
developed over a time span of three decades.

The timing of publication of this book is aligned with the development of new
applications that exploit the benefits of the FML technology for aircraft wing and
fuselage structures. After ten years of successful operation of the Airbus A380,
demonstrating the maturity and superior performance of the hybrid FML technol-
ogy, these new applications will push limits, requiring thorough strength and
damage tolerance justifications. Hence, a thorough assessment of the current status
is necessary.

This book provides the industry with a sound basis to develop new hybrid
applications with the corresponding strength, damage tolerance and durability
assessment strategies, necessary for certification. In addition, this book provides
academia with a benchmark in scientific understanding of this FML technology to
enable definition of the necessary steps forward in future research. It is my ambition
that this book will aid the FML community in their endeavours to advance research
and development (far) beyond the current status.

The reader should be aware that similar to the first book, which was edited by Ad
Vlot and Jan-Willem Gunnink, this book, despite having a single author on the
cover, is to the greatest extent based on the research efforts of quite a number of
MSc and Ph.D. students of the faculty of Aerospace Engineering at TU Delft. Many
of them have been inspired personally by Prof. Boud Vogelesang, the ‘founding
father’ of the FML technology, and the driving force behind the development
towards successful application. In the end, the primary reason for publishing this
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monograph is to honour those often tenacious and persevering students for their
work and their contribution to the FML community.

In this place, I express my gratitude to two people in particular: Dr. Thomas
Beumler and Dr.ir. John-Alan Pascoe. They reviewed the draft version of this book,
and their valuable and often detailed comments and criticism were used to improve
its quality.

Delft, The Netherlands Dr.ir. René Alderliesten
2017
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Chapter 1
Introduction

Abstract Historically, Fibre Metal Laminates were introduced as a laminated
material concept to improve the fatigue and damage tolerance properties of metallic
structures in aeronautics. However, the concept can be viewed from different per-
spectives. This chapter discusses that the FML concept can be seen either as
reinforcement of metallic structures or as reinforcement of fibre-reinforced polymer
composite structures. Cases are given to illustrate how the concept of damage
tolerance can be exploited with FMLs, in particular if the concept is viewed as
structural concept rather than a material concept.

1.1 Introduction

The concept of Fibre Metal Laminates was first introduced with the development of
ARALL, a laminate comprising aramid fibres embedded in a thermoset adhesive
system interspersed between aluminium sheets. The concept originates in the metal
bonding technology introduced by Schliekelmann at Fokker and the observation of
Schijve that laminated thin sheets have superior fatigue characteristics compared to
monolithic panels. Attempts to add fibres to the bondline of 1 mm thick laminated
sheets did not provide sufficient benefits. However, further research by Vogelesang
and Schijve has led to an optimized FML concept. The history of this development
process is well documented by Vlot [1].

The fatigue process appeared to be a balance between the crack growth mech-
anism in the metal layers, failure of the fibre layers and debonding at the interfaces
between these layers. The load transfer from the cracked metal layers through the
adhesive to the fibre layers caused significant reduction in crack growth in the metal
layers. This transfer is often called ‘fibre bridging’.

To tune the fibre bridging and subsequently the overall damage growth under
fatigue loading, the resistance against delamination of the adhesive, the stiffness and
strength of the fibres and the crack growth resistance of the metal layers are the
prime parameters. This has been quantified by the work of Marissen [2] who
developed an analytical prediction model for crack growth in the FML ARALL.
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Initially, the development of the FMLs focussed in collaboration with Fokker on
wing applications. However, interest from Messerschmitt-Bölkow-Blohm in
Hamburg directed the research to fuselage applications. Because fibre failure was
observed in ARALL under fuselage load spectra, FMLs containing glass fibres
(GLARE) were then developed [3].

1.2 Development Perspectives

Indifferent of the historical development process, the FML concept can be regarded
from various perspectives. Traditionally, the concept is treated as additional fibre
reinforcement to laminated metallic sheets. Considering the historical development
process [1], this perspective seems obvious. However, with the enormous research
effort nowadays in fibre reinforced polymer composites, it may be more appropriate
to consider the FML concept as the metallic reinforcement to composite materials.
That perspective in itself is not new, because various patents have been filed in that
context, as will be discussed in Chap. 3. However, the consequence regarding the
FML concept from this still rather new perspective may be opening significant
opportunities for composite applications.

1.2.1 Increased Damage Growth Resistance of Metal
Laminates

Originating from the poor man’s solution to build up aluminium structures using
bonding technology, instead of using expensive milling equipment, the major driver
in the development of FMLs has been to develop a material concept that has
inherently higher resistance to (fatigue) cracking then state-of-the-art monolithic
aluminium alloys. High fatigue crack growth resistance results in slow crack growth
and thus longer inspection intervals, while a high fracture toughness increases the
critical crack length, further increasing the damage tolerance of structures.

While developing GLARE, additional beneficial properties were identified that
supported its application to primary fuselage structures: high impact resistance and
tolerance, high burn through resistance, which could potentially increase evacuation
time (safety aspect), and improved corrosion resistance (durability aspect) induced
by its layered structure.

Despite all the effort within the GLARE development programme [4] to achieve
technology readiness of GLARE with respect to all relevant aspects, the prime
focus remained on the fatigue and damage tolerance characteristics.

The literature on this programme illustrates the process fromgeneric understanding
of fatigue initiation and crack propagation, towards more detailed understanding of
fatigue resistance of mechanically fastened joints, impacted laminates, external and
inter-laminar doubler run-outs, edge notches and rows of holes. The latter topic is
considered important to address the resistance against widespread fatigue damage.
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1.2.2 Utilization in Context of Damage Tolerance

Although clearly explained in the literature, damage tolerance as a development
driver has not always been well understood. Academia not related to institutes
involved in the development of GLARE has provided useful knowledge and
insights. However, its work has never resulted in the development of actual FML
applications.

For example, developing structural health monitoring concepts for FMLs
without accounting for the inherent high resistance against impacts and (fatigue)
cracking [5] makes the developed concepts obsolete or inapplicable for several
reasons, especially economic reasons. The need for FML structures originates from
the desire to develop damage tolerant structures that are care free (i.e. low
inspection and maintenance burden). The need to rely on a health monitoring
system to ensure damage tolerance seems to be contradictory to the application of
such care (and monitoring) free FML structures. On the other hand, one should
realize that such monitoring techniques applied in laboratory experiments may add
to the understanding of certain mechanisms. This is illustrated by Austin et al. [6],
who utilized fibre Bragg grating sensors to quantify fibre stresses in fatigue crack
growth tests; information that previously could only be derived implicitly from
other parameters measured.

Inspired by the development of FML as combination of metallic sheet material
and fibre reinforced polymer composites, many combinations have been presented
in the literature. None of these alternative combinations ever led to actual appli-
cations. For example, combining magnesium and carbon fibre reinforced polymer
layers as reported by Cortes and Cantwell [7] is inapplicable to actual structures for
reasons not addressed in their work. The low stiffness of the magnesium layers and
the poor fatigue and corrosion resistance of these materials in comparison with
aluminium do not compensate for the lower density, which seems the prime driver
for this study [8]. Alternatively, one may think of combining carbon fibres with
titanium sheets [9], but that requires addressing titanium pre-treatment challenges
together with the high material costs.

This also holds for FML combinations based on thermoplastic matrix systems
for which consolidation temperatures need to be applied that exceed thermal sta-
bility levels of widely applied aerospace alloys [10, 11]. As a result, only particular
applications may be considered for such FMLs. Furthermore, these FMLs often
exhibit poor fatigue performance, due to the severe tensile curing stresses in the
metallic layers. Here, application of thermoplastic matrix systems should be
investigated together with relevant aerospace alloys that can sustain the high curing
temperatures.

Another more recent example could be the application of alternative manufac-
turing processes such as Vacuum Assisted Resin Transfer Moulding (VARTM)
presented by Jensen et al. [12]. The introduction of small holes in the metal layers
of the FML to enable resin to flow in laminate thickness direction creates a sig-
nificant number of fatigue critical areas in the FML panel. While usually only the
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joining areas and cut-outs require a thorough fatigue assessment, this manufacturing
concept implies assessment of every square inch. That, together with the fact that
every hole implies access from the environment to the composite plies underneath,
conflicts with the concepts of damage tolerance and durability, and makes it
inapplicable to primary aircraft structures.

The key towards successful development of FML concepts for primary damage
tolerant aircraft structures is the capability to provide multiple load paths within one
laminated structure. Although crack bridging indeed increases the crack growth
resistance of FMLs, this mechanism should not primarily be treated as a way to
increase fatigue resistance.

Crack bridging is evidence of multiple structural elements that are joined by the
bonding technology that each fulfils their own function within the structure.
Whereas the ductility of the metallic layers increases the energy absorption during
operational (impact) damage, the fibres provide the second load path in case the
metallic constituents crack.

Depending on the combination of constituents, the overall structural perfor-
mance can be tailored to the structural needs and functions it should provide. Here,
the linear elastic fibres may significantly contribute to the static strength of the
structures, increasing the strain hardening of the metallic constituents beyond their
yield strength.

1.2.3 Increasing Strength of Composites

The aspect of strain hardening relates to viewing FMLs as the reinforcement of
metallic structures by adding composite plies. However, the reversed view may
solve many issues currently dealt with in fibre reinforced polymer composites. For
example, the addition of isotropic metallic layers easily creates quasi-isotropic
composite laminates, without the need to place fibres in multiple directions
(0, 90, ± 45°). The additional benefit of having ductility in the composite may
increase the damage tolerance by creating the ability to distribute local peak stresses
to larger areas of the structure.

Especially where the bearing strength of composites is limiting the joining
technology, metallic inserts will help. The higher bearing strength of metals, due to
their ductility and isotropy, significantly increases the efficiency of mechanical
joining in composite structures. The development of FMLs may provide the
understanding necessary to design the appropriate joint areas in composite
applications.
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1.3 From Material Towards Structural Application

FML is often regarded as denoting a material family, rather than a class of structural
concepts. This misperception has led to the development of FML material
derivatives, which have mostly never progressed to even a technology readiness
level of 3 or 4 [13]. As will be explained in the next chapter, the infinite number of
combinations that can be made between the different metals, alloys and their heat
treatments, the fibre types and the thermoset and thermoplastic matrices, has led to
research and development without evident focus towards structural applications.
Nonetheless, the vast number of studies addressing even FML types irrelevant for
structural applications has generated further understanding of hybrid material
technology principles.

1.4 Contribution to the FML Knowledge

This book aims to contribute to this field of hybrid material technology, by
describing the current understanding concerning the hybrid material concept of
laminated metallic and composite sheets for primary aeronautical structural appli-
cations. The first section of this book aims to provide a general background of the
FML technology, indicating the major FML types developed and studied over the
past decades (Chap. 2) in conjunction with an overview of industrial developments
based on filed patents (Chap. 3).

The second section of this book discusses the mechanical response to
quasi-static loading (Chap. 4), as well as the fracture phenomena during quasi-static
(Chaps. 5 and 6) and cyclic loading (Chaps. 7–10). To consider the durability
aspects related to strength justification and certification of primary aircraft struc-
tures, the third section will discuss thermal aspects related to FMLs and their
mechanical response to environmental conditions (Chaps. 11–13).
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Chapter 2
Laminate Concepts & Mechanical
Properties

Abstract Inspired by the successful application of ARALL and GLARE on
aeronautical structures, many researchers and scientists have pursued the devel-
opment of FML concepts. The fact that the majority of these studies never reached
maturity on structural applications may be explained by the observation that FML
was mostly treated as a material concept. As a result, not enough consideration was
given to the final structural applications. Nonetheless, many FML variants with
their properties presented in the literature constitute valuable information for future
developments. Therefore, an overview of all the FMLs and the most characteristic
properties are given in this chapter.

2.1 Introduction

The early development process of the FML concept has been described in detail by
Vlot [1] and Vogelesang [2] who discuss the development of ARALL and GLARE.
With these descriptions in mind, it is interesting to look at the FML concepts
presented after the introduction of ARALL and GLARE. It is evident that not only
the FML community described in [1] contributed to FML development.

Inspired by this successful concept, many researchers all over the world have
pursued research on various FML types to investigate the behaviour of these
materials under mechanical-, thermal- and environmental loading. As a conse-
quence, the list of internationally refereed journal papers concerning FMLs has
become impressive. However, there seems to be an enormous gap between the
work reported in these journals and the work being done by institutes and com-
panies on actual FML applications.

To some extent, this gap may be attributed to the apparent lack of relation
between the research performed and real applications. However, it appears that
some misperceptions often confused the development process of FMLs, both out-
side and within the FML community described in [1].

A lot of academic research reported in the literature describes a selection of
experiments or (numerical) analyses on a particular combination of metallic and
fibre-reinforced polymer constituents. The research topic is approached with a
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specific scientific question or objective in mind. Often this leads to detailed
understanding of a particular problem. However, despite claims and conclusions,
the investigated combination of materials never leads to actual applications, because
of the lack of a thorough development process towards applications that addresses
all relevant engineering aspects.

Applied research on the other hand, often approaches thematerial concept from the
perspective of particular design criteria or problem. In an attempt to obtain a specific
behaviour, the nature of the hybrid laminates seems to be neglected and the scope of
research limited. As a consequence, the possible design options remain limited.

The misperception appears to be related to the question whether the FML is
primarily a material, or whether it should be considered a structural concept. In later
chapters, this is illustrated when discussing the development of theories and pre-
diction models for various FML properties. The FML is considered either a
homogeneous material, or the models treat layers individually. The denomination
‘first- and second-generation FMLs’ and ‘next generation FMLs’ [3] suggests that
the state-of-the-art FMLs (ARALL and GLARE) will be replaced in time by new
and advanced FMLs. As a result, the quest was to develop advanced alternatives by
applying different fibre types, different metals or alloys and different adhesive types,
where the advancement was expressed as increase in material properties. Therefore,
the objectives of these developments often were to create FMLs with better static
properties and better fatigue resistance than GLARE [4].

In the end, although people often did have potential applications in mind, most
research on FML variants has been performed independent of actual applications
and their requirements. As a consequence, FML types have been studied that never
led to application and never reached a technology readiness level beyond 3 [5].
A more appropriate objective in the FML research would have been to gain better
compliance with design criteria for aeronautical structures, and to aim for weight
savings for current structural applications.

Nonetheless, the wide range of FML variants studied and reported form an
impressive database of information on the potential ranges of properties that can be
achieved. It would therefore be foolish not to present a review of the available data
in this book.

2.2 Aluminium with Epoxy-Based Adhesive Systems

The first patented FML concept, ARALL, combined aramid fibres with aluminium
sheet materials and was initially developed for a Fokker F27 wing application. This
concept has been thoroughly investigated especially with respect to its fatigue
characteristics [6]. Developing the concept for fuselage applications, however,
revealed poor fatigue resistance due to compressive cycle-induced fibre failure.
Subsequent development led to the FML based on glass fibres, named GLARE [7].

Because these two FML types, which are often denoted as the first- and
second-generation FML [3], have dominated the research and development of the
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FML concept in the past decades, an overview of these specific FML types will be
given first.

2.2.1 ARALL and GLARE, Codes and Standardisation

In general, FMLs have been treated as a material family, consisting of thin metal
layers with in-between fibres embedded in an adhesive system. From the intro-
duction of the first concept (ARALL) onward, trade names have been filed to
describe the laminates developed. However, the introduction of trade names for
particular configurations seems to add to confusion.

For example, GLARE has been defined by Roebroeks in [8] as the FML based on
unidirectional S2-glass fibres embedded in FM94 adhesive (manufactured by Cytec).
This is in principle another material system than originally introduced by him in [7]
based on the AF163-2 adhesive (manufactured by 3 m). The AF163-2 system was
selected at the time based upon the observed high resistance against delamination
obtained in an optimization study. Nevertheless, the FM94 adhesive system has been
adopted for the FML application on the Airbus A380 for cost reasons.

Indifferent of the reasoning for selecting FM94, it should be noted here that
neither the trade name GLARE, nor the grading (GLARE1, GLARE 2, etc.)
changed when the other adhesive system was adopted. Technically, the question
rises whether the proposed coding is sufficient to describe the material composition.
In fact, the aluminium alloy, the fibre type and the adhesive system are only
implicitly considered in the name and grading, but are not explicitly defined. It
seems that the freedom of tailoring the FML concept similar to the tailoring of
fibre-reinforced polymer composites conflicts with the approach adopted in the
metal world to code each material.

To illustrate the issue, one may for instance take a closer look at GLARE. As the
name indicates, GLARE is a laminate consisting of aluminium reinforced by glass
fibres. In general, this could be any combination of glass fibres, aluminium alloys
and adhesive systems, as it has not been defined explicitly. Within the community
involved in development of GLARE for the A380 [1], the application of unidi-
rectional S2-gass fibre/FM94 epoxy prepreg has always been considered in com-
bination with aluminium 2024-T3, see Table 2.1.

However, a study has been published on the aging effect with fatigue of GLARE
[11], where instead of unidirectional prepreg, woven fabric was applied, see
Fig. 2.1. It may still be considered GLARE, but the observed behaviour might not
directly relate to experimental observations for GLARE based on unidirectional
prepreg. For example, the delamination behaviour at the metal/fibre interfaces for
unidirectional prepreg and fabric is known to be different [6, 12].

Another example here is the introduction of so-called High Static Strength
(HSS) GLARE [10], which is composed of 7475-T761 alloys with the same S2-glass
fibres as in GLARE, but in a different high-temperature curing epoxy system.
Although presented as an evolution in [10], it mostly comprises a variation similar to
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Table 2.1 Standardized ARALL and GLARE grades [7–10]

Grade Alloy Metal
thickness

Fibre
orientation

Fibre Epoxy Curing
(°C)

Condition

ARALL-1 7075-T6 0.3 0/0 HM
aramid

AF163-2 120 0.4%
post-stretched

ARALL-2 2024-T3 0.3 0/0 HM
aramid

AF163-2 120 As-cured

ARALL-3 7475-T761 0.3 0/0 HM
aramid

AF163-2 120 0.4%
post-stretched

ARALL-4 2024-T81 0.3 0/0 HM
aramid

AF191 175 As-cured

GLARE1 7075-T6 0.3–0.4 0/0 S2-glass FM94 120 Post-stretched

GLARE2A 2024-T3 0.2–0.5 0/0 S2-glass FM94 120 As-cured

GLARE2B 2024-T3 0.2–0.5 90/90 S2-glass FM94 120 As-cured

GLARE3 2024-T3 0.2–0.5 0/90 S2-glass FM94 120 As-cured

GLARE4A 2024-T3 0.2–0.5 0/90/0 S2-glass FM94 120 As-cured

GLARE4B 2024-T3 0.2–0.5 90/0/90 S2-glass FM94 120 As-cured

GLARE5 2024-T3 0.2–0.5 0/90/90/0 S2-glass FM94 120 As-cured

GLARE6A 2024-T3 0.2–0.5 +45/−45 S2-glass FM94 120 As-cured

GLARE6B 2024-T3 0.2–0.5 −45/+45 S2-glass FM94 120 As-cured

HSS
GLARE3

7475-T761 0.2–0.5 0/90 S2-glass FM906 175 As-cured

HSS
GLARE4A

7475-T761 0.2–0.5 0/90/0 S2-glass FM906 175 As-cured

HSS
GLARE4B

7475-T761 0.2–0.5 90/0/90 S2-glass FM906 175 As-cured

Fig. 2.1 Cross sections of GLARE laminates based on woven fabric [11] (left) and based on
unidirectional prepreg (right)
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the variation initially applied to ARALL, where 7475-T761 and 175 °C curing sys-
temswere already exploited for specific FML types. In fact, the origin of HSSGLARE
is related to the higher static strength compared to standard GLARE, reducing the
fatigue crack initiation life provided by the latter one considerably.

Because of the increased laminate variations, Airbus, for example, changed the
laminate designations to 2024-FML, 7475-FML and 1441-FML, instead of the
traditional names GLARE and HSS GLARE

These examples illustrate that the FML concept, or even the FML family, is not a
family of materials, but a structural laminate concept. Depending on the structural
applications, a specific combination of alloy, fibre and adhesive may lead to optimal
performance of the structure, which does not necessarily translate to an overall
increase in mechanical properties at material level. The reader should bear this in
mind when reading this chapter on the laminate concepts and their properties.

2.2.2 Aramid Fibres (ARALL)

The FML ARALL, initially developed for lower win skin of the Fokker F27 and
F50 [1], was the first laminate concept that achieved a structural application, which
was on the C-17 cargo door. This made ARALL the first concept to successfully
navigate through the process of material specification and qualification, allowable
determination, and development of design and manufacturing principles [10].

Although for the qualified ARALL laminates the constituents are specified, see
Table 2.1, different materials have been considered in the early development.
Marissen investigated the performance of ARALL laminates containing aramid
prepreg and fabric, where in the latter case the laminate was manufactured by
placing the dry fabric between structural adhesive films [6]. In his research, the fibre
volume fraction of the Twaron HM aramid layer was subject of investigation, while
in addition different adhesive systems were applied. Although in the end AF163-2
from 3 m was selected for ARALL-1 to ARALL-3, initially BSL-312-UL from
Cyba-Geigy and FM123-5 from American Cyanamid were considered.

In the context of Marissen’s research where the shear deformation of the
resin-rich layer at the interface between aluminium and fibre layer was deemed
important for fatigue crack propagation, Mangkoesoebroto [13] observed that
increasing the resin-rich layer thickness increases the delamination resistance of that
interface. That, and the observed difference in delamination resistance between
unidirectional fibre plies and woven fabrics [6, 12] created different fatigue crack
growth characteristics between the ARALL laminates containing prepreg and the
ones with woven fabric.

The typical mechanical properties of the commercial ARALL laminates are
presented in Table 2.2. The values given in this table relate to the 3/2 lay-up based
on 0.3 mm aluminium. A first estimation of the properties for different lay-ups or
aluminium layer thicknesses can be made using a rule of mixtures and the appro-
priate constituent properties, i.e. aluminium and directional prepreg layers.
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From the values for the L and LT orientation of the laminates, the directionality of
the laminates is evident. The ARALL laminates, initially developed for lower wing
skin panels, have fibres oriented in one direction, providing very high strength and
(tangent) stiffness in fibre direction, but significantly less in the transverse direction.

Evident in Table 2.2 and typical for FMLs is the high yield strength for unidi-
rectional laminates. However, a remark must be made here. The yield strength here
and in most literature is presented as intersect between the stress–strain curve and
the 0.2% strain offset of the elastic curve.

Figure 2.2 illustrates that despite the fact that plasticity in the metal layers of the
FML starts at a lower stress compared to monolithic aluminium, the lower stiffness
and the higher tangent modulus result in a higher 0.2% strain offset stress for the

Table 2.2 Typical mechanical properties of ARALL laminates with 3/2-0.3 lay-up [9, 14, 15]

Property Orientation ARALL-1 ARALL-2 ARALL-3 ARALL-4

Tension rult L 800 717 828 731

LT 386 317 373 338

r0.2 L 641 359 587 373

LT 331 228 317 317

Et L 67.6 64.1 68 64.1

LT 48.3 49 51 49

eult L 1.9 2.5 2.2 2.6

LT 7.9 12.7 8.8 4.6

m L 0.33 0.32

LT 0.25 0.26

Compression r0.2 L 372 262 345

LT 393 234 365

Ec L 70 67 66

LT 52 52 50

Shear s0.2 L 117

LT 114

G L 17 17

LT 16

Blunt notch rnet L 497a 401a

LT

Bearing rult,e/D=2.0 L 655 531

LT 703 545

rult,e/D=3.0 L 738 565

LT 724 545

ryield,e/D=2.0 L 586 386

LT 607 386

ryield,e/D=3.0 L 703 455

LT 669 441
aMaterial not produced by ALCOA
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FML. This means that stress engineers must consider how the yield strength is
implemented in their definition of allowables and what that implies for their
structural sizing.

As a consequence of the initial objective of FML development, the fatigue
resistance was improved with ARALL laminates in particular when post-stretching
was adopted. The crack growth resistance for the post-stretched laminates is sig-
nificantly higher than for monolithic aluminium. Figure 2.3 illustrates the difference

0.2%

σ

ε

aluminium

FML

σ0.2-FML

σ0.2-alum

Fig. 2.2 Difference between the 0.2% strain offset yield strength for aluminium and FMLs
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Fig. 2.3 Crack propagation curves for the ARALL-2 and ARALL-3 laminates tested at two
different ground stress levels (landing); data from [16]
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in crack growth between as-cured ARALL-2 and post-stretched ARALL-3 sub-
jected to wing load spectra.

The fatigue resistance, or more specifically, the fatigue initiation resistance, of
ARALL-2 is less than that of monolithic aluminium, while it is superior for the
post-stretched ARALL-3 laminates. The relatively high stiffness of the aluminium
layers compared to the overall laminate stiffness creates a higher cyclic strain cycle
in the aluminium layers, compared to monolithic aluminium. This means that
nucleation of fatigue cracks can occur earlier in as-cured laminates.

On the other hand, the reversal of internal residual stresses induced by the
stretching technique creates compressive residual stress in the aluminium layers that
effectively reduces the mean stress of the fatigue stress cycle. As a consequence, the
nucleation of cracks is delayed.

The durability of ARALL laminates is mainly dictated by the corrosion resis-
tance of the applied aluminium alloys and the moisture absorption characteristics of
the aramid fibres. Whereas the 7475-T761 has better exfoliation corrosion char-
acteristics than the 7075-T6, in general the corrosion resistance of ARALL can be
increased by applying cladding to the outer aluminium layers. This implies that the
laminates are manufactured from bare aluminium inner layers and aluminium with
single-sided cladding as outer layers.

Note that the FML properties provided in this section are for laminates tested
either in the L or LT direction. The reader should bear in mind that for structural
justifications the off-axis properties are of equal importance. The subject of off-axis
loading is discussed in later chapters.

2.2.3 Glass Fibres (GLARE, Central)

The GLARE laminates (Table 2.3) were developed to overcome the poor fatigue
performance of ARALL laminates in case compressive load cycles occur in the load
spectrum. The compressive stability of the ARALL fibres in combination with the
adhesion characteristics between fibre and epoxy caused fibre failure under fatigue
load spectra with either low stress ratios or with compressive load cycles. The
advancement of the glass fibre application in the FML concept therefore relates
directly to the higher compressive stability of the glass fibres.

The application of glass fibres instead of aramid fibres in itself would not have
been sufficient for filing a new patent [17], because the glass fibres were mentioned
in the original ARALL patents. However, the fact that the glass fibres exhibit strain
rate effects that significantly increases the impact performance of FMLs opened the
door to further develop and tailor the laminated concept.

The following glass fibres have been evaluated for application in FMLs [18]:

– S2 glass (solid and hollow)
– R-glass
– E-glass
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The S-glass and R-glass have similar characteristics, while the E-glass has a
lower stiffness and strength. For the FMLs for primary aeronautical structures, the
stiffness is important, and often it is desired to have an FML stiffness close to the
stiffness of monolithic aluminium. A small stiffness difference between aluminium
and FMLs allows the application of FML skin with aluminium backup structure,
without having the risk of fatigue damage in frames and stringers.

In an attempt to develop the FML concept further for thick lower wing panels,
alternative lay-up concepts have been developed. Building up thick panels from
thin metal sheets with composite plies may imply a burden on the manufacturing
processes of such large wing panels. Primarily driven by the philosophy that thicker
aluminium layers had to be applied in the concept, the CentrAl concept was
developed [22].

The CentrAl concept uses GLARE as inner reinforcement in a laminate with
aluminium layers of up to 1.6 mm. This concept is basically similar but reversed to
an earlier lower wing panel concept, where thick aluminium plates were bonded
between FML facings.

Because the application of thicker aluminium layers implied higher load transfer
in case of fatigue crack growth, very large delaminations were observed, making
fibre bridging ineffective. The required increase in delamination resistance of the
aluminium prepreg interface was created by adding more resin to the interface in a
so-called resin-rich layer. This concept is based on the earlier mentioned report by
Mangkoesoebroto [13] who observed this improvement in behaviour in ARALL.
The thicker the resin-rich layer at the interface, the more the shear deformation is
unconstrained, reducing the shear stress peak at the delamination tip and thus the
delamination growth.

2.2.4 Carbon Fibres (CARE/CARALL)

The apparent benefit of substitution of one fibre type by another in FMLs inspired
people to widen the scope of fibre types. Because of the large variation in carbon
fibre types available, varying from high strength to high modulus fibres, it appeared
to be an excellent step to study the behaviour of FMLs reinforced with carbon fibres
[23, 24] (Table 2.4).

Over the years, several studies have been performed [23–33] that all seem to
have a recurring theme in the investigation; the issue of galvanic corrosion. The
combination of aluminium with carbon fibres is prone to corrosion induced by the
difference in potential between the two materials. Preliminary investigations indi-
cated that the issue of galvanic corrosion could be solved if the aluminium remains
isolated from the carbon fibres. To provide the isolation, concepts have been pro-
posed in which either aluminium layers are protected with thermoplastic
polyetherimide coatings or in which additional glass fibre layers are added between
the aluminium and carbon fibre layers [24]. However, these approaches still require
additional measures at locations where holes are drilled and fasteners are installed.
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A driver behind the investigation of carbon fibre application in FMLs was the
excellent crack growth characteristics of such laminates. The stiffness of the carbon
fibres provided ply stiffness higher than aluminium, which could not be achieved
with glass fibres and aramid fibres.

There was, however, a problem to be encountered; the coefficient of thermal
expansion of these fibres differed significantly from the values known for alu-
minium, and even glass fibres. Adding the high stiffness to the problem, extremely
high tensile residual stresses were obtained after curing. In other words, carbon
fibres may contribute to the crack growth phase of the fatigue life (damage toler-
ance), and certainly reduced the initiation life (fatigue).

2.2.5 Polymer Fibres (HP-PE, Zylon)

Rather than studying the application of aramid-, glass- or carbon fibres, several
studies focused on the performance of polymer fibres in FMLs. For example, in the
early days of the ARALL development, Meyers and Roebroeks [34] investigated
the application of high-performance polyethylene (HP-PE) fibres in FMLs. They
determined the stiffness of the non-impregnated and impregnated fibres to address
the performance of the HP-PE fibres in an FML containing aluminium layers. From
the tensile tests it appeared that the consolidated fibres had half the stiffness of the
non-impregnated fibres, resulting in an FML with similar stiffness to ARALL
(Table 2.5).

In addition, because of the low adhesion characteristics between the HP-PE
fibres and the epoxy, the fibres failed under low compression loading. This problem
was to a lesser extent observed in ARALL when developing the FMLs for wing
panel applications. The research was therefore not continued.

Another polymer fibre that has been studied for FML applications more recently
was the Zylon fibre [35]. Zylon is a synthetic polybenzoxazole (PBO) fibre that has

Table 2.4 Investigated carbon fibre-reinforced aluminium laminates [24]

Fibre Adhesive vf (%) tf (mm) Tcure (°C) Lay-up tlam (mm) rult (MPa) E (MPa)

HM AF163-2 58 0.22 120 UD –2/1 0.82 800 105

HTA AF163-2 58 0.27 120 UD –2/1 0.82 984 89.9a

T300 DLS1095 60 0.20 120 UD –2/1 0.80 747 85.2

CP–3/2 1.30 585 71.3

IM600 Fibredux 924C 60 0.105
0.21
0.315

180 UD–2/1 0.705
0.81
0.915

896
1218
1395

87.6a

99.3a

108.1a

T800 Fibredux 924C 60 0.2 180 UD–2/1 0.80 1030 100

CP–3/2 1.30 728 75.1

FT700 AF163-2 55 0.23 120 UD–2/1 0.83 675 170
aCalculated values
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a strength and modulus almost double that of Kevlar® (p-Aramid fibre) with a
density equivalent to aramid fibres [36].

The decision to study the application of Zylon fibres in FMLs was primarily
driven by the high stiffness and strain to failure of the fibre. The higher stiffness was
required to obtain FML stiffness equivalent to or higher than monolithic aluminium.
The strain to failure is generally considered the limiting parameter for residual
strength. The slowly propagating cracks, for which FMLs are known, come along
with a slowly reducing residual strength. One advantage of GLARE over mono-
lithic aluminium is that the strength is very high, while the reduction in strength
induced by cracks or blunt notches such as holes is gradual and relatively small.
This is attributed to the strain to failure of the FML in combination with the high
strain hardening and strength. The energy absorption characteristics directly
influence the residual strength capability. Reduction in the strain to failure by
application of high modulus fibres would increase the strength, but significantly
reduce the residual strength.

However, research revealed that for an FML containing Zylon the residual
stresses after curing were extremely high due to large difference between the
coefficients of thermal expansion of the Zylon prepreg and aluminium. This led to

Table 2.5 Overview of studied fibre properties

Fibre properties Prepreg properties

Fibre E
(MPa)

rult

(MPa)
eult
(%)

q
(kg/dm3)

Vf (%) Adhesive

HM aramid
(Twaron)

124 2800 2.5

Aramid 121 2800 2.0 1.45 50 AF163-2

S2-glass 88 4400 4.7 2.0 60 AF163-2
FM94
FM906
DLS1611

E-glass 66 2350 3.6

R-glass 88 4400 4.7 1.98 60

HM 358 2350 0.6 1.79 58 AF163-2

HTA 238 3400 1.4 1.77 58 AF163-2

T300 230 3530 1.5 1.77 60 DLS1095

T800 294 5590 1.9 1.81 60 Fibredux
924C

FT700 700 3300 0.5 2.16 55 AF163-2

IM600 295 5400 1.7 1.79 60 Fibredux
924C

T-650/35 255 4280 1.7

HP-PE 76–110 2980 2.7 45–92 AF163-2

ZYLON AS 180 5800 3.5

M5 290 4000 1.5 Epoxy
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high tensile stresses in the aluminium, corresponding to high compressive stresses
in the Zylon layers. However, the compressive modulus of elasticity of Zylon
appeared to be about half the tensile modulus. As a consequence, the linear elastic
tensile behaviour of the as-cured FML was dictated by the compressive modulus of
Zylon rather than the tensile modulus, with an FML stiffness equivalent to GLARE.

In production, the high toughness of the fibres induced manufacturing chal-
lenges, because milling and drilling FML panels containing Zylon fibres induces
significant tool wear, but requires sharp tooling to avoid fibres being pulled out of
the laminate.

2.2.6 M5 Fibres

To solve the aspect of low compressive strength and even low composite modulus
of elasticity related to the polymer fibres, AKZO developed a rigid rod polymer
fibre called M5 [37]. The fibre has an excellent combination of strength and stiff-
ness, providing sufficient strain to failure to benefit from this fibre type in FMLs
(Fig. 2.4).

The related studies performed at TU Delft, however, showed that the tensile
strength of an M5-FML is about 34% lower compared to standard GLARE, which
is primarily related to the strain to failure. The stiffness on the other hand was
observed to be 13% higher [38, 39, 40]. Interestingly enough, the blunt notch
strength of M5-FML is similar to that of standard GLARE, while the residual
strength appeared to be somewhat lower.
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Fig. 2.4 Stress–strain curves for the fibres listed in Table 2.5, tested in previous studies
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The major benefit, however, was observed in fatigue crack growth; the crack
growth rates were significantly lower than those of GLARE, which were already
quite low.

2.3 Other Metal Constituents

Although most work has been performed on FMLs with aluminium as the prime
metal constituent, quite a number of studies report the application of other metals
and alloys in FMLs. The motivation for the application of other metals may vary.
Some studies are driven by seeking better stiffness compatibility with carbon fibres,
or by avoiding galvanic corrosion issues when combining with carbon fibres. Other
studies aim to develop FMLs for high-temperature applications, like for the
high-speed civil transport aircraft or for military applications.

2.3.1 Titanium-Based FMLs

The application of titanium sheet material in FMLs has been studied a number of
times. One of the first studies reporting the application of titanium is by Medenblik
[27], who combined the commercial alloy Ti-6Al-4 V with a thermoset phenolic
triazine resin or with a thermoplastic PEEK resin in a unidirectional FML. In
evaluating the mechanical and adhesive properties, Medenblik concluded that the
latter properties were greatly influenced by the surface pre-treatment of the titanium
alloys. Anodization did not result in a durable oxide layer, leading to adhesive
failures rather than cohesive failures.

Concerning the mechanical properties, Medenblik reported that except for the
ultimate strength most properties in the longitudinal direction were comparable with
the monolithic titanium properties, while in the long transverse direction they were
lower. In particular, the blunt notch strength indicated high notch sensitivity,
although the residual strength tests seem to show the opposite. In the end, only the
fatigue performance was superior compared with the fatigue performance of the
monolithic Ti-6Al-4 V.

The latter observation is in agreement with the evaluation of fatigue crack
propagation and delamination growth of titanium-based FMLs as reported both by
Burianek [41, 42] and by Rans [43, 44]. The fatigue performance, even at elevated
temperatures, demonstrated the applicability if these laminates for high-temperature
applications. Nonetheless, some of the non-reported work has also illustrated the
point raised by Medenblik [27] on the surface pre-treatment of titanium.
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2.3.2 Stainless Steel-Based FMLs

Stainless steel could serve as an alternative to titanium in FMLs in combination
with carbon fibres. The combination eliminates galvanic corrosion as an issue,
while the higher stiffness of stainless steel over titanium creates better compliance
with in particular high modulus carbon fibre layers [46]. The downside of stainless
steel is the higher density, which puts constraints on the maximum thicknesses of
individual layers. Most studies therefore report the application of 0.1 mm AISI
316L stainless steel in FML configurations [45–47], although some studies apply
thicker layers, like 0.6 AISI 304L [48].

The tensile static and fatigue properties of these stainless steel-based FMLs are
generally high in comparison to aluminium-based FMLs. The high stiffness and
failure strength seem to imply a significant benefit over the application of alu-
minium in an FML, but here one has to be careful. The thin layers, in particular the
0.1 mm thin AISI 316L layers, impose problems in compression, because the
stability of these thin layers is insufficient to avoid local sheet buckling in the
laminate.

Hence either thicker layers must be adopted, like in [48], which comes at the cost
of significant weight, or applications must be considered which are primarily loaded
in tension.

2.3.3 Magnesium-Based FMLs

Few studies report the application of magnesium in FMLs. The obvious benefit of
magnesium over any of the other metal constituents is its lower density [49].
However, one should be aware that the specific properties may not substantially differ
from those of many aluminium alloys. Evaluating the static and fatigue properties of
FMLs based on magnesium alloys has illustrated that both the mechanical properties
and the fatigue properties are similar to standard GLARE, when presented in the form
of specific properties, i.e. normalizing by the densities [50].

Opposite to the application of thin stainless steel sheets in FMLs, where
applications primarily loaded in tension should be considered, it seems that
magnesium-based FMLs may excel mostly in compression dominated structures.
The lower density of the magnesium allows to apply layers which are thicker than
traditionally considered for aluminium-based FMLs, which can improve the com-
pression stability of laminates substantially. In particular if a hybrid concept is
adopted where the internal metal layers are made of magnesium, with only the outer
layers made of aluminium [51].
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2.4 Thermoplastic Adhesive Systems

Most of the FML research concerns the utilization of thermoset matrix systems for
the composite plies. The application of thermoset-based composites is widely
accepted in the aeronautical industry and only recently have structural concepts
been developed based on thermoplastic systems.

However, some studies evaluate the application of thermoplastic matrix systems
in FMLs. The primary problem to cope with is the required high curing tempera-
tures to consolidate the composite. For most high-strength aluminium alloys, these
high curing temperatures imply heat treatments to the aluminium with detrimental
consequences for its mechanical properties. For example, a preliminary study by
Van Velze [52], who investigating the mechanical properties of ARALL laminates
with PEI, PPS and acetal copolymer as matrix system, revealed that the higher
curing stresses negatively impact the mechanical and fatigue properties. In
post-stretched condition, the thermoplastic ARALL laminates performed similar to
post-stretched ARALL based on AF163-2 epoxy matrix. The only benefits that
could be demonstrated at the time were absence of fibre failure in fatigue testing
as-cured laminates, and the improved fatigue performance at elevated temperatures
up to 190 °C.

Because high curing temperatures limit the application of various aluminium
alloys, most studies seem to focus on the application of carbon fibre embedded in
thermoplastic matrix system combined with titanium in an FML. Titanium alloys
can be operated at higher temperatures and allow curing of the thermoplastic
composite within the FML at higher temperatures.

Although some initial manufacturing trials and analyses were performed to
determine the mechanical performance of FMLs based on titanium and carbon
fibres embedded in thermoplastic matrix, [53], most research has focussed on
impact performance [54, 55].

2.5 Innovative Hybridization Concepts

The concept of FMLs, combining the world of two distinctly different material
classes, was innovative and advanced at the time of introduction. Nowadays, the
concept is state-of-the-art and fully mature with the application on the Airbus A380.

The literature illustrates that along with the development of this hybrid concept,
research is performed to increase the fundamental understanding of all mechanical
and physical aspects involved with the material technology. Often prediction
models, initially highly empirical of nature, are improved in parallel with the
development of structural applications.

The advantage of that process is that the research receives focus from the
structural application, requiring answers to more specific questions regarding the
predictive capabilities of the prediction models. In the end, stress engineers need
these models to substantiate the development of design principles and stress
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allowables. However, the drawback is that the academic research changes its
horizon from medium- and long term towards the short term. To avoid tunnel vision
in research, effort should be put in continuous questioning of the research per-
formed and models developed, for its applicability and validity towards the
long-term future.

To that aim, Rensma [45] investigated a selection of highly hybridized material
concepts that by no means were chosen for their potential in aeronautical appli-
cations, but mainly to identify the blind spots in the understanding and modelling of
FMLs at that time. The concepts investigated were selected as theoretical extrap-
olations on current research trends.

The review in this chapter illustrates that FML concepts were studied in which
constituents were varied, but often the thickness of individual constituents was kept
the same. Alternatively, studies were performed in which the constituents were kept
the same, but thicknesses varied. For example, the CentrAl concept was composed
of standard GLARE constituents, but the distribution of ply thicknesses throughout
the laminate was changed.

For that reason, Rensma selected hybrid laminate concepts in which both con-
stituents and thicknesses were varied in order to identify the limitations in under-
standing. An overview of investigated concepts is illustrated in Fig. 2.5.
Combinations with aluminium, stainless steel, S2-glass fibre layers and carbon fibre

Reference 1
4 mm 2024-T3 
GLARE2-5/4-0.4 

Reference 2
GLARE2-5/4-0.4 

Reference 3
St/C2-3/2-0.1 

Reference 4
St/C3-3/2-0.1 

0.4 mm 2024-T3

0.133 mm S2/FM94

0.05 mm FM94

0.1 mm Steel

0.133 mm C/FM94

0.133 mm 90°C/FM94

Legend

Reference 2
GLARE2-5/4-0.4 

Concept A
0.4 mm 2024-T3 

St/C2-3/2-0.1 

Concept B1 (T700)
0.4 mm 2024-T3 
St/15°C2-3/2-0.1 

Concept B2 (T800)
0.4 mm 2024-T3 
St/15°C3-3/2-0.1

Concept C
0.4 mm 2024-T3 
St/15°C3-3/2-0.1

0.133 mm 15°C/FM94

0.4 mm 2024-T3

Fig. 2.5 Lay-up of hybrid concepts and the reference laminates (prepreg and adhesive thicknesses
are nominal thicknesses after curing), ‘15°’ indicates ±15° orientations

24 2 Laminate Concepts & Mechanical Properties



layers were considered. The overall conclusions were that trends could be predicted
fairly well, but that the improvements of mechanical and damage tolerance prop-
erties highly depended on the constituents used. Some of the specific findings of
this research are presented in later chapters.
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Chapter 3
Patents and Intellectual Property

Abstract Along with the developments of hybrid laminated configurations com-
prising metallic and fibre-reinforced polymer constituents, patents have been filed
to protect the intellectual properties associated with these developments. This
chapter provides an overview of the patents filed worldwide over the past three
decades to illustrate the various structural-, material-, and manufacturing concepts
developed. These concepts are subsequently discussed with respect to their novelty
and innovation.

3.1 Introduction

Since the introduction of the FML concept, numerous patents have been filed on
different variants and related manufacturing principles. Taking a closer look at the
patents on these hybrid technologies that have been filed over the last two decades
illustrates the development of subsequent concepts, but sometimes also witnesses
the lack of new inventions. A first review has been published in [1], which is
extended into a more complete overview, including recent patents, in this chapter.

3.2 Material Concept Development

3.2.1 Improving Fatigue and Crack Growth

In the early days of the development of the FML concept, the aim at TU Delft was
to improve the fatigue behaviour of aluminium as explained by Vlot [2]. At first, a
laminated stack of thin aluminium sheets was developed with higher fatigue
resistance than equivalent thick monolithic panels [3, 4]. Then, the adhesive was

This chapter is a modification and extension of the original paper, with permission by Bentham
Science Publishers.

© Springer International Publishing AG 2017
R. Alderliesten, Fatigue and Fracture of Fibre Metal Laminates, Solid Mechanics
and Its Applications 236, DOI 10.1007/978-3-319-56227-8_3
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reinforced with fibres. This chronology in the development process can be read in
the formulation of the original patents [5, 6] that speak about metal layers bonded
together with a metal adhesive system, which is reinforced by high modulus fibres.

Schijve et al. [5–7] filed the original patents on the FML concept and corre-
sponding manufacturing method on behalf of Delft University of Technology. The
patent describes the application of aramid/Kevlar fibres, but also mentions carbon
and glass fibres. The laminate potentially could comprise 3–25 aluminium layers
with a thickness between 0.3 and 0.7 mm, where in between the aluminium layers
one or more plies of fibre-reinforced polymer could be applied in one or more
directions. The aluminium sheet thickness range of 0.3–0.7 mm was added to avoid
conflict with prior but not well-documented work on composite-reinforced metals
by Fokker, British Aerospace and Boeing [2].

According to the patent, the fibre-reinforced polymer layers consist of parallel
filaments of continuous fibres positioned straight within the ply preferably as
pre-impregnated fabric. The number of plies and directions specified could indicate
for example a cross-ply laminate.

As result of the manufacturing procedure in which fibres were paced between
two adhesive films, the fibres in the original concept were often concentrated in the
centre of the composite layer, leaving resin-rich layers at both interfaces with the
metal layers [8]. The laminate concept, together with this through-thickness fibre
distribution, is illustrated in Fig. 3.1a.
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resin rich layer 

fibre/epoxy layer, 

metal, 
t=0.1 - 0.7 mm
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direction
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single ply 90°, 
t=0.133 mm

single ply 0°, 
t=0.25 mm

2024-T3, 
t=0.51 ,0.3 mm

Fig. 3.1 a Original FML concept based upon aramid or Kevlar fibres [5–7]. b FML concept based
on a glass/epoxy reinforcing layer with a FVF of 46% as proposed in [15]; image from [1]
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The FML concepts that were developed up until 1990 consisted of laminated
aluminium layers bonded by a metal adhesive reinforced with aramid fibres.
The FML concept was further developed replacing the aramid fibres by glass fibres
by Roebroeks [9]. The replacement related among others to the observation of
aramid fibre buckling and failure in ARALL when loading under fatigue at low
stress ratios. However, when Vogelesang and Roebroeks [10] introduced the
application of glass fibres in the metal adhesive in 1991, they gave as reason to
increase the blunt notch behaviour of the FMLs. The blunt notch strength is the
strength of a material containing a blunt open hole, also often denoted as open hole
strength, see Chap. 5. It was observed that for FMLs this parameter is an important
parameter in design.

The basic FML concept comprising metallic layers with unidirectional
fibre-reinforced polymer layers oriented in at least two directions had been intro-
duced with the above-discussed patents. The next step in the development was
taken by Roebroeks [11]. He introduced an FML containing cross-ply fibre layers
between the aluminium layers, which consisted of two different fibre types. As a
consequence of the loads on a fuselage skin, the stresses in longitudinal direction
are different from the stresses in circumferential direction. To tailor the laminate
towards the occurring loads and required fatigue lives, the concept of different fibre
types within one laminate was developed.

Another FML concept was proposed by Moreton and Peel [12], who aimed to
develop an FML with better fatigue initiation and crack growth properties com-
pared to the original FMLs [5, 6] as well as better compression stability. The
increase in fatigue initiation properties could be achieved by pre-straining, or
post-stretching the FML, as will be discussed later, but at the expense of higher
manufacturing costs. Moreton and Peel improved the FML by application of metal
matrix composites containing ceramic particles or whiskers as reinforcement,
instead of standard aerospace aluminium alloys.

The higher stiffness of the aluminium sheets increases the buckling stability of
such FML, but in order to benefit in fatigue, it required the application of composite
layers with stiffnesses at least equivalent to the aluminium. Because the authors
observed that both particle and whisker reinforcement provided equal performance,
they proposed to reinforce the aluminium with 1–3% lithium in proportion by
weight. In practice, they worked with the 8090 aluminium lithium alloy which has a
higher stiffness at a lower density compared to the standard aerospace alloys.

In reference to the original FML patent [5, 6], Hilders [13] also developed an
FML concept to further increase the fatigue performance. The concept comprises
four fibres layers in between the aluminium layers, which are oriented at angles of
45° with one another. The fibres are subsequently stitched together at the point
where fibre layers cross each other, to form a cohesive fibre stack bridging the
aluminium layers.

An observed benefit of the concept is that the resulting FML almost has an
isotropic character, attributed to the quasi-isotropic lay-up of the fibres and the
cohesive structure created by the stitching. In application, such a laminate requires a
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3/2 lay-up in order to be symmetric with respect to its neutral axis, to avoid bending
and warping after manufacturing.

The fact that the FML concept did not remain limited to aerospace applications
was illustrated recently by Suarez Bermejo et al. [14] who filed a patent on a basic
FML concept where steel layers are reinforced by glass fibre composite plies. They
considered their FML concept a good candidate material for shipbuilding.

Because the panels can only be made in certain dimensions, the concept they
proposed included connection of panels using some sort of splice configuration.
Rather than proposing a splice configuration in which only metallic layers are
spliced and fibre layers remain continuous, see Sect. 3.3, they propose to join FML
panels stepwise in thickness interrupting both metal and composite layers.

3.2.2 Improving Impact Resistance and Tolerance

Roebroeks and Mattousch [15] introduced an FML concept as impact-resistant
material where the fibres are oriented in two perpendicular directions in a sym-
metric lay-up, Fig. 3.1b. The configuration seems to be very similar to and to great
extent covered by the original patent, but they specified that the fibres are either S2-
or R-glass fibres, because of the strain rate effect. At the high strain rates during
impact, the strain to failure of glass fibres increases, which is not the case for most
other fibres. In their concept, the fibre layers are not woven, but continuous parallel
filaments pre-impregnated as unidirectional prepregs. Cross-ply laminates are
manufactured by placing two unidirectional layers perpendicular to each other. The
polymeric material in [15] could be either thermoset or thermoplastic, although
epoxy is preferred.

In the attempt to further increase the impact resistance of the FML concept [15],
Roebroeks [16] developed a concept where various FMLs are clamped to each other
at the edges, but are not connected over the main surface area. The argumentation is
that during the impact sequence, the individual FMLs can move freely with respect
to one another, enabling a more global deformation of the FMLs at the
non-impacted side. The connection at the edges is necessary to avoid overall failure
of the concept once impact occurs.

Vogelesang et al. [17] developed an armour plate concept containing ceramic
layers at the impact side connected to a sublayer at the non-impact side. This
sublayer is composed of an FML of which the aluminium layers are bonded
together with an impregnated woven fabric. The thickness of the aluminium layers
could range between 0.1 and 2 mm. One of the claimed concepts is illustrated in
Fig. 3.2.

An alternative FML panel concept for high impact resistance was developed by
Musaefendic [18]. The concept comprises the lay-up of metal layers and fibre
layers, whereas in this solution the fibre layers are not oriented in a planar fashion,
but in a three-dimensional structure with additional energy dissipating elements.
The prime function of these dissipating elements is to redirect the impact load,
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which is oriented perpendicularly to the panel, into the plane of the panel, creating
tensile and compressive loads in the outer longitudinal layers. The concept was
generically described, not limited to FML concepts containing only aluminium and
glass fibres.

Gunnink and Evancho [19–21] proposed FML lay-up configurations that have
only limited aluminium layers in the FML. The proposed FML lay-ups have a metal
volume fraction between 0 and 47%. Both unidirectional prepregs and woven
fabrics are considered applicable to the concept. The fibres types considered are
primarily aramid, PBO and/or ultra-high-molecular-weight polyethylene fibres, but
also glass fibres and carbon fibres are considered applicable.

The applications mentioned for these FMLs are impact-resistant objects like
explosive-resistant luggage containers (see Sect. 3.7), and wing leading edges.
However, considering the proposed lay-ups also liners could likely be considered.

3.2.3 Thickness Steps

The above-described FML concepts have resulted in the development of FML
laminates for commercial applications, especially aircraft fuselage and wing skin
applications. Because of the characteristics of these structures and the loads and
stresses acting on and in them, thickness variations are needed to limit structural
weight. These thickness transitions can be created in various ways.

The earlier-mentioned patent by Roebroeks [22] also describes an external ply
drop-off, where the outer aluminium layer and composite ply underneath end at a
certain location, see Fig. 3.3a.The concept comprises prepreg layers that terminate
while the outer aluminium layer is extended a defined length over that prepreg
run-out. The gap is filled with additional adhesive that under the applied curing
pressure will squeeze out if not confined. The outer aluminium layer will form itself
over the prepreg run-out following a self-forming concept.
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Fig. 3.2 Illustration of an armour plate concept with a ceramic layer at the impact side adhesively
connected to a sublayer composed of a FML [17]; image from [1]
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An alternative thickness transition was introduced by Rajabali and Ter Steeg
[23] based on discontinuous internal layers, often denoted as interlaminar ply
drop-offs. The concept is illustrated in Fig. 3.3b, where within the laminate one of
more prepreg layers are terminated, while the remaining prepreg and aluminium
layers are continued. The concept in Fig. 3.3b gives not only a transition in
thickness of the laminate, but also implies changing the grade of the FML. The
various FML grades that have been introduced for the aluminium/glass
FML GLARE are defined based upon the lay-up. Reducing the number of pre-
preg plies between two aluminium layers means that the grade changes.

In addition to the concept with discontinuous prepreg layers, Rajabali and Ter
Steeg developed a concept where at least one aluminium layer ends within the
laminate. An illustration of this concept is given in Fig. 3.3c. In this figure, it can be
seen that throughout the laminate prepreg layers are discontinuous in order to keep
the overall laminate lay-up at both sides of the transitions equal to the standardized
and qualified FML grades.

A concept that combines two different metals within the laminate has been
developed by Van Rooijen and Van der Zwaag [24]. The concept comprises an
FML with at least two aluminium layers that locally at the edges is reinforced by a
strip of metal with a higher elastic modulus, such as stainless steel. The reason for
the application of the additional metallic strip is to increase the bearing strength,
which might be required for a mechanically fastened joint.

(a)

(b)

(c)

Fig. 3.3 Illustration of an external ply drop-off (a) [22], a discontinuity in fibre/epoxy plies only
(b) and additionally in one aluminium layer (c) [23]; image from [1]
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3.2.4 Thick Panel Concepts for Lower Wing Covers

Gunnink [25] introduced a composite laminate with a thick aluminium plate in
between FMLs (See Fig. 3.4). This concept was developed for lower wing skin
panels, which usually consist of thicker skin panels compared to the fuselage skins.
Note that the sublayer in the armour plate concept [17] consisted of an FML with
potentially different layers; the thick aluminium layer in the FML in Fig. 3.2 could
be up to 2 mm, whereas the other layers could be as thin as 0.1 mm. Although the
difference might seem small between the two concepts, the innovation of the
concept of Gunnink is in bonding thick tapered aluminium layers to an FML with a
fibre-reinforced adhesive (prepreg) instead of with adhesive.

Recently, Roebroeks and Gunnink [26] introduced another similar concept
consisting of thick aluminium layers connected to FMLs. They claim that a similar
concept can also be applied to fuselage skin panels by reducing the aluminium layer
thicknesses. The concepts are illustrated in Fig. 3.5a, b, where the outer aluminium
layers are bonded by glass fibre epoxy prepreg to FML straps that are oriented
perpendicular to the glass fibre orientation. The straps are made of FML using a
Zylon fibre (PBO type) with a higher stiffness than glass fibre-based FMLs. The
post-stretching technique that will be discussed later in this chapter could be applied
to induce a favourable residual stress system. In case of lower wing skin panels, the
thick outer aluminium layers are bonded by an epoxy resin to the FML straps,
which for this configuration contain more layers.

Because the FML straps are being constrained within the outer aluminium
layers, they envisioned that the discontinuity between the individual straps will not
have a negative effect on the overall laminate properties. Although that might be the
case, one certainly could expect design constraints, in particular related to posi-
tioning mechanical fasteners.
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Fig. 3.4 Tapered lower wing skin concept [25]; image from [1]
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In the original concept [26], the thick aluminium layers are bonded to the FML
straps with only epoxy adhesive. Fatigue experiments illustrated that the fatigue
cracks that may occur in the outer aluminium layers propagate directly into the
outer layers of the straps. To avoid this, reinforcement was added to the adhesive
using high strength fibres, as illustrated in Fig. 3.5a. However, large delaminations
at the interface may then still reduce the effectiveness of the concept. As a solution
to this problem, Roebroeks and Gunnink [27] propose to bond the thick aluminium
layers to the straps using prepreg with a reduced Fibre Volume Fraction (FVF).
They explain that the reduced FVF may be obtained by adding a non-reinforced
resin layer to a standard prepreg with high FVF.
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Fig. 3.5 First central concept for fuselage (a) and lower wing skin panels (b) [26] and modified
central concept (c); light grey layers indicate potential addition of layers at both sides bonded with
the same fibre-reinforced epoxy systems with reduced FVF [27]; image from [1]
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Although not necessary limited to thick lower wing panel covers, the concept
proposed by Alderliesten and Benedictus [28] does apply to the lower wing cover
structure. In this concept, a hybrid laminate is proposed that utilized two
fibre-reinforced polymer systems of which one may be the state-of-the-art glass
fibre-reinforced prepreg, but where the other composite layers are made of
high-stiffness fibre reinforcements. Commonly, the lower wing cover FMLs are
unidirectional laminates, because of the dominant load case imposed by wing
bending. The torsional resistance of the wing box requires tailoring the shear
stiffness of the lower wing cover, which is usually low for unidirectional laminate.
Hence, the concept proposed in [28] uses high-stiffness fibre layers near the lam-
inate mid-plane but oriented under (positive and negative) angles with respect to the
wing span direction. The outer glass fibre layers remain unidirectional in the wing
span direction to resist against wing bending. The major advantage of this concept
is that the torsional and bending resistance can be tailored individually, by selecting
the appropriate angles for the high-stiffness fibres.

3.2.5 Alternative Fuselage Skin Concepts

In general, hybrid FML concepts for fuselage skin applications are rather thin, while
for lower wing covers the laminates are often rather thick. An exception to that may be
the concept proposed by Alderliesten and Conen [29], illustrated in Fig. 3.6.

The concept comprises a laminate containing magnesium layers near the
mid-plane of the laminate with a higher thickness than the aluminium layers in
FMLs currently standardized. Because of the lower density of magnesium com-
pared to that of aluminium, thicker magnesium layers can be considered. The range
in thicknesses proposed in [29] is 0.2–1.0 mm for the aluminium, with 0.4–2.0 mm
for the magnesium layers. With this concept, FMLs can be designed that have an
equivalent weight compared to standard FMLs like GLARE, but with higher
compression and shear stability properties.

In the concept, the outer metal layers are made of aluminium. With experiments,
it was demonstrated that the fatigue crack growth characteristics remain similar to

cross-ply UD fibre 
layers

magnesium 
layers 

aluminium layers, 
t=0.1 -2 mm

Fig. 3.6 Illustration of an FML concept utilizing inner magnesium layers with outer aluminium
layers, representing a concept with excellent compression and shear stability properties [29]
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the standard GLARE laminates. The fact that the fatigue properties and crack
growth resistance of the magnesium are less compared to the aluminium does not
impose a problem in the concept, because magnesium bears less load as result of its
lower stiffness compared to aluminium. Hence, fatigue cracks in the outer alu-
minium layers propagate slightly faster than the cracks in the magnesium layers,
which is preferred for reasons of inspectability.

The reason to maintain aluminium as the material for the outer metal layers is
related to the fire properties of magnesium. With the concept representing a good
candidate for lower fuselage sections, pool fires may impose the risk of igniting the
outer FL layer if it is made of magnesium. In the proposed concept, the magnesium
layers are protected predominantly by the subsurface fibre epoxy layers, which
substantially increase the burn-through resistance of FMLs.

FML-like GLARE and ARALL exhibit in general laminate stiffnesses that are
lower compared to the stiffness of the monolithic aluminium. This means that
fuselage skin structures made of GLARE will have superior fatigue properties
compared to monolithic aluminium, but that they may impose fatigue in longitu-
dinal stringers or circumferential frames if these are made from aluminium. To
avoid fatigue in the stringers, the stringers must be made of FMLs as well, as
discussed in Sect. 3.6.

An alternative FML concept that allows for monolithic aluminium back-up
structures was proposed by Alderliesten et al. [30]. In this hybrid concept, the glass
fibre prepreg layers underneath the stringers or frames can be replaced locally by
straps of high-stiffness fibre layers (See Fig. 3.7). This will increase the effective

UD glass fibre 
layers

UD strap of high 
stiffness fibres

aluminium
layers

(a)

(b)

cross-ply glass 
fibre layers

perpendicular straps of 
high stiffness fibres

Fig. 3.7 Illustration of local replacement of the UD glass fibre prepreg by a strap of high-stiffness
fibres in a unidirectional laminate (a) and a cross-ply laminate (b) [29]
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stiffness of the FML skin, which makes the FML skin more compliant to the
monolithic aluminium stiffener. Experiments have demonstrated that the fatigue
performance of the monolithic aluminium stringer is substantially improved by the
presence of the stiffer straps embedded in the FML underneath the stringer.

3.3 Splicing Concepts

The patents discussed in previous sections were limited to flat sheet material,
constrained by the maximum dimensions in which the 0.3–0.5-mm aluminium
sheets were available. To obtain larger panels without mechanically fastening small
panels, Garesché et al. [31] introduced flat butt-splice as illustrated in Fig. 3.8a.

The gaps between the sheets, about 1 mm, were staggered to limit the reduction
in laminate strength. However, further research revealed delamination damage that
started at the gap between the outer sheets. To avoid this problem, additional
doublers had to be bonded in a second cure cycle over the gaps, to reduce the local
stresses. The splice concept containing the additional doubler was proposed by
Pettit [32] and is illustrated in Fig. 3.8b.

Another splice concept was introduced by Roebroeks [22] which utilizes the
so-called self-forming technique. The high pressures in the autoclave during curing
form the thin sheets over internal and external doublers, as illustrated in Fig. 3.8c.
This self-forming technique was further explored by optimizing the splice config-
uration to the so-called overlap splice, also introduced by Roebroeks [33], see
Fig. 3.8d. This configuration exhibited various advantages over the older splice
configuration, with most important the substantially wider tolerances in the sheet
dimensions and the positioning of the sheets.

An alternative solution to the splice solution was proposed by Labordus et al.
[34] who introduced the butt-welded splice, see Fig. 3.8e. In their concept, the thin
sheets are welded together to larger sheets before being laminated into the panel.
This configuration had two advantages over the splice configuration: it provided
complete protection of the fibre-reinforced epoxy layers from the environment, and
it eliminated the risk of the before-mentioned delaminations.

This welding concept introduces some manufacturing challenges related to
pre-treatment of the aluminium layers. If the sheets are welded first, then handling
of the very large thin sheets becomes problematic. However, applying the
pre-treatment before welding requires removal of the primer layer at the edges to be
welded, and as second step the local pre-treatment of the welded area.

Beumler [35] proposed to further modify the optimized splice configuration of
Roebroeks [33]. The modification comprises an additional single ply of
fibre-reinforced polymer at the outside of the splice to cover the resin-rich area
between the two overlapping outer aluminium layers. The resin easily cracks at the
end of the terminating aluminium layer, imposing a crack starter into the adhesive
joint between the two overlapping layers. Adding the cover ply prevents this
adhesive crack formation, significantly extending the durability of the splice joint.
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Although different from the splice configurations illustrated in Fig. 3.8, one may
consider the adhesively bonded longitudinal overlap splice between two fuselage
shells a variation to the theme. The carbon fibre-reinforced polymer upper shell
structure can be joined to an FML lower shell using a longitudinal overlap as

(b)

(c)

(d)

(e)

(a)

(f)

Fig. 3.8 Concepts to build up a FML panel out of smaller metal sheets: butt-joint (a) [31], doubler
lateral strap-reinforced butt-joint (b) [32], splice doubler joint (c) [22], overlap splice (d) [33],
butt-welded joint (e) [34] and modified overlap splice joint (f) [35]; image adapted from [1]
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illustrated in Fig. 3.9. The benefit of this concept, proposed by Beumler [36], is that
the adhesive joint between the composite and FML panel provides an electrical
insulation that avoids the risk of galvanic corrosion.

3.4 Manufacturing Aspects

3.4.1 Post-stretching Panels After Curing

The curing process of FMLs consists of a thermal cycle in an autoclave in which the
FML is heated up to the curing temperature, after which it will cool down to
operating- or room temperature. The differences in thermal expansion coefficients
shrink the aluminium layers further than the composite layers, inducing tensile
residual stresses in the aluminium and compressive stresses in the composite layers.
For fatigue, this residual stress system is unfavourable, because the actual stress
cycles in the aluminium layers are higher than the applied load cycles, initiating
cracks earlier than in monolithic aluminium panels.

This undesired stress system can be changed or even reversed with the post-stretch
technique. The principle of stretching the laminate until the aluminium layers plas-
tically deform has been described in the original FML patent [6, 7]. The most
common way to stretch the laminate is by clamping both ends and applying a load to
the panel until the metal layers yield. With this stretching technique, one should avoid
failure at the clamps, for instance by applying tabs to the material, see Fig. 3.10a.

Vogelesang et al. [37] developed a technique to stretch the laminate in a con-
tinuous manner as illustrated in Fig. 3.10b. The technique consists of rolling the
as-cured laminate through a mill with a slit width smaller than the laminate
thickness. This induces a permanent elongation to the FML. The percentage of
stretching can be selected by changing the force with which the mills are pressed
upon the laminate. Although the main patent describes the application of roll
stretching to laminates with a single thickness, it also mentioned roll stretching the
tapered laminates as proposed by Gunnink, illustrated in Fig. 3.4. It is interesting
that Roebroeks [38] proposed the same technique again with the only difference that
this technique is also applied to laminates for which the thickness varies due to
discontinuous layers, see Fig. 3.3.

Fig. 3.9 Illustration of an adhesive joint between a carbon fibre composite fuselage shell (left) and
an FML lower fuselage shell structure (right), providing electrical insulation to avoid galvanic
corrosion [36]
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The general disadvantage considered for the post-stretching procedure is the
applicability to predominantly unidirectional FMLs. The post-stretch axis is ori-
ented parallel to the fibre direction and maintaining elastic elongation in the fibres,
whereas the aluminium layers will plastically deform. However, for biaxially loa-
ded applications, like for example fuselage skin structures, the post-stretch proce-
dure implies the favourable residual stress state can only be created in one direction,
even worsening the stress state perpendicular to that direction due to the lateral
contraction. Pettit [39] proposed a solution in which the post-stretch axis is oriented
at an angle with respect to both primary fibre axes. In this case, the fibres in both
directions are stretched, to some extent limited by the induced shear deformation,
creating a beneficial stress states in both fibre directions.

3.4.2 Pre-stretching Panels During Curing

The post-stretching techniques discussed in the previous section are applied after
curing the laminate. An alternative method was developed by Roebroeks [40],
which consists of a reinforced mould that is partially constrained against expanding
during the cure cycle.
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clamping
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Fig. 3.10 Stretching flat laminated panels by clamping both ends (a) and stretching the laminated
panel using a roll stretch technique (b) [21]; image from [1]
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In the standard cure cycle, all layers expand due to the increase of temperature to
the curing temperature. Once the polymer chains start interlocking, the layers
become fixed. Hence, the residual stresses develop when the temperature is brought
back to room- or operating temperature [41]. The method proposed by Roebroeks
[40] prevents the constituents or the moulds from expanding during the increase of
temperature in the first phase of the cure cycle. This impedance of strain may induce
residual stresses at the end of the cure cycle that are more favourable or even
reversed, depending on the actual method of constraining.

3.4.3 Lay-up and Curing Concepts

While curing FMLs at elevated temperatures (often 120 °C or 175 °C), the con-
stituent plies may float a little with respect to each other, because the polymers
become fluid. Controlling the position of all individual plies becomes an engi-
neering challenge, in particular for thick laminate stacks and curved moulds.
Rajabali [42] proposed a positioning pen to fix the stack in the mould as a solution
to this challenge, see Fig. 3.11a.

There are various considerations for choosing the appropriate location of the
pen. One prefers not to damage the panel by drilling a hole anywhere in the panel.
Therefore, it is proposed to select the pen location such that it is positioned at a
location in the panel where in a subsequent manufacturing step larger holes will be
drilled for fastening purposes or where a cut-out will be milled. A variation to the
theme of using pins in the manufacturing phase to fix the position of individual
layers with respect to a forming jig is described in another patent by Rajabali [43].

The concept of mechanically fastening FML skin panels is similar to monolithic
aluminium. The performance of the joints can be tailored by creating a stepwise
joint to reduce the amount of secondary bending and to better distribute the load
transfer over the fastener rows, see Fig. 3.11b. To accommodate such a stepwise
joint, FML panels must be manufactured containing a rebate. Rajabali [44] pro-
posed a method for manufacturing such laminates, which uses an auxiliary tool
built up from the same constituents and number of plies as the laminate, as illus-
trated in Fig. 3.11c. Later that year, Rajabali and Ter Steeg [45] filed a second
approach to manufacture such laminates using a different auxiliary tool to mutually
offset the layers, see Fig. 3.11d.

Discontinuous plies like interlaminar run-outs or splices lead to panel thickness
variations. If additional reinforcement layers, such as external doublers, need to be
bonded on a basic laminate skin panel, then these doublers must be laminated over
a curved contour. Because bonding a flat laminate on top of a curved contour can be
problematic, Kroon and Roebroeks [46] proposed a method to solve this problem.
In their proposal, the laminate is bonded on top of the curved contour at elevated
temperature and pressure. The laminate will deform more easily, forming itself over
the curved contour. This concept seems to be a bit arbitrary, because in most cases
the subsequent bonding cycles require elevated temperature and pressure.

3.4 Manufacturing Aspects 43



Most FML panels are laminated in a mould and cured in an autoclave. Despite
the availability of very large autoclaves, this means that the available autoclave
restricts the maximum panel dimensions. In addition, the production of FML panels
remains batch production.

(c)

(d)

pressing toolrelease film

auxiliary tool

auxiliary tool

(b)

(a)

Fig. 3.11 Positioning pen as fixing means in a mould (a) [42], stepped mechanically fastened
joints (b) and two methods to manufacture laminates with such thickness step (c) [44] and (d) [45];
image from [1]
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Roebroeks [47] patented a method to make FMLs in a continuous process. Such
a process allows for manufacturing FML panels in large volumes for potentially
other applications than air- and spacecraft, and reducing the manufacturing costs.
Similar to the state-of-the-art production processes, it consists of anodizing the
aluminium layers, but instead of the application of adhesive primer, an adhesion
layer is added to the metal sheets. After this process, the sheets can either be coiled
up again and transported to other production facilities, or they can be fed directly
into a continuous process where the sheets are bonded to fibre-reinforced polymer
plies. The process of coiling-up after the treatment and subsequent transport to
another facility was identified as solution for large scale production, potentially
leading to further laminate cost reduction.

To apply the necessary pressure onto the laminate, either the regular process
with an autoclave could be used, making the process discontinuous again, or the
earlier-mentioned rolling mills could be applied while the laminate is processed at
elevated temperatures.

In the standard autoclave cure cycle, a significant amount of time is required to
heat up the surrounding air in the autoclave in order to increase the temperature of
the laminate to the curing temperature (often 120 °C or 175 °C). Roebroeks and
Kroon [48] proposed an alternative method and device for curing composites in an
autoclave which does not require heating up the air in the autoclave. The device
described in [48] comprises a membrane directly connected to the product that must
be heated up. The loss of energy related to heating up the autoclave air first is
excluded, and the time needed to heat up the product is significantly reduced.
Hence, the processes are cheaper and faster.

More recently, Heinimann et al. [49] proposed a manufacturing procedure for the
hybrid concepts in [26, 27], in which the lower thick aluminium layer of the
laminate fulfils the function of the mould for the remaining laminate to be cured.
Considering the concepts in [26, 27], this seems to be the main innovation of [49]
with respect to manufacturing laminates, because the other manufacturing aspects
are similar to previous concepts.

To cure FMLs without the need for a large autoclave, Alderliesten and Grashof
[50] proposed a process in which FMLs are cured in an oven after vacuum pressure
is applied to the panel using two vacuum bags. Although research and development
of out-of-autoclave manufacturing processes generally aim to develop polymer
systems that are compliant to such a process, initial studies on application of the
process to standard GLARE demonstrated that even these FMLs can be made with
equivalent quality without the need of an autoclave.

3.4.4 Alternative Impregnation Processes

The majority of FMLs developed and studied were made by either applying
pre-impregnated fibre layers between metal sheets using hand lay-up, or by placing
two sheets of resin at both sides of dry fibres between the metal sheets.
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However, inspired by the development in the world of fibre-reinforced polymer
composites, similar processes were proposed and developed for FMLs. An example
is given by Labordus and Van Tooren [51], who proposed the application of dry
fibres between the metal layers, injecting the resin at a later stage during the
production process. The process is proposed for both manufacturing flat panels and
for manufacturing curved laminates. The latter is applied for manufacturing stiffener
profiles, as is discussed in Sect. 3.6.

Interestingly enough, a similar process was proposed by Cano et al. [52] with
some minor amendments to the above-mentioned process. The issue with the resin
injection is the required viscosity of the resin to fill up the volume between the
metal sheets. In the case of FMLs, the resin can only distribute in two directions. In
particular, for larger panels the resin viscosity limits the application of such man-
ufacturing process. The modifications proposed by Cano et al. are to apply perfo-
rated metal sheets, and hence sheets contain many small holes. These holes allow
transfer of resin not only in planar direction, but also in thickness direction.
However, the application of perforated metal sheets obviously contradicts the
damage tolerant material philosophy that has driven FML development up until
today.

3.5 Design of Fuselage Panels

3.5.1 General Fuselage Panel Concepts

In the current fuselage skin structure of the A380, the splice configuration illus-
trated in Fig. 3.8d is applied. Especially for wide-body aircraft where the required
skin thickness implies the application of multiple metal sheets, this splice config-
uration consists of a panel region with increased thickness, equivalent to at least a
single metal sheet.

However, for single-aisle type of aircraft fuselages, the required skin thickness is
fairly small, in the order of FMLs with a 2/1 or 3/2 lay-up. For given thicknesses,
the crack-stopping capability required for fatigue crack growth and residual strength
justification may locally require additional thickness. To combine both require-
ments into a panel concept, Popp and Beumler [53] proposed another variant to the
splice configuration. They propose to apply the splice overlap for each particular
metal sheet in the FML underneath the stiffeners, at which location additional
thickness is required for crack-stopping capability, as illustrated in Fig. 3.12b.

The above-mentioned A380 contains fuselage skin panels made of FMLs, in
particular made of GLARE. However, not the entire fuselage is made of FMLs,
only the upper sections of the front and aft fuselage barrels. The reason is that for
the upper fuselage sections the fatigue and damage tolerance requirements are
predominant, whereas the lower fuselage sections are often designed for stability,
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which can easily be achieved with monolithic aluminium panels stiffened with laser
beam welded longitudinal stringers.

However, in another filed patent, Haack and Beumler [54] propose to apply
GLARE, over the complete circumference of certain barrel sections of the fuselage
structure. By doing so, they claim to obtain fire safety zones to which the pas-
sengers can escape in the event of fire. The GLARE laminates have proven to be
highly fire resistant, offering burn-through times over 4 min, significantly more than
the 90 s required for evacuating an entire aircraft.

3.5.2 Interlaminar Reinforcements and Inserts

To design fuselage skin panels with the FML concept required solutions to many
detailed issues. For instance, to optimize the panels with respect to the occurring
running loads and the weight, thickness variations are necessary. These thickness
steps led to the external and interlaminar ply drop-offs and related concepts [22,
23]. However, these concepts often generically describe thickness steps along one
direction, while in skin panels thickness variations occur in two directions in the
plane of the panel. Hence, these generic concepts have been further developed into
detailed design aspects, of which some have been filed as patents.

In this context, Rajabali and Ter Steeg [55] filed a first patent. The overlap splice
concept [33] in the longitudinal direction of a fuselage skin panel imposes thickness
variations in the circumferential direction. This thickness variation becomes prob-
lematic in design, when mechanically fastening such a panel to another panel using
a circumferential butt-joint. The concept proposed by Rajabali and Ter Steeg
comprises the use of additional fill layers that are placed in the laminate outside the
splice area. These fill layers create a single thickness in circumferential direction of

(b)

(a)

Fig. 3.12 Conventional application of overlap splice configuration in fuselage skin structures
(a) and an alternative overlap spliced panel configuration as proposed by Popp and Beumler [53]
(b)
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the fuselage panel. The concept is illustrated in Fig. 3.13a. Note that in longitudinal
direction the added fill layers end as interlaminar ply drop-off within the laminate.

Another concept proposed by Rajabali and Markestein [56] also contains local
interlaminar reinforcements, but for different reasons. In case of very thin skin panel
thicknesses, additional reinforcement may be required at the locations where for
instance reinforcing elements, like stringers, clips or frames, are added. This rein-
forcement can be added as a so-called waffle-plate, see Fig. 3.13b1. This means that
throughout the panel multiple interlaminar reinforcements are added as illustrated in
Fig. 3.13b2.

If necessary, the mechanically fastened joint area could be further reinforced by
adding additional metallic layers similar to Fig. 3.13a. These layers will then

(a1) (b1)

(a2)

(b2)

interlaminar 
waffle plate

splice

metal 
insert

splice

Metal 
insert

metal 
insert

b2

b2

a2

a2

(c1)

splice

metal
insert

metal 
insert

c2

c2

(c2)

Fig. 3.13 Illustration of additional fill layer to balance the laminate thickness (a) [55], local
interlaminar reinforcements (b) [56] and reinforcement in the joint area (c) [57]; image from [1]
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overlap, similar to the other layers within the splice area. Rajabali and Ter Steeg
[57] proposed various concepts for adding interlaminar metal and fibre layers to
reinforce the mechanically fastened joint area in an FML panel. One of the concepts
is illustrated in Fig. 3.13c.

The configurations in Fig. 3.13 illustrate that there are multiple variations that
can be developed using the principles shown in these concepts. This can be further
illustrated with the concept developed by Martin et al. [58] containing similar
structural elements in an FML fuselage skin panel. The principles for the overlap
splice configuration as well as the application of external doublers are applied
similar to earlier developed concepts.

3.5.3 Special Design Features

One of the major benefits concerning fatigue and damage tolerance with FML skin
structures is the exploitation of adhesive bonding technology. The increased
thickness required for specific panel areas is obtained by bonding additional dou-
blers to the panel, rather than using mechanical fastening. The reduced rivet usage
decreases the number of fatigue critical areas in the structure, reducing the main-
tenance burden and contributing to the damage tolerance design philosophy.

Another example of the exploitation of adhesive bonding technology is provided
by Pellenkoft and Gennai [59], who propose adhesively bonding window frames to
FML skin structures. The concept of bonded window frames in FML skin structures
was developed by the authors in conjunction with the Dutch FML technology
partners.

The bonded window frame concept does not only make mechanical fastening
obsolete, further increasing the damage tolerance characteristics of given structures,
but it also complies with all requirements coming from static load cases, including
the (shear) buckling cases. For stability considerations, it is known that bonded
structures often increase the strength.

3.6 Design of Panel Stiffening Elements

In the development of FML skin panels, it was observed that monolithic aluminium
stringers may lead to insufficient fatigue performance. The higher stiffness of the
aluminium stringers would attract more load from the FML skin panels, creating
fatigue problems in the stringers rather than in the skin. Stiffening elements with an
elastic modulus similar to the skin panel or with significantly increased fatigue
resistance were thus required.

This necessity has led to the development of FML stringers, which are proposed
in [60] together with the description of a manufacturing procedure. The concept
comprises pre-forming laminates with a 2/1 lay-up (single fibre-reinforced polymer

3.5 Design of Fuselage Panels 49



between two metal layers) and afterwards bonding them together with either
polymer adhesive or fibre-reinforced polymer, Fig. 3.14a. Later, Livi and Puccini
[61] filed a different concept to manufacture FML skin panels reinforced with FML
stringers. They proposed to first lay-up the complete laminate stack and pre-form it
before curing, see Fig. 3.14b.

A couple of years later, two patents were filed parallel to each other describing
the application of Zylon fibres in fuselage skin stringers. Beumler [62] and
Roebroeks et al. [63] both propose the concept of a skin panel comprised of an
FML containing Zylon fibres. Roebroeks et al. additionally describe the manu-
facturing procedure, which is quite similar to the original procedure [60]; however,
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Fig. 3.14 Illustration of the FML stringer configuration described in [60] (a), the configuration
described in [61] (b), the FML stringer based on Zylon fibres (c) [62] and a selection of FML
stringer profiles described in [63] (d); image from [1]
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the stretching procedure from [37] has been added to create the favourable residual
stress distribution within the individual layers.

Another patent related to stiffening shell structures is the frame reinforcement
proposed by Ohrloff et al. [64]. Their concept relates to the design of the A400M
fuselage frames that are made of monolithic aluminium. However, the fatigue
design loads in these frames are of such magnitude that fatigue design allowables
restrict the design space, leading to heavy frame structures.

The solution proposed is to replace some of the frame thickness by an FML strap
that substantially extends the fatigue life of the structure. Initiation of fatigue cracks
has to take place in each FML metallic layer individually, because the growth of the
crack through the thickness is prohibited by the fibre-reinforced prepreg layers,
which is discussed in Chap. 9. The concept is illustrated in Fig. 3.15.

3.7 FML Components

Most of the reviewed patents discussed in this chapter relate to development of
material concepts and stiffened skin panels, rather than actual components or
products. One exception is the concept of an explosion resistant luggage container
for transportation of luggage in aircraft, proposed by Kroon and Gunnink [65]. In
the container design, they exploited the excellent impact performance of FMLs,
which has been the subject of other patents. The container is made from FML
panels that have been formed such that the number of necessary mechanically
fastened edges is limited, see Fig. 3.16. The FML comprises aluminium layers with
in-between glass fibre epoxy plies, mainly oriented under ±45°. Under these
angles, the impact resistance of the laminates was observed to be the highest.

Because explosions induce extremely high strain rates, glass fibres were selected
for their strain rate effect. The strain to failure and the failure strength of the glass
fibres are significantly higher at these strain rates, increasing the impact resistance.

Fig. 3.15 Illustration of the
frame flange (lower)
reinforced with an adhesively
bonded FML strap (upper)
[64]
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3.8 Discussion

3.8.1 Flat Material Concepts

The review of patents filed on flat laminate concepts clearly illustrates the steps that
have been made in the development of this technology. Here, the chronology of
patents filed particularly illustrates the historical process of the FML development.
From the need to increase the fatigue resistance of aerospace aluminium alloys, the
technology was developed from laminates of thin sheets bonded with adhesive
towards fibre-reinforced metal laminate concepts.

In view of this development history, one may observe that subsequent patents
often describe an enhancement of previous concepts, rather than a completely novel
or innovative idea. For example, the concept filed by Roebroeks and Mattousch
[15] comprises an FML that is basically equivalent to the original patented concept,
but the fibre-reinforced layer consists of unidirectional prepregs that are oriented in
two or more directions rather than a cross-ply woven fabric. In addition, the pro-
posed fibre type is different.

The small enhancement is particularly evident is the concept filed by Roebroeks
[11]. Whereas the basic FML patents [5–7] describe the FML concept utilizing a
single fibre type within the laminate, though identifying the use of different fibre
types in the concept, Roebroeks proposes to use two of these different fibre types

Mechanically 
fastened edges

Fig. 3.16 Illustration of the explosion resistant luggage container [65]; image from [1]
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within one laminate. Although the idea is relevant considering the background
(principal loads in a structure in both directions are not equal), the technology itself
remains the same as described in the previous patents, especially as described in
[15].

Similarity in concepts can also be observed when comparing the concept of
locally reinforcing the FML for increased bearing strength, proposed by Van
Rooijen and Van der Zwaag [24]. Their concept comprises an FML internally
reinforced at the edges by a metal strip with higher modulus than the aluminium
layers in the FML. This improves the pin/hole behaviour of mechanically fastened
joints. A similar concept has been proposed for fibre-reinforced polymer composite
material by Labordus et al. [66] where also additional strips are applied for
increased bearing strength that could be made of, for example, metal alloy.

This similarity can be further illustrated in detail with the concepts that have
been filed recently for lower wing skin panels by Roebroeks and Gunnink [26, 27].
Looking back at previous patented concepts and technologies, some additional
observations can be made.

The original patent [26] describes reinforcing FMLs based on a PBO fibre/epoxy
system. This PBO fibre is currently manufactured by Toyobo, but was developed by
the US Air Force [67, 68] as a heat resistant polymer that is better than Kevlar [69].
The structures of Kevlar and the PBO fibre Zylon are illustrated in Fig. 3.17.

One should keep in mind that the application of Kevlar in FMLs has been
described in the original patent by Delft University [5] along with a family of
aramid based fibres. The original Dutch patent lists also provide a list of families
and types of fibres, such as Aramid, Kevlar, Carbon and Glass [5, 6], whereas the
European patent only lists the ranges of fibre moduli [7]. Academically, one can
argue that the modulus of Zylon HM with its 270 GPa [70] exceeds the listed range
of less than 250 GPa in [5, 7]. However, it is evident that the innovation of applying
this fibre type in FMLs remains limited considering the claims in previous patents.
Even more so if one considers that the application of this fibre type in FMLs was
already proposed for stringer applications [62, 63]. Similarly, one can argue that
replacement of the thermoset resin system by a thermoplastic resin system repre-
sents limited innovation [71]. Probably, the corresponding manufacturing method
would make the actual difference.

The difference between the original lower wing skin concept [26] and the
modified concept [27] is mostly related to the connection between thick aluminium
layers and the centre reinforcing FMLs. The original patent proposed to bond the

Fig. 3.17 Structure of poly-para-phenylene-terephthalamide [Kevlar] (left) and the structure of
poly-para-phenylene-2,6-benzobisoxazole [Zylon] (right); image from [1]

3.8 Discussion 53



thick aluminium layers with an epoxy adhesive to the FML, see Fig. 3.5a, b, while
the modified patent proposes a fibre-reinforced polymer prepreg.

Although this modification should be considered an advancement in terms of
material performance, the step itself is not novel. In fact, the concept of bonding
thick aluminium layers with FMLs using a prepreg was patented before by
Vogelesang [17] and Gunnink [25] who developed a lower wing skin concept using
a thick tapered aluminium layer between two reinforcing FMLs, as illustrated in
Fig. 3.3.

Alternatively, the novelty could be attributed to the fact that the modified con-
cept [27] has a fibre-reinforced polymer layer connecting the thick aluminium
layers with a reduced FVF less than 45%. It is mentioned that this lower FVF can
be achieved by combining a polymer adhesive layer with a fibre-reinforced polymer
layer containing a higher FVF.

The so-obtained reduced FVF does not give an even distribution of fibres
through the polymer layer, but concentrates the fibres in the centre or at one side,
keeping a resin-rich layer at the interface with the thick aluminium layer.

In fact, although the patent formulates the reduced FVF as being the innovative
principle, the advantage of higher delamination resistance is achieved by this high
resin content at the interface [72].

This aspect, however, is not new or innovative, but has been described in the
early patents on FMLs; see Fig. 3.1a. Due to the manufacturing procedure at that
time [73], fibre layers were put in between two polymer adhesive layers, creating a
resin-rich volume at both interfaces with the aluminium.

In fact, the increasing delamination resistance for lower FVF at interfaces
between metal and fibre-reinforced polymer layers was investigated before at Delft
University of Technology by Mangoesoebroto [74]. One of the two authors of [26,
27] was involved as supervisor at the time that Mangoesoebroto investigated the
effect of the FVF of the prepreg within the ARALL laminates.

The fact that it was already known that the delamination resistance depends on
the FVF or on the presence of resin-rich layers can also be illustrated by the
reported investigations of these aspects for composite materials in general in the
open literature [75–78].

Despite that most of the variations to the hybrid concept of FMLs has been
patented or presented in literature, there seems still room to file new patents to flat
FML concepts. This is demonstrated with the patents filed by Wilson et al. [79] and
Gunnink [80]. In these patents, the knowledge developed over the past decades on
the hybrid concept has been utilized to tune and tailor the performance of specific
FMLs. A range of FML configurations is claimed for which certain performance
parameters meet specific ranges not covered in prior patents. Nevertheless, the
FMLs following from these concepts have similar characteristics as FMLs proposed
before.
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3.8.2 Design Aspects

Concerning the design aspects, some observations can be made on the FML stringer
concepts that have been filed. The basic principle of manufacturing thin FMLs that
are pre-formed and subsequently stacked has been reported in the open literature
[60], but has not been patented. The manufacturing methods proposed by Livi and
Puccini [61] are different and can be utilized as a continuous process, but the
generic FML stringer concept remains. One should recall, however, that the con-
tinuous process for manufacturing FMLs was already disclosed by Roebroeks [47].

The similarity between the original stringer concepts and recent concepts is even
more the case for the concepts filed by Beumler [62] and Roebroeks et al. [63].
Interestingly enough, almost at the same time, two patents have been filed in two
different countries. This could hardly be a coincidence as the authors of both patents
are known to have been working together in the past [2].

Taking a closer look for instance at the claims by Roebroeks et al. [63], the
concept describes a stiffened skin panel of which both the skin and stiffening
element are made of a laminate comprising metal and fibre-reinforced polymer
layers. The fibre-reinforced polymer layers are characterised by describing elastic
moduli and ratios of compressive over tensile moduli, while for the metal layers all
known aluminium alloys are listed.

The described manufacturing procedure of the laminated stiffener consists of
forming into a three-dimensional shape and subsequently stretching to reverse
curing stress distributions, or performing these steps in the reverse order. The
stiffener is either bonded to the skin with a polymer adhesive containing a carrier, or
by a fibre-reinforced polymer with reduced FVF.

The skin panel is related to aircraft or spacecraft fuselage panels, containing
cross-ply laminates in the skin, and reinforced with either three-dimensional stiff-
eners or flat straps, known as crack retarders.

Based on the overview given in this paper and the previously discussed devel-
opments, it can be argued that the majority of the claimed topics are either described
in previous patents, or have been reported before in the open literature.

3.9 Concluding Remarks

From the overview of patents on the hybrid FML technology, it may be concluded
that there is hardly any room left for new innovative patents on plain material
concepts. The fibre types and the metallic materials that can be selected to be
combined in a hybrid panel are more or less known. However, the fundamental
understanding of the hybrid technology is only recently emerging to the level that
FMLs can be fully tailored to specific structural applications.

Some of the understanding on quasi-static fracture and fatigue damage evolution
will be discussed in the following chapters, to illustrate the state of the art. With this
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knowledge and with the growing interest in the aviation industry to apply these
hybrid technologies, it may be expected that further research and development will
lead to new and dedicated structural applications. It therefore also may be expected
that ne developments will focus on structural details or components and related
manufacturing techniques, rather than hybrid materials in general.
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Chapter 4
Stress and Strain

Abstract The in-plane mechanical properties of FMLs have been described with
methods ranging from simple engineering methods to scientific laminated plate the-
ories. This chapter describes the current understanding of stress and strain in FMLs,
explaining the laminated plate theories adapted for the different thermal expansion
properties of both metal and composites, and the plasticity induced by the metallic
constituent. The application and limitations of the various methods are addressed.

4.1 Introduction

One important aspect in the development process of Fibre Metal Laminates (FMLs)
has been the evolvement of fundamental understanding about the observed phe-
nomena. This understanding was often established by developing engineering and
scientific prediction tools for specific loading types and failure mechanisms.

This chapter describes the state-of-the-art methods developed to describe the
relationship between strains and stresses in FMLs. In some cases, the fundamental
methods will be related to engineering methods also published in the literature,
discussing the applicability and limitations.

4.2 Stress–Strain in Orthotropic Materials Under
Plane Stress

The constitutive equations describing the general relation between stresses and
strains for orthotropic materials in their principal directions are described by

r ¼ Se

e ¼ Cr
ð4:1Þ
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where S and C are, respectively, the stiffness and compliance matrix.1 For the plain
stress condition in orthotropic lamina, the stress and strain components can be
reduced to [1]

r ¼
r1
r2
s12

2
4

3
5; e ¼

e1
e2
c12

2
4

3
5 ð4:2Þ

Here, the subscripts 1 and 2 indicate the principal material coordinates of the
material (Fig. 4.1).

The corresponding stiffness and compliance matrix are given by

S ¼
E1

1�l12l21

l12E2
1�l12l21

0
l12E2

1�l12l21
E2

1�l12l21
0

0 0 G12
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3
75; C ¼

1
E1

�l12
E1

0
�l12
E1

1
E2

0
0 0 1

G12

2
64

3
75 ð4:3Þ

To describe the stresses and strains for orthotropic materials in arbitrary direc-
tions (other than the principal directions), a transformation must be applied. The
transformation from principal material coordinates towards laminate coordinates
over an angle h, as illustrated in Fig. 4.1, is defined by

rh ¼ Mr

e ¼ M�1eh
ð4:4Þ

M is the transition matrix given by

M ¼
m2 n2 2mn
n2 m2 �2mn

�mn mn �n2

2
4

3
5 ð4:5Þ

Fig. 4.1 Definition of
principal material coordinates
and the transition to laminate
coordinates

1Note that the definition of S and C here is opposite to the definition of Jones [1].
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with m = cos(h) and n = sin(h). The stiffness and compliance matrix for laminates
under an angle h with the principal material coordinates can be obtained by sub-
stituting Eq. (4.4) into Eq. (4.1)

Sh ¼ M SMT

Ch ¼ M�1� �T
CM�1

ð4:6Þ

which gives

rh ¼ Sheh

eh ¼ Chrh
ð4:7Þ

4.3 Classical Laminated Plate Theory

For laminated plates such as FMLs, the theory of deformation in relation to the
applied loads and moments has been generalized into

Ni

Mi

� �
¼ Aij Bij

Bij Dij

� �
ej
jj

� �
ð4:8Þ

where Ni and Mi are the vectors describing, respectively, the in-plane loads and the
moments on the plate. Together, the in-plane strain vector ej and the curvature
vector jj define the strains of each particular layer within the plate. The extensional
stiffness Aij, the bending–extension coupling stiffness Bij and the bending stiffness
Dij are defined by

Aij ¼
XN
k¼1

Sij
� �

k zk � zk�1ð Þ

Bij ¼ 1
2

XN
k¼1

Sij
� �

k z2k � z2k�1

� �

Dij ¼ 1
3

XN
k¼1

Sij
� �

k z3k � z3k�1

� �
ð4:9Þ

where z represents the vertical position in the ply measured from the mid-plane.

4.4 Residual Stresses

The classical laminated plate theory (CLT) in principle does not account for dif-
ferences between curing and operating temperatures. The relations between the
stresses and strains of each individual layer are geometrically related to the
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deformation of the complete laminate. For fibre-reinforced polymer composites that
often is sufficient, but the magnitude of residual stresses as result of curing FMLs is
often greater compared to fibre-reinforced polymer composites. This is due to the
significant difference in coefficient of thermal expansion between the metallic and
the fibre/matrix constituents. To add the effect of thermal residual stresses within
each individual layer of the FML, Honselaar [2] and Homan [3] introduced addi-
tional components to Eq. (4.2)

r ¼
r1
r2
s12

2
4

3
5; e ¼

e1 � a1DT
e2 � a2DT

c12

2
4

3
5 ð4:10Þ

where a is the coefficient of thermal expansion for indicated principal material
direction, while DT indicates the temperature difference between curing temperature
Tcur and the ambient (operational) temperature T. As a consequence of equilibrium
in overall laminate strain, these additional components will induce residual stresses
in the individual layers. Depending on the magnitude of a, these stresses are either
tensile or compressive stresses. For FMLs in general, a of metallic constituents is
greater than that of the fibre-reinforced polymer constituents. This creates tensile
stresses in the metal layers and compressive stresses in the fibre layers.

When looking at the fatigue characteristics of FMLs, the residual stresses
induced by the cure cycle remain constant and add to the stresses in each layer by
shifting the stress cycles. However, one has to keep in mind that the fatigue
evaluation for real aircraft load spectra requires consideration of operating envi-
ronmental temperatures that range from about −55 °C at cruising altitude (high DT)
and up to about 80 °C on the platform in the desert (low DT) [4] (Fig. 4.2).
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Fig. 4.2 Illustration of internal stresses in the metal and fibre layers of unidirectional and
cross-ply FML
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The above addition to the stress–strain equation holds for in-plane strain equi-
librium only. Whenever a curved FML panel is being cured, release of pressure will
impose an equilibrium state that may cause spring-back behaviour [5]. If so,
out-of-plane deformations need to be considered in the equilibrium.

The effect of residual stresses may also need to be considered for hybrid
structures, i.e. stiffened structures that contain components made of materials with
different coefficients of thermal expansion. An example here could be a stiffened
skin structure containing aluminium stringers or frames as backup structure to an
FML skin. Because of the mismatch in material stiffness, this combination is prone
to fatigue issues in the backup structure, but that may be worsened by the present
residual stresses.

The exact level of residual stresses within the laminate depends on the con-
stituents’ coefficients of thermal expansion, the stiffness and the contribution to the
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Fig. 4.3 Calculated thermally induced residual stresses in the concepts investigated by Rensma
[6]
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laminate volume. This can be illustrated with the hybrid concepts investigated by
Rensma [6], illustrated in Fig. 2.5. Changing the volume contribution of each
constituent can significantly change the value of the residual stress obtained after
curing. In addition, adding other constituents with substantially different stiffness or
coefficients of thermal expansion may alter the residual stress distribution entirely
(See Fig. 4.3).

In the literature, approaches to reduce the potential negative effect of residual
stresses within the laminate after curing have been presented. Laliberté et al. [7]
propose to change the cure cycle by introducing temperature steps, which effec-
tively reduces the cure temperature Tcur and thus the temperature difference DT.

As mentioned in Chap. 3, post-stretching is a procedure applied after the cure
cycle has been completed, which changes or even reverses the internal residual
stress system. The theoretical approach will be presented hereafter.

4.5 Failure of the Composite Constituent

For the calculation of stresses and strains in FMLs, the composite plies are con-
sidered to be orthotropic with a linear elastic response to applied loads until failure.
The stiffness matrix S, see Eq. (4.3), for the composite plies contains the Young’s
moduli of elasticity E1 and E2, describing the elastic response of a unidirectionally
reinforced composite in fibre direction and in transverse direction, respectively.

Various failure criteria have been developed for composite materials in the past.
The most well-known criteria are the maximum stress, maximum strain, Hill–Tsai,
Tsai–Wu, Hashin–Rotem and Hashin criteria. The major difference between the
first two criteria and other criteria is in the assumption of no interactions between
stresses and strains in case of maximum stress or strain criteria.

Bouwman [8] proposed to use Hashin–Rotem failure criteria for failure of the
matrix in the composite plies. The criterion incorporates strain interaction only
partially and is given by

e2
e2max

� 	2

þ c12
smax=G12

� 	2

[ 1 ð4:11Þ

Once failure is determined, the transverse and shear stiffness of the composite
layers are set to zero, maintaining the achieved stress. This implies that the stress–
strain behaviour of the matrix is represented by an ideal plasticity type in which the
resulting stiffness matrix for the kth layer reduces to

Sk ¼
E1 0 0
0 0 0
0 0 0

2
4

3
5
k

ð4:12Þ
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Fibre failure is assumed to occur when the fibres exceed their maximum strain in
longitudinal direction, i.e.

e1
e1max

[ 1 ð4:13Þ

It has been observed that the application of any of the other failure criteria
instead of Hashin–Rotem results in minimal differences in the results. The metallic
layers in FMLs redistribute the loads within the laminate differently as compared to
composites based on fibre-reinforced polymers only. In particular, matrix failure
criteria appear to have negligible influence for certain loading conditions, which
sometimes justifies considering fibre failure only.

4.6 Plasticity of the Metal Constituent

The CLT is based on a linear elastic material relationship (Hooke’s law), which
does not account for deforming a laminate beyond the yield strength of the metal
constituents. When the metals yield at certain strain levels, the above-described
theory is no longer applicable, as the stress distribution will become different. To
account for that, Honselaar [2] added a third (plastic) strain component to
Eq. (4.10)

r ¼
r1
r2
s12

2
4

3
5; e ¼

e1 � e1;pl � a1DT
e2 � e2;pl � a2DT

c12

2
4

3
5 ð4:14Þ

The strains in layer k at a distance zk (see Fig. 4.4) from the middle surface are
given by

ex
ey
cxy

2
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3
5
k

¼
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þ
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0

2
4

3
5
0

ð4:15Þ

Fig. 4.4 Definition of the geometry of an n-layered laminate
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where the subscripts 0 indicate the (plastic) strain e and curvature j of the middle
surface of the laminate.

In unidirectional FMLs (i.e. ARALL, GLARE1 and GLARE2), the principal
material coordinates 1, 2 correspond to the laminate coordinates x, y(h = 0). In the
other standardized FMLs (GLARE3, GLARE4), some fibre layers correspond to the
laminate coordinates with h = 90. Combining Eq. (4.1) with (4.14) and substituting
Eq. (4.15) yield
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N12

2
4

3
5 ¼

A11 A12 A16

A12 A22 A26
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2
4
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4
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3
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where Ni is the external force and Ni
T the force as result of the thermal extension
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Similarly, the relation for the bending moments is given by
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The extensional stiffness Aij, the bending–extension coupling stiffness Bij and the
bending stiffness Dij are defined by Eq. (4.9).

4.7 Generalized Theories of Plasticity

An alternative approach to the previously presented method for plasticity in the
metallic layers was proposed by Bouwman [8]. Initially, the metallic layers respond
linear elastically in an isotropic manner up to yielding, but beyond yielding, the
elastic–plastic response of the metallic layers is described with anisotropic yielding
and anisotropic hardening rules.

To describe the anisotropic yielding and hardening, so-called yield surfaces are
composed from measured stress states in which the linear elastic response of the
metal transitions into an elastic–plastic response. For this purpose, the von Mises
yield function for plane stress is utilized
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in which re is the equivalent stress, r0 the yield stress and a the kinematic shift of
the yield surface centre. Because the yield surface shifts at the point where first
yielding occurs in the FML, the proposed approach is incremental of nature. After
each load increment, the transition of the yield surface must be calculated, to
determine the input for the next load increment.

Bouwman developed a tool to predict stress–strain curves for arbitrary GLARE
laminates based on this theory. The generic applicability for FML panes loaded in
arbitrary directions is in theory covered by the method, but has never been validated
to that extent.

4.8 Post-stretching

If the residual stresses induced by the curing cycle are large, there is an alternative
process in some cases to compensate for that, as discussed in Sect. 3.4.1. This
process is unknown for fibre-reinforced polymers, due to the absence of metallic
constituents that at some point plastically yield, remaining deformed even after
unloading.

The post-stretching procedure, sometimes denoted as pre-straining, utilizes the
elastic–plastic stress–strain relationship of the metallic constituents to change or
even reverse the internal residual stress distribution obtained after curing. The effect
on the stress–strain relationship is illustrated in Fig. 4.5. The fibre/epoxy layers
remain elastic during the stretch procedure, while the metallic constituents yield.
The tangent modulus implies a different internal stress distribution within the plastic
region of the curve. After unloading the metallic layers are permanently deformed,
which causes a different internal stress equilibrium. The amount of stretching, i.e.
the deformation into the plastic region, determines how much the residual stress
after curing is altered and whether it is reversed.

As mentioned in Sect. 3.4.1, this process is applicable predominantly to unidi-
rectional FMLs, for example GLARE2. What further limits the applicability of the
process in practice is that it only applies to FMLs without any design details or
complexity. For example, panels containing interlaminar doublers or bonded splices
cannot be post-stretched. The cross section of the laminate lay-up has to be constant
and continuous.

Post-stretching is a tensile procedure without any bending or torsion of the
laminate. This means for Eq. (4.16) that the tension bending coupling stiffness
matrix Bij should be equal to zero. The main requirement for this matrix to be zero
is that the laminate itself is balanced and symmetric. In other words, the distribution
of the layers at both sides of the neutral line should be perfectly in equilibrium.
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Most common laminates (ARALL and GLARE) contain an (almost) symmetric
lay-up for practical reasons; an asymmetric laminate will tend to warp after the
curing process due to the mismatch of the coefficients of thermal expansion.

Thus, the common unidirectional laminates (ARALL, GLARE1 and GLARE2)
are balanced and symmetric. This enables the simplification of Eq. (4.16) to obtain
the stresses in the metal and fibre/epoxy layers [9]
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The deformation in the individual layers and the laminate induced by the
post-stretching procedure must be coupled with an extra equilibrium equation. If the
external forces are equal to zero, this equation states

strain

stress

σaluminium

σfiber layer

σfiber layer

σaluminium

aluminium

fibre layer

fibre metal 
laminate

residual stress in
‘as cured’ laminate

residual stress in 
‘stretched’ laminate

Fig. 4.5 Illustration of the post-stretching procedure on the uniaxial stress–strain relationship of
the FML and its constituents
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For isotropic yielding in the metal layers, yielding may be calculated with the
von Mises criterion
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At yielding, the plastic strains ei,pl,lam and ei,pl,m may still be considered to be
equal to zero, which simplifies Eq. (4.20) to
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Here, the forces N1
T and N2

T are calculated with the temperature range DT, i.e. the
difference between the temperature during post-stretching and the curing temper-
ature. With these stresses, the deviator stresses [10] can be calculated with
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FMLs contain thin layers each facing a plain stress condition, which implies that
r3 = 0. The plastic strain distribution can be described with the deviator stresses
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One should keep in mind that this one-step approach including the von Mises
criterion is only valid for relatively small strains in metallic sheets containing small
anisotropy in the yield stresses. For metals with high plastic anisotropy, for example
some aluminium–lithium alloys, a more complicated iterative calculation must be
considered to determine the development of stress and strain during the post-stretch
procedure.

In the unloaded (and un-stretched) situation, the internal stresses in the metal and
fibre/epoxy layers satisfy Eqs. (4.20) and (4.21) with Ni = 0. When stretching the
laminate only in direction 1, the strain e1,pl,lam is known. During yielding, the force
N2 = 0, which means that N1 can be solved with Eqs. (4.23) and (4.24). Using
Eqs. (4.22) and (4.24)–(4.26), one may obtain
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while the plastic strain e2,pl,lam can be calculated with
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When the FML is stretched in direction 1 and direction 2 simultaneously, both
plastic strains e1,pl,lam and e2,pl,lam are known. The correlated plastic strains in the
metal layers can directly be calculated from Eq. (4.22)
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while the residual internal stresses follow from Eqs. (4.20) and (4.21) without the
use of the von Mises criterion.

Aside from the theoretical method involved in describing the stress redistribution
during the post-stretching procedure, one has to carefully verify whether the
stresses actually induced in the laminate correspond with the calculated values.
Take, for example, the preliminary study performed by Verbruggen [11] involving
post-stretching (or pre-straining) of ARALL laminates. Verbruggen observed quite
a significant variation in residual stresses in samples taken from the same
post-stretched plate. Such variation suggests that the stress distribution during the
post-stretch procedure is non-uniform.

4.9 Shear Stress and Strain

The shear properties of structural materials are of particular interest when the
compression and shear stability of shell structures are assessed. The determination
of these properties for FMLs has been treated as a separate task compared to the
tensile and compressive strength properties [12].

The shear stress–strain properties are not easily determined by experiments, as is
illustrated by the large number of shear experiments described in the literature.
Because the shear properties are generally only considered for structural applications
in combination with tensile and compressive stresses for stability assessments, the
behaviour beyond the shear yield strength is often of less interest. As a consequence,
often only the elastic shear response is determined and described up to the point that
the shear yield strength, defined with the 0.2% offset in strain, can be determined.

With the formulation of the CLT, explained for FMLs in the previous sections,
the shear properties are included in the description of the laminates. For the elastic
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part of the shear stress–strain curve, this follows directly from the formulation of
Eq. (4.2).

Important for the appropriate description using CLT is the definition of the axial
and shear properties of the laminate in its material axes and the formulation of the
properties at any intermediate angle of orientation. For example, the relations for
the Young’s moduli may be written as [13]
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With for the shear modulus
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and for the Poisson’s ratio
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4.10 Out-of-Plane (Bending and Torsion)

Equations (4.16) and (4.18) can be formulated as a single matrix relation [14] with

Ni

Mi

� �
¼ Aij Bij

Bij Dij

� �
eoj
jj

� �
� NT

i
MT

i

� �
ð4:33Þ

In case the laminate deforms out-of-plane, the matrix Bij in this equation is no
longer equal to zero. The previous sections dealing with plasticity in the metal
layers started with the assumption that the laminates to be considered are balanced
and symmetric. The advantage of this assumption is that if Bij = 0 this simplifies the
equation significantly, enabling the derivation of relations including plasticity. With
Bij 6¼ 0, the development towards this ABD matrix including plasticity is not
applicable [14].

Nevertheless, the CLT can still be applied to practical problems related to elastic
out-of-plane deformation such as the above-mentioned spring back after curing [5].
One must take into account, however, that simple geometrical shapes can still be
easily implemented in analytically formulated codes, but complex
three-dimensional shapes require more robust computer assisted approaches (i.e.
finite element analyses).
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In addition to the above-mentioned failure criteria for the matrix and fibres in
composite plies, and the yielding and hardening rules for metallic layers, failure
criteria must be adopted for the interfaces between the individual layers. Whereas
in-plane loading and deformations usually imply compatibility between individual
layers, out-of-plane deformations, such as bending, create interlaminar shear
stresses that may cause delaminations. This failure mode must be considered when
describing the incremental increase in deformations.

Aside from laminate forming models, these interlaminar shear failure criteria are
also to be considered when calculating the deformations during low-velocity impact
sequences. However, in the latter case, because quasi-static deformations may not
always be applicable, other mechanisms contribute to the complexity of the
problem.

4.11 Simple Methods for Design Purposes

The theories presented in this chapter often require fundamental understanding and
programming of matrix type calculations. In an engineering environment, especially
those related to certification and material qualification, simple methods are often
preferred.

4.11.1 Metal Volume Fraction

Here a well-known and convenient method is the rules of mixtures, in case of FMLs
often referred to as the metal volume fraction (MVF) method [15]. This method
relates the laminate properties to the properties of the individual constituents
equivalent to their contribution in volume or thickness. In fact, this relation has a
similar basis as the equilibrium given by Eq. (4.22).

One has to be aware, however, that this approach can only be applied to indi-
vidual constituent and laminate properties P in the form

Plam ¼ MVF � Pm þ 1�MVFð ÞPf ð4:34Þ

With respect to the stress–strain behaviour of the laminate, only specific points
on the curve can be determined with Eq. (4.34). A simple method based on this
MVF approach that has been described in [16] considers the stress–strain curve as a
bilinear curve. The stress and strain for the yield point and final failure are calcu-
lated for the laminate using Eq. (4.34), which provide a bilinear curve for the
laminate. For preliminary design purposes or material selection criteria, this
approach may be considered very convenient and fast. For detailed analysis,
however, this approach must be considered inaccurate requiring too many experi-
ments to determine the required properties.
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For example, stability analyses require a more detailed description of the stress–
strain curve, especially near the yield point [17]. For these particular design cases,
the application of the Ramberg–Osgood equation has proved to be sufficiently
accurate.

The MVF approach represents straightforward rules of mixtures approach.
Obviously, this approach is most accurate when both the constituent parameters
represent a similar state as the parameter to be determined for the FML. For
example, the ultimate strength of the FML can be linearly related to the ultimate
strength of both constituent materials, but in the laminated composition, one has to
be aware that the strength of the FML is dictated by the failure strain of the fibre
layers. For standard GLARE, the glass fibres have a failure strain of approximately
4.7% [18], which implies that the ultimate strength of the aluminium is not yet
reached at the moment the fibres and FML fail. This can be illustrated by per-
forming a uniaxial stress–strain test in displacement-controlled conditions. After
reaching the maximum strength, the force drops significantly (corresponding to
fibre failure), allowing the metallic layers to further extend until failure. On most
cases, the fibre fracture in such tensile test is clearly visible, because this failure
mode is accompanied by significant delamination between these fractured fibres
and the intact aluminium layers. In general, however, the tests are terminated after
the drop at ultimate strength, because in force-controlled conditions that represents
entire laminate failure.

To perform the rule of mixtures properly, Müller [18] therefore proposed to use
instead of the ultimate strength for aluminium, the stress at 4.7% strain. The metal
volume fraction then becomes

Sult;FML ¼ MVF � Sm; e¼4:7%ð Þ þ 1�MVFð ÞSf ;ult ð4:35Þ

Although Eq. (4.35) seems more appropriate than using the ultimate strength of
the metal, the MVF approach has generally been adopted in a rather pragmatic
engineering approach. To calculate the yield strength of an FML, for example,
requires an equivalent yield strength for the fibre layers, which generally are linear
elastic until failure. Therefore, the parameters that can be established individually
for the constituents have been taken, but often adapted while fitting the linear trend
through the FML properties. That and the requirement of having conservative
values for design led to validated MVF methods in industry based on modified
engineering constituent data.

4.11.2 Determination of Shear Properties Using Uniaxial
Material Data

It has been explained that the shear properties of FMLs are related to the uniaxial
material properties in formulations such as the CLT. A method that is based on such
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relationships is the method to determine the shear properties of materials up to the
yield strength using the transformation equations for plane stress conditions pro-
posed by Timoshenko [19]

sxy hð Þ ¼ � rx � ry
2

sin 2hð Þþ sxy cos 2hð Þ ð4:36Þ

This transformation may only be applied to homogeneous materials, which FMLs
evidently are not. However, since the methodology aims to be quick rather than
accurate, one may assume the FML responds in a homogeneous manner. In uniaxial
tensile tests, the uniaxial stress state implies that the shear stress and the stress per-
pendicular to the applied load are both equal to zero. Equation (4.36) then simplifies to

sxy 45�ð Þ ¼ 1
2
ry ð4:37Þ

For FMLs containing fibres oriented only in the major material directions, and
thus in loading direction of the test, see Fig. 4.6a, the contribution of the fibres to
the shear properties of the FML is fairly low, related to the in-plane shear stiffness
of the unidirectional prepreg layer. For tests performed on FMLs with the fibres
positioned under an angle of ±45°, see Fig. 4.6b, for example GLARE6 (see
Table 2.1), the relation should be taken as

(a)

(b)

Fig. 4.6 Definition of the
shear stress with respect to the
material axes and fibre
orientation
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sxy 0�=90�ð Þ ¼ 1
2
ry 45�ð Þ ð4:38Þ

Note that these relations can only be assumed to be valid for linear elastic
material behaviour. This implies that the accuracy of the method is fair to the point
of first yielding, but may be less accurate when defining yielding with the 0.2%
offset rule; see Chap. 2.

To determine the shear yield strength using the uniaxial yield strength data,
Hagenbeek [20] investigated the above-described method using both Tresca and von
Mises criteria. He concluded that the Tresca criterion was more accurate than von
Mises, but both were inaccurate for predicting laminate yield strength values defined
as r0.2. For the onset of yield strength, the predictions were better, in particular when
they were applied to the metallic constituents only. However, such a formulation
would contradict with the objective to have a simple engineering method.

4.12 Limit of Validity of CLT and MVF

The theories presented in this chapter assume plane stress conditions. Considering
the FMLs developed with metal layer thicknesses of 0.2–0.5 mm, this assumption
is appropriate. However, for certain applications, it could be preferred to work with
metal layer thickness beyond that range. Consider, for example, lower wing panels
of commercial transport aircraft, in particular near the wing root. With aluminium
thicknesses of 0.3–0.5 mm, the total panel thickness could require the placement of
many aluminium sheets and composite plies, substantially increasing manufactur-
ing costs.

For this purpose, various studies proposed the application of thicker aluminium
sheets [21–24]. To identify whether the CLT or the MVF method, both presented in
this chapter, is limited to the aluminium layer thicknesses considered, Rickerd [25]
studied the limits of validity of both these methodologies with respect to aluminium
thickness. For the in-plane tensile and compression properties, both methods were
proved to be even accurate for aluminium thicknesses all the way up to 1 mm.
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Chapter 5
Blunt Notch Strength

Abstract The blunt notch strength of FMLs is discussed with respect to the
deformation and failure phenomena of the individual constituents. The influence of
metal plasticity, the splitting and delamination phenomena in the composite layers,
and fibre failure are discussed. Various failure criteria and theories are presented to
describe the blunt notch strength in the major material axes and under off-axis
angles with respect to these axes.

5.1 Introduction

The blunt notch strength, or the open-hole tension strength, has become an
important design parameter for structures using composite materials or FMLs. The
open-hole tension strength of ductile metallic structures was often not considered a
design parameter, for the reason that the reduction in strength due to the intro-
duction of a blunt notch or hole would be limited [1].

Ductile alloys, like most aluminium alloys applied in aeronautical structures,
have a low notch sensitivity, which implies that the strength reduction could be less
than, for example, the difference between ultimate and yield strength. Since per-
manent deformations are often not allowed, the yield strength of aluminium alloys
would be sufficient for structural sizing, ignoring reduced strength imposed by
holes and notches. However, with the introduction of notch-sensitive composites
and composite plies in FMLs, the open hole implies a strength reduction that can no
longer be ignored.

For this reason, the blunt notch strength has been defined as the net or nominal
strength of a structure containing a hole

SBN ¼ W
W � D

Smax ð5:1Þ

During the development of FMLs, this net blunt notch strength has been
introduced specifically to be determined with the standardized specimen geometry
illustrated in Fig. 5.1a [2]. The standard test procedure is fairly similar to the
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standard test procedure for polymer matrix composites [3], but with slightly dif-
ferent specimen dimensions. Since then an extensive amount of research has been
performed on this characteristic material property, from which many prediction
methods have been derived and proposed.

Later, also another blunt notch specimen geometry was proposed, illustrated in
Fig. 5.1b, which could also be used to test fatigue initiation, crack propagation and
residual strength [4]. Using a specimen geometry with multiple holes turns out to
provide more representative results than the geometry containing a single hole. For
example, Beumler [4] explains that the stresses measured around the holes are not
identical for all five holes. Towards the edge, holes seem to experience slightly
lower stresses, which could imply that the single-hole geometry illustrated in
Fig. 5.1a does not well represent a hole in a row of holes in a large structure or
component.

Nonetheless, most research seems to relate to the original single-hole geometry
[5, 6, 7, 8–12, 13, 14, 15]. Hence, this chapter presents the most important
experimental observations together with an overview of the methodologies [16, 17,
18, 19, 20, 21, 22].
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Fig. 5.1 Single open-hole blunt notch specimen configuration as defined in [2] (a) and five-hole
blunt notch specimen (b)
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5.2 Definitions and Failure Phenomena

To predict the blunt notch strength of materials, first the failure mechanisms must
be understood. Several authors have studied the strength and failure of monolithic
metals and FMLs in the presence of circular holes, reporting the characteristic
observations. This section presents major definitions and qualitatively describes the
failure phenomena providing a basis for the analytical description of failure.

5.2.1 Definitions

The blunt notch strength represents a reduced strength property to capture the
influence of a blunt notch or hole in thin panels, like fuselage skin panels. The blunt
notch strength in its definition is a nominal strength, equivalent to an average stress
in the net section. This is illustrated in Fig. 5.2a, for which Eq. (5.1) defines the
blunt notch strength.

In these panels, stresses are present in multiple directions, as illustrated in
Fig. 5.2b. Thus failure is defined by an interaction of biaxial and shear stresses.
Each of the biaxial stress components illustrated in Fig. 5.2b may represent either
tension or compression, while shear may also occur in the direction opposite to the
illustrated direction.

For FMLs, the two principal material directions are defined by the longitudinal
rolling and longitudinal-transverse direction of the metal layers, denoted, respec-
tively, by L and LT. Aligned with these principal material directions, the corre-
sponding stresses are defined in Fig. 5.2b.
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Fig. 5.2 Definition of biaxial blunt notch stresses relative to the FML material directions
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5.2.2 Notch Sensitivity and Ductility

In the design of metallic components, the notch sensitivity of materials has been a
key parameter in the design against fatigue and failure. The stress concentration
factor Kt, discussed in more detail for fatigue initiation in Chap. 7, assumes a linear
elastic material response. This assumption implies that failure occurs once the peak
stress at the notch equals the failure strength of the material. For a circular hole in a
large or infinite panel, this implies that gross or nominal stresses are roughly a
factor three lower compared than the failure strength.

However, many low strength and ductile metal alloys appear to be less sensitive
to the occurrence of blunt notches in the structure. This has been illustrated by the
introduction of a notch factor Kf that is often lower than the stress concentration
factor Kt in

rpeak ¼ Kf Snom ð5:2Þ

which implies

SBN � Sult
Kf

ð5:3Þ

The notch sensitivity is then expressed as

q ¼ Kf � 1
Kt � 1

ð5:4Þ

Because both the Kt and Kf are dependent on the notch radius or diameter, the
notch sensitivity is also dependent on the notch geometry [23] as illustrated in
Fig. 5.3. Key to the notch insensitivity is the low yield strength and the almost
perfect plastic behaviour beyond yielding of metals. This forces redistribution of the
concentrated stresses near the root of the notch towards a larger surrounding area;
see Fig. 5.4.

Evidently, the fibres in FMLs respond linear elastically to the applied load,
which increases the strain hardening in the FML compared to the monolithic alu-
minium constituent, as explained in Chap. 4. The higher strain hardening makes
FMLs more sensitive to the occurrence of stress concentrations than the monolithic
metal constituent alone.

This is illustrated by the data reported by Vermeeren [25] who compared the
strength reduction as result of blunt notches for two common aerospace aluminium
alloys and unidirectional FMLs, combining these two alloys with R-glass fibre
layers in a 3/2 lay-up.

This comparison is illustrated in Fig. 5.5 where the ratio of nominal blunt notch
strength over ultimate strength is plotted against the Kt calculated with the solutions
for isotropic material behaviour, i.e.
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Kt;circle; inf ¼ 3

Kt;ellipse;inf ¼ 1þ 2
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ð5:5Þ
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Fig. 5.4 Illustration of elastic and elastic–plastic stress distribution near a notch
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Here, a is the width of the blunt notch (equal to ½D for a circular notch), and q is
the notch radius. One has to keep in mind that Eq. (5.5) applies to isotropic material
behaviour, which is not entirely correct for composites and FMLs. For orthotropic
laminates, different solutions are available ranging from the exact solutions [26] to
approximations like for example the one proposed by Tan [27]

Kt;ellipse;inf ¼ 1þ a
b

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
2
A22

ffiffiffiffiffiffiffiffiffiffiffiffiffi
A11A22

p
� A12 þ A11A22 � A2

12

2A66

� �s
ð5:6Þ

where Aij denotes the in-plane stiffness of the laminate.

5.2.3 Biaxial Loading Using Uniaxial Data

The blunt notch strength values that are determined with the tests standardized for
FMLs [28, 29] are uniaxial blunt notch strengths. This means that the contribution
of a transverse load is neglected in the determination of the material response.

However, in most aeronautical shell structures for which FMLs are considered,
biaxial loading occurs; see Fig. 5.2. Because the stress field surrounding the blunt
notch can be described with stress concentration factors, the biaxial cases can be
similarly approximated by superposition, i.e. adding the stresses from two uniaxial
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Fig. 5.5 Strength reduction as result of blunt notches for monolithic aluminium alloys and early
fibre metal laminates; data from [25], Kt based on Eqs. (5.5)
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load cases at a particular location in the stress field; see for example Fig. 5.6.
Theoretically, the biaxial load case then can be evaluated using uniaxial blunt notch
strength. Describing the blunt notch strength with a notch factor Kf is evidently less
straightforward, because the value for that factor is generally obtained empirically.

5.2.4 Composite Failure Modes

The major failure modes that have been observed during the blunt notch strength
experiments are the formation of plasticity at the notch root, as discussed in
Sect. 5.2.1, and characteristic failure modes that are typical for fibre-reinforced
polymer composites, i.e. longitudinal splitting of fibre layers, formation of trans-
verse matrix cracking, and delamination between the layers. These composite
failure modes are illustrated in Fig. 5.7

Tension-tension Tension-compression
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Fig. 5.6 Illustration of the influence of biaxial loading on the stress concentration factor in an
infinite isotropic sheet containing a hole
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Fig. 5.7 Typical failure mechanisms for fibre-reinforced polymer composites
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The fibre-reinforced layers in FMLs have a low stiffness and strength perpen-
dicular to their fibre direction. Therefore, transverse matrix cracking occurs at
relatively low values of applied stress. The consequences of this cracking are
negligible at the macroscopic level. Therefore, this failure mode, although occurring
during the blunt notch strength tests, does not have to be modelled.

However, if one aims to capture all occurring failure mechanisms in a theoretical
model, one has to be aware that although transverse matrix failure may occur,
resulting in full strength loss of the matrix, this does not imply that the fibres no
longer contribute to the response in transverse direction. The intact fibres with their
relatively high stiffness impose a constraint on the transverse deformations by
restricting contraction in their longitudinal direction. In other words, despite the
transverse matrix cracking, the stiffness and strength properties in fibre direction
remain.

Longitudinal matrix cracking, or splitting, results from the shear stresses
occurring along the fibres in loading direction adjacent to the notch root. As
illustrated in Fig. 5.8a, the fibres that are cut by the notch are not loaded, while the
intact fibres adjacent to the notch root take up the full peak stress near the notch
root. The shear deformation that occurs as a consequence corresponds to the shear
stresses at the interface indicated in Fig. 5.8a. Once these shear stresses reach a
critical level, splitting may occur.

(a) (b) (c)

Fig. 5.8 Splitting induced by shear deformation between intact and interrupted fibres (a) and
analogy with delamination induced by shear deformation between intact and interrupted layers
(b) or induced by plastic deformation of metallic layers (c)
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5.2.5 Plasticity-Induced Delamination

Several reports on blunt notch strength experiments report the observation of
delamination formation near the notch root of the specimens. The formation of
delaminations under quasi-static shear stresses is often described by the critical
strain energy release rate. This parameter relates to the critical shear stress and
defines the upper limit before delamination initiation or extension may be expected.

The shear stresses between the plies may build up, because the two layers at both
sides of the interface are no longer compliant in deformation. This mismatch in
deformation field may be induced by the fact that one of the layers is interrupted by,
for example, a crack or notch; see Chaps. 8 and 9, but it may also occur because
one of the layers is no longer deforming linear elastically. In the latter case, the
elastic–plastic deformation of the metallic layers must be compensated for by
interlaminar shear to keep the two layers jointed. Both cases are illustrated in
Fig. 5.8; the delamination induced by interrupted layers is illustrated in Fig. 5.8b,
while the delamination induced by plastic deformation is illustrated in Fig. 5.8c.

Some evidence of the observed delamination shapes in blunt notch specimens
prior to failure is given in Table 5.1. Aside from fibre splitting, delaminations form
at the root of the notch once the aluminium layers are significantly plastically
deforming.

Table 5.1 Observations of the delamination formation during blunt notch failure [30]

Specimen % rBN Failure mechanism Appearance of etched specimen

1 87 Fibre splitting at
notch root

2 98 Plasticity-induced
delamination

3 100 Dynamic
delamination at final
failure
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One has to be aware that the formation of this delamination is a key mechanism
for the blunt notch strength characteristics of FMLs. Absence of delamination
would imply less length over which the fibre layers could distribute their strain,
restraining the fibre strain locally at the notch root. As a consequence, the delam-
ination is delaying the failure of the fibres, which has been observed to be the onset
of final failure.

In that respect, the delamination shapes observed after final failure (also added to
Table 5.1) are not considered to be characteristic for understanding what determines
the blunt notch failure strength. They are merely the result of final failure in which
all stored energy is dynamically dissipated, mainly in dynamic delamination.

It may therefore be argued that showing the delaminations after blunt notch
strength failure has occurred, as several authors have done recently [31, 32], has no
particular meaning to the problem. The shapes observed post-mortem are charac-
teristics for dynamic delamination failure, but have no causal relationship to how
the load builds up in the specimen prior to failure. It therefore has also no meaning
to the recorded blunt notch strength values.

5.2.6 Other Failure Phenomena

Depending on the combination of constituents in the hybrid concept, various failure
phenomena may be observed during the blunt notch test in addition to the obser-
vations reported in the previous section. The concepts studied by Rensma [33]
illustrated in Fig. 2.5, revealed phenomena not observed with standard GLARE.
Aside from the obvious ovalization of the open hole, the concept B1 exhibited
significant delaminations after failure, but also failure of the inner steel–carbon
plies, while the outer aluminium layers remained intact despite significant lateral
contraction and yielding. These observations are illustrated in Fig. 5.9.

Fig. 5.9 Typical phenomena observed for the hybrid concept B1 blunt notch tests: hole
ovalization, lateral aluminium layer contraction, delamination shapes as result of dynamic
specimen failure and failure of inner steel-carbon plies while outer aluminium layers yield but
remain intact [33]
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5.2.7 Blunt Notch Strength and Ultimate Strength

Because blunt notch failure occurs when stresses and strains locally at the perimeter
of the blunt notch reach the ultimate strength value, one may assume a relation
between blunt notch strength and ultimate strength exists. For the standard GLARE
laminates, the general experience is that the ratio between blunt notch strength and
ultimate strength is in the range of 0.65–0.85.

van Rooijen illustrated this relationship by taking the blunt notch strength values
of FMLs reported in literature and plotting them against the ultimate strength. The
relation is given in Fig. 5.10, in which one data point has been added from a blunt
notch strength test performed by Rensma [33], who investigated the hybrid lami-
nate concept by varying constituents. The data point in Fig. 5.10 that has been
added was determined for a laminate containing two metal types and two composite
types, i.e. stainless steel and aluminium with glass fibre and carbon fibre epoxy
layers (‘Concept B1’ in Fig. 2.5).

Apparent in Fig. 5.10 is that the hybrid concepts line up along two distinct trend
lines. The FMLs containing aluminium as the metal constituent line up along the
lower trend line, indifferent of the fibre type used. The laminates containing tita-
nium as constituents line up along the other trend line indifferent of the fibre type
applied.

It is interesting to observe that the hybrid concept containing both aluminium
and stainless steel within the laminate, acts similarly as the laminates with titanium
as metal constituent. Apparently, the relation between blunt notch strength and
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tensile failure strength of FMLs or arbitrary hybrid laminates is dictated by the
metallic constituents.

5.3 Theoretical Approaches

In the literature, several theories describing blunt notch failure have been proposed.
The methodologies are either based on the composite failure theories, for example
Tsai–Hill and Norris, or on the metallic plastic failure criteria enhanced with
additional composite failure criteria.

5.3.1 Tsai–Hill/Norris Failure Criteria

As mentioned in the previous chapter on the theories and criteria for failure, various
failure criteria have been proposed over the past years. A theory that accounts for
stress interaction, is the one employing the Tsai–Hill and Norris failure criteria,
derived from the generalized Hill theory [35]. This theory was applied for blunt
notch strength prediction for FMLs by Bosker et al. [36, 37]. The theory accounts
for stress interaction by interpolating the stresses while assuming plane stress using
an elliptical failure strength surface. The general equation is given by

S11
S11ult

� �2

þ S11
S11ult

� �
S22
S22ult

� �
þ S22

S22ult

� �2

þ S12
S12ult

� �2

¼ 1 ð5:7Þ

where S11, S22 and S12 are defined in Fig. 5.2b.
Whereas the criteria were meant to describe failure for a particular stress system,

Bosker proposed to apply them to the blunt notch strength levels SBN. Hence, S11ult
and S22ult are then the measured blunt notch strengths in the longitudinal and
transverse direction. These blunt notch strengths are nominal stresses calculated by
considering the applied stresses to be homogeneously distributed over the net section
of the specimens. The blunt notch strength is therefore a nominal or net strength
property, as gross stresses may vary significantly depending on the specimen
geometry. Even though the nominal stress formulation reduces the specimen
geometry effect considerably, this effect has been observed to remain to some extent.
For this reason, a standardized test procedure for blunt notch strength in FMLs has
been formulated in which the specimen geometry has been prescribed [28, 29].
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5.3.2 Point and Average Stress Criteria

Whitney and Nuismer [38, 39] introduced two stress criteria for predicting blunt
notch failure of orthotropic composites. These criteria have in common that the
criteria are based on a location away from the notch root causing the stress con-
centration, but they differ in the stress considered: the point stress or the average
stress.

The major assumption underlying these criteria is that failure occurs once the
point stress or average stress at a certain distance away from the notch root equals
the un-notched strength of the laminate; see Fig. 5.11.

The substantiation of the proposed criteria relates to the observation that the
blunt notch strength of composite laminates normalized for infinite width is
dependent on the hole size. This relationship cannot be explained with the stress
concentration factor Kt, and therefore requires the addition of a relation as function
of the hole diameter.

For orthotropic laminates, Kt is given by [40]

K1
t ¼ 1þ

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
2

ffiffiffiffiffi
E2

E1

r
þ E2

G12
� 2m21

s
ð5:8Þ

which is another way of writing Eq. (5.6).
The stress distribution along the axis perpendicular to the applied load is based

on the solution for an infinite plate containing a circular hole subjected to remote
uniaxial tensile loading [26]. This stress distribution is approximated for x > R with

ry x; 0ð Þ ¼ r1

2
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x

� �2

þ 3
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�7
R
x

� �8
" #( )

ð5:9Þ

The point stress criterion assumes that failure occurs when the stress at distance
d0 away from the notch root equals the failure strength
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Fig. 5.11 Illustration of the point stress criterion (a) and the Average stress criterion (b)
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ry Rþ d0; 0ð Þ ¼ rmax; ð5:10Þ

whereas the average stress criterion assumes that

rmax ¼ 1
a0

ZRþ a0

R

ry x; 0ð Þdx ð5:11Þ

will lead to failure.
Combination of Eqs. (5.8), (5.9) and (5.10) gives for the ratio between notched

and un-notched strength based on the point stress criterion

r1N
r0

¼ 2

2þ n2 þ 3n4 � K1
t � 3

� �
5n6 � 7n8
� � ð5:12Þ

with

n ¼ R
Rþ d0

ð5:13Þ

Similarly, combining Eqs. (5.8), (5.9) and (5.11) yields for the ratio between
notched and un-notched strength

r1N
r0

¼ 2 1� nð Þ
2� n2 � n4 þ K1

t � 3
� �

n6 � n8
� � ð5:14Þ

with

n ¼ R
Rþ a0

ð5:15Þ

Karlak [41] modified the point stress criterion based upon his observations that
the predicted blunt notch strength was proportional to the square root of the circular
hole radius. The parameter

k0 ¼ d0ffiffiffi
R

p ð5:16Þ

appeared indeed to be independent of the hole radius.
A second modification to the point stress criterion was proposed by Pipes et al.

[42, 43] who proposed the characteristic length to be determined with

d0 ¼ R=R0ð Þm
C

ð5:17Þ
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in which C is the notch sensitivity factor and R0 a reference notch root radius. For
the ratio between notched and un-notch strength one can then obtain Eq. (5.12), but
then with n defined as

n ¼ 1þRm�1R�m
0 C�1� ��1 ð5:18Þ

Based upon various studies, it has been demonstrated that the blunt notch
strength could be predicted using constant values for d0, a0 or k0. However, because
these parameters vary in value for each laminate lay-up, the parameters must be
established experimentally first, before any prediction can be made.

This is immediately the weakness of both stress criteria (with or without the
correction of Karlak); they do not provide a generic prediction method for FMLs,
unless for each possible lay-up, experiments have first been performed to determine
the values of d0 and a0. Because, for industrial application of the methodology, the
statistical basis for the obtained values is required, an extensive number of blunt
notch tests is necessary before predictions can be made. With the given amount of
experimental data, more simple and straightforward methods could easily be
adopted, such as for instance the MVF method earlier discussed in Sect. 4.11.1.

In addition, van Rijn [44] clearly showed that the assumption of the character-
istic lengths d0 and a0 to be material parameters is not supported by the test
evidence. The application of both stress criteria gave rather poor fits with the
obtained experimental results. Although the modification by Pipes et al. appeared to
give better results, the drawback of establishing the values for two parameters
(C and m) with test data does not compete with the benefits of other, more easily
applied, methods.

5.3.3 Blunt Notch Factor to Ultimate Strength in Net
Section

Müller [45] initially proposed based on the work of Vermeeren [25] to calculate the
gross blunt notch strength using

SBN;gross ¼ KBN
Anet

Wt
Sult ð5:19Þ

where KBN is the so called blunt notch factor, Sult he ultimate strength of the
material, Anet the net section of the sheet with width W and thickness t. The ultimate
strength of the FML at that time was established with the rules of mixtures using
Eq. (4.35).

The disadvantage of this approach was the empirical nature of the method. For
example, the values of KBN where determined empirically by Müller [45] using the
data of Vermeeren [25] for GLARE3-3/2-0.3 and monolithic aluminium to be,
respectively, 0.64 and 0.9. Despite that the data of Vermeeren was taken from
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open-hole blunt notch specimens, Müller successfully applied the approach and
values to mechanically fastened joints where the holes are filled and loaded by
fasteners.

5.4 Applicability to General Loading Conditions

The theoretical approaches discussed in the previous section use as input laminate
properties or strengths which have been generated with uniaxial test specimens. In
addition, the theories in most cases have been validated with tests using uniaxial
loaded specimen in their principal material directions. Only a few experimental
uniaxial off-axis and biaxial loading configurations have been reported [46–48].
This section provides an overview of the general observations during these tests and
discusses the consequences for application of the theories.

5.4.1 Uniaxial Off-Axis Loading

The Tsai–Hill or Norris failure criterion in Eq. (5.7) describes the interaction of
stresses that results in failure. This means that in case an FML specimen is tested in
a uniaxial direction that is not aligned with the principal material direction, addi-
tional shear stresses may interact with the imposed uniaxial stresses as result of
laminate orthotropy.

The stresses in the principal material direction can be calculated from the stresses
in loading directions; see Fig. 5.12, with

S11
S22
S12

2
4

3
5 ¼

cos2 h sin2 h �2 sin h cos h
sin2 h cos2 h 2 sin h cos h

sin h cos h � sin h cos h cos2 h� sin2 h
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3
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Fig. 5.12 Definition of the off-axis angle for testing unidirectional GLARE2A in L direction
(a) and GLARE2B in LT direction [46] (b)
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Here, one has to be aware that although the application of the load by the test
machine is uniaxial, as a result of the off-axis loading of the orthotropic laminate, an
imbalance will be created in loading direction. This effectively imposes an addi-
tional transverse load from the machine on the specimen. Here, the slenderness ratio
of the test specimen determines whether the transverse force that can be calculated
using CLT applies, or whether a smaller force must be considered [49].

Hooijmeijer [46] reported blunt notch tests performed on GLARE2B-4/3-0.4 and
GLARE2B-7/6-0.4 under off-axis angles ranging between 0° and 15°. With refer-
ence to Fig. 5.12, one has to keep in mind that in case of FMLs often laminates
have been considered with a specific application in mind. The difference between
GLARE2A and GLARE2B is the orientation of the fibre layers with respect to the
rolling direction of the aluminium. In case of GLARE2B, the fibres are oriented in
the direction transverse to the rolling direction, and hence the off-axis angle
reported by Hooijmeijer was defined as the angle between the loading direction and
the LT direction, hereafter referred to as hLT. The relation between the two angles
obviously is

h ¼ p
2
� hLT ð5:21Þ

for h and hLT in (rad).
In case of uniaxial loading, the transverse and shear stresses, i.e. Syy and Sxy, are

zero. This reduces Eq. (5.20) to

S11 ¼ Sxx cos2 h

S22 ¼ Sxx sin2 h

S12 ¼ Sxx sin h cos h

ð5:22Þ

Substitution into Eq. (5.7) and rewriting then yields

Sxx ¼ SBN ¼
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi

1

cos2 h
S11ult

� �2
� cos2 h

S11ult

� �
sin2 h
S22ult

� �
þ sin2 h

S22ult

� �2
þ sin h cos h

S12ult

� �2

vuut ð5:23Þ

The correlation between this relation and the experimental data from [46] is
presented in Fig. 5.13.

Here one should note that above-mentioned slenderness ratio of the test speci-
mens is different for the specimens tested by Hooijmeijer [46], compared to the
standard blunt notch test specimens [2]. Hooijmeijer tested 100 mm wide specimen,
whereas the standard test specimens generally are 50 mm wide.
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5.4.2 Shear Loading

Equation (5.7) uses an ultimate shear strength value S12,ult, which is generally
derived from uniaxial blunt notch tests under an off-axis angle of 45° using
Eq. (5.20). For the off-axis angle of 45°, Eq. (5.20) reduces to

S11 ¼ 0:5 Sxx
S22 ¼ 0:5 Sxx
S12 ¼ 0:5 Sxx

ð5:24Þ

and hence Eq. (5.7) can be rewritten to

S12ult ¼
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi

S2xx

4� Sxx
S11ult

� �2
þ Sxx

S11ult

� �
Sxx
S22ult

� �
� Sxx

S22ult

� �2

vuut ð5:25Þ

To determine whether this method is appropriate for establishing the input values
for shear, Borgonje [47] tried to perform blunt notch tests under true shear. For this
purpose, he modified the Iosipescu test specimen to include a circular notch in the
centre, or to alter the edge notches with different radii with or without the V-notch.

Although the values for certain specimen geometries seem to correlate fairly well
with the values obtained from the off-axis unidirectional tests (Fig. 5.14), the
general conclusion was that further research was necessary to substantiate any
assessment. Most failures for example were observed to not occur under pure shear.
Instead, buckling deformations occurred near the support areas.
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To improve such studies, Borgonje recommended the application of additional
tabs near the support area to avoid the buckling deformation and to allow higher
shear stresses in the centre cross section of the specimen. Additionally, alternative
specimen geometries must be developed changing the geometry of the edge notches
further.

5.4.3 Biaxial Loading

The biaxial blunt notch strength tests are complex tests to perform. The standard-
ized geometry determined for FMLs in [2, 28, 29] is no longer applicable and
dedicated specimen geometries must be designed. Especially the load introduction
into the specimen adds to the complexity [51], because the constraint induced by
specimen clamping should not affect the applied load in the other principal
direction.

To validate the Tsai–Hill or Norris failure criterion given by Eq. (5.7), attempts
have been made to perform biaxial blunt notch tests in a biaxial load frame. The
first series of tests all failed in the load introduction area rather than in blunt notch
[48]. A second series of tests, after improving the load introduction, resulted in one
blunt notch failure out of three biaxial blunt notch tests [51]. Hence, the general
conclusion was that the biaxial blunt notch tests were unsuccessful.

Therefore, the validation of the Tsai–Hill or Norris failure criterion has so far
been made with only uniaxial tests under a range of off-axis loading angles [50].
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5.5 Simple Methods for Design Purposes

The theoretical description of the blunt notch strength is rather complicated,
because the composite laminate theories have to be combined with the
elastic-plastic material response of the metallic constituents. A thorough and
detailed description therefore not only requires fundamental understanding of the
mechanisms, but often requires some assumptions to formulate a mechanistic
model. In an engineering environment, especially those related to certification and
material qualification, simple methods are therefore often preferred. Some of these
simplified approaches are discussed in this section.

5.5.1 Metal Volume Fraction

Similar to the approach explained in Sect. 4.8.1, the blunt notch strength can be
predicted with the metal volume fraction. This prediction approach applies to
uniaxial loading in which the blunt notch strength is predicted based on the blunt
notch strength of the metal (generalized for any orientation, because of the metal’s
isotropy) and the prepreg in that particular orientation

SBN;lam ¼ MVF � SBN;metal þ 1�MVFð ÞSBN;prepreg ð5:26Þ

This means that the composite plies with fibres perpendicular to the applied load
are assumed to not contribute to the blunt notch strength [37]; see also Table 5.2.
Similarly, the shear blunt notch strength is predicted with the same rule based on
the shear blunt notch strength of the constituents; see Table 5.2.

To demonstrate the ease of approximating blunt notch strength properties of
arbitrary hybrid laminates using the MVF method, concept B1 (Fig. 2.5) is taken as
example. The properties of the GLARE constituents are known and given in
Table 5.2. Without having determined the corresponding properties of the stainless
steel and carbon fibre prepreg, a first approximation can be made assuming that for
both the same relation between blunt notch and ultimate strength of the constituents
holds. The obtained blunt notch properties for the Concept B1 constituents are then
given in Table 5.3 together with their corresponding volume fraction.

Equation (5.26) is reformulated for an arbitrary hybrid laminate as

SBN;lam uð Þ ¼
P

niti
tlam

� SBN;i uð Þ ð5:27Þ

Table 5.2 Blunt notch strength of the GLARE constituents [37]

Material SBN,xx (MPa) SBN,yy (MPa) SBN,xy (MPa)

Aluminium 2024-T3 417 394 249

UD S2-glass/FM94 prepreg 1193 0 52
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To calculate the blunt notch strength of Concept B1, one additional calculation
step needs to be made. The T700/FM layers are oriented under an angle of ±15°
with respect to the principal axis of the laminate. To estimate the blunt notch
strength under this angle, as a first approximation the cos(u)4 contribution can be
taken from the value for SBN(u = 0), which gives SBN(u = 15°) = 1105 MPa.

With Eq. (5.27) and the volume fraction of the constituents given in Table 5.3,
the blunt notch strength of the overall laminate can then be calculated. This gives
SBN,lam = 949 MPa. Considering the approximations made for the raw constituents
and the simplicity of the procedure, the value seems quite accurate if compared to
the values obtained in the tests, given in Table 5.4.

5.5.2 Neuber’s Postulate

Another method to estimate the uniaxial blunt notch strength is based on the
assumption that the linear elastic peak stress at the open hole is reduced due to
plasticity in the metal layer, with as a consequence an increase in strain. With the

Table 5.4 Blunt notch test results for concept B1

Concept
B1

Fmax

(N)
W
(mm)

D
(mm)

tlam
(mm)

SBN,gross
(MPa)

SBN,net
(MPa)

Specimen
1

44,835 30 6 1.95 766.4 958.0

Specimen
2

44,672 24 6 1.95 763.6 954.5

Specimen
3

45,103 24.1 6 1.97 763.2 953.9

Specimen
4

44,116 24.1 6 1.96 750.3 937.8

Table 5.3 Overview of the blunt notch strength contributions of the constituents of concept B1

Material SBN (u = 0°)
(MPa)

SBN (u = 90°)
(MPa)

Volume fraction
(%)

Aluminium 2024-T3 417 394 42.4

UD S2-glass/FM94
prepreg

1193 0 14.1

Stainless steela 1879 1775 15.9

T700/FM943b 1269 0 27.6
aEstimated with the same SBN/Sult ratio as for aluminium
bEstimated with the same SBN/Sult ratio as for S2/FM94
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elastic peak stress and strain described with the stress concentration factor, this
implies [23]

rpeak\Ktrnom
epeak [Ktenom

ð5:28Þ

The postulate of Neuber states that for the initial deviation of the linear elastic
material response, i.e. the initial portion of the elastic–plastic stress–strain curve, it
can be assumed that

rpeakepeak ¼ K2
t rnomenom ¼ K2

t
r2nom
E

ð5:29Þ

The blunt notch strength is defined as the net stress, which is equal to the
definition of nominal stress. Therefore, failure may be assumed to occur when the
peak stress equals the ultimate strength of the material, corresponding to the ulti-
mate strain. Therefore, the blunt notch strength may be approximated with

SBN ¼
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
ESulteult

p
Kt

ð5:30Þ

With this method, it can be discussed which stress concentration factor is most
appropriate. Generally, the stress concentration factor for the FMLs is determined
with the expression accounting for the orthotropic nature of FMLs, according to the
theory explained in detail in Sect. 7.4. This includes the similarity approach to
account for the finite dimensions of the blunt notch specimen, Eq. (7.3).

There may be an advantage to Eq. (5.30), because it is explicitly based on the
stress concentration factor Kt, which accounts for the specimen geometry if the
similarity approach for finite width is applied. In that case, one may assume that the
actual dimensions of the specimen that may have some influence on the net blunt
notch strength should be described by this approach. The methods mentioned
earlier only implicitly address that, as they are based on a standardized specimen
geometry [2].

However, the major disadvantage of Eq. (5.30) is that it violates the condition
under which Neuber’s postulate may be applied; the initial part of the stress–strain
curve beyond first yielding. As a consequence of extrapolating the relations to the
final failure of the materials, i.e. ultimate strength and strain, the method becomes
highly inaccurate when FMLs are considered with limited fibre contributions to the
mechanical properties.

High strain hardening, as observed in unidirectional FMLs, is favourable for the
method, because the error in extrapolating Eq. (5.29) towards final failure then
remains limited. The error becomes larger for cross-ply laminates, which have less
strain hardening, and the error is extremely large for unidirectional FMLs per-
pendicular to the fibre direction. In that case, the strain hardening is negligible, and
the error in applying Neuber’s postulate to final failure is maximal.
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Chapter 6
Bearing Strength

Abstract The bearing strength of FMLs is discussed with respect to the individual
constituent phenomena. In particular the two main methods to experimentally
obtain the bearing strength are discussed, addressing ply delamination buckling as
an important phenomenon. The influence of the various characteristic specimen
dimensions on the bearing strength is discussed, and theories are presented to
predict the bearing strength of FMLs based on their constituent materials.

6.1 Introduction

The bearing strength is an important parameter for static strength evaluations of
mechanically fastened joints. The load transfer from one sheet to another sheet
through pin loading requires assessment of the strength of the pin–hole detail and
evaluation of the related failure mechanisms.

Aside from the rivet or bolt failure mode, the sheet may fail in different modes.
These failure modes are illustrated in Fig. 6.1. The type of failure mode that occurs
often depends on the geometrical dimensions of the pin–hole joint, i.e. the
diameter-to-width ratio (D/W) and the edge distance-to-diameter ratio (e/D). High
values of the D/W ratio often result in net-section failure, whereas low values of e/
D often result in shear-out failure.

This chapter primarily focuses on the bearing strength failure, Fig. 6.1c. Similar
to the blunt notch strength, discussed in the previous chapter, the failure phenomena
for bearing strength in FMLs differ from metallic or fibre reinforced polymer
composite materials. Bearing failure is defined as the given amount of permanent
deformation of the hole loaded by the pin. In metals, this deformation is primarily
caused by the plastic deformation of the material, while for composite materials,
this deformation may be the result of delamination buckling, fibre buckling, fibre
splitting and other fracture mechanisms.

This chapter starts by describing the definition of bearing strength as it is con-
sidered for mechanical joining in FMLs. The failure phenomena reported in the
literature will be described to provide a background for the evaluation methods for
bearing strength in FMLs given thereafter.

© Springer International Publishing AG 2017
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6.2 Definition of Bearing Strength

The bearing strength is typically described as the pin load divided by the area
defined by the pin diameter and sheet thickness, as illustrated in Fig. 6.2. The pin
load required to cause failure is then referred to as the bearing ultimate strength
(BUS).

Because the FMLs developed up until today have been certified as metallic
structures, the bearing strength allowables are defined similar to the allowables for

(a) (c)

(b)

W D

e

Fig. 6.1 Typical failure modes of pin-loaded holes; shear-out (a), net-section (b) and bearing
failure (c)

2% D Pin deflection

Load

BYS

BUS

t

W

D

t D

Fig. 6.2 Definition of the bearing allowables according to the ASTM standards [1]; the bearing
strength is defined as the pin load divided by the area of pin diameter times thickness
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monolithic metallic structures. These allowables are related to the bearing yield
strength (BYS) and BUS illustrated in Fig. 6.2.

6.3 Failure Phenomena

6.3.1 Delamination Buckling

The failure modes that can occur during pin loading FMLs are either typical
metallic or typical composite failure modes. The deformation indicated in Fig. 6.2
can be attributed to the plastic deformation of the metallic layers in the FML and to
the composite fracture mechanisms at the same time. However, as a result of the
laminated structure of FMLs, delamination buckling may occur as an additional
failure mode when either the metallic layers are too thin, or when insufficient
constraint is provided around the pin-loaded hole. The out-of-plane deformation of
the laminate illustrated in Fig. 6.3 may induce interlaminar stresses of such mag-
nitude that delamination between the layers occurs. This delamination implies that
the layers are no longer joined and supported by each other, resulting in buckling of
the individual metal layers.

As a consequence, the lack of hole constraint in the pin-bearing tests for metallic
sheets [1] may be insufficient to observe bearing failure in the FML, making a
pin-bearing test with anti-buckling constraints necessary [2]. This type of
pin-bearing tests is often referred to as bolt bearing [3, 4], as it represents the
clamping provided by the bolt head and washer. Typical BYS and BUS values for
GLARE and ARALL laminates are given in Table 6.1.

The difference in typical load–deflection curves that one may obtain with either
the ASTM E238-84 [1] or the ASTM D953-54 [2] test standard is illustrated in
Fig. 6.4. Due to the lack of constraint in the first standard test, delamination
buckling may occur at relatively low stress levels, whereas bearing failure modes
can be observed when constraint is provided according to the latter standard test.

rd rd

Fig. 6.3 Illustration of symmetric and asymmetric out-of-plane deformation due to pin loading [4]
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Slagter [4] investigated the strength of mechanically fastened joints in FMLs. He
observed that in the numerous static failure tests performed on these types of joints,
delamination buckling was not present. The constraint provided by the fastener
head and joined sheets appears to be sufficient to prevent delamination buckling
from occurring.

For assessment of the strength of mechanically fastened joints in FMLs, the
bearing type of failure is therefore of prime interest. This means that for bearing
strength, the characteristic load–deflection curve obtained with lateral constraint
(ASTM D953-54 standard—illustrated in Fig. 6.4), is the curve of interest.
Therefore, delamination buckling is not considered in the remainder of this chapter,
and only bearing failure is discussed. More information on delamination buckling
due to pin loading of holes is given by Slagter [4].

Table 6.1 Standardized ARALL and GLARE grades [4]

Grade of laminate and lay-up ASTM E238-84 ASTM D953-54

BYSa (MPa) BUSb (MPa) BYS (MPa) BUS (MPa)

GLARE2-3/2-0.3 – 549 530 709

GLARE3-3/2-0.3 – 537 546 789

GLARE4-3/2-0.3 – 510 518 658

ARALL2-3/2-0.3 – 563 492 727

ARALL3-2/1-0.3 – 593 716 946

ARALL3-3/2-0.3 – 556 615 825
aBearing yield strength could not be determined
bFailure by delamination buckling

2% D Pin deflection

Load

BYS

BUS

ASTM D952-54
ASTM E238-84

Fig. 6.4 Characteristics load–deflection curves for pin-bearing and bolt-bearing tests [4]
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Another aspect often not explicitly addressed, but worth to note is the influence of
the laminates Young’s modulus on the determination of the BYS. This is illustrated
for unidirectional and cross-play FMLs in Fig. 6.5. The offset definition of 2%D in
the determination of BYS implicitly incorporates an influence of the elastic stiffness.
In addition, depending of the amount of strain hardening after yielding FMLs with
relatively higher BYSs may end up with relatively lower BUSs.

6.3.2 Bearing Failure

In experiments, the different failure modes illustrated in Fig. 6.1 may be chosen by
carefully selecting the geometry of the specimens. Limiting the edge distance
(e/D) too much will cause shear-out, while taking the diameter too large compared
to the specimen width, most likely will give net-section failure.

However, although a standardized test may be defined for which the bearing type
of failure mode is most common [7], the other failure modes may not be fully
excluded. In fact, depending on the FML constituents considered, the specimen
geometry may need to be redefined in order to avoid net-section failure or shear-out
[8]. That fact even applies to the lateral constraint applied to the specimen [9];
depending on the thickness of the individual metallic sheets, even the slightest
delamination may induce buckling of the metallic sheets.

In addition to that, the bearing failure mode may occur together with crack
formation in width direction (initiation of net-section failure) and in loading
direction (initiation of shear-out). This was observed by Buczynski [10] who tested

2% D Pin deflection

Load

BYS

BUS

GLARE 2

GLARE 3

Fig. 6.5 Influence of Young’s modulus on the measured BYS and BUS [5, 6]; note the similarity
with the influence illustrated in Fig. 2.2
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FMLs made of 0.1 mm thin stainless steel sheets reinforced by carbon fibre epoxy
layers. The very thin sheets easily buckled due to the lack of lateral support, but the
typical bearing failure often occurred together with shear-out cracking (Fig. 6.6)
and net-section onset cracking (Fig. 6.7).

The observations of Buczynski are not exclusively related to the application of
thin stainless steel foils, as demonstrated by the experimental observations of
Frizzell et al. [11].

Here one should bear in mind that the definition of bearing strength, related to
the 2%D deflection, may be easily obtained with, for example, ARALL and
GLARE, containing ductile aluminium alloys, but requires more damage (mecha-
nisms) before similar deflections or deformations are obtained with high stiffness
stainless steel alloys and carbon fibre epoxy systems.

Cross sections made by Buczynski revealed a high amount of buckling defor-
mation in the individual stainless steel sheets before 2% permanent deformation,
see Fig. 6.8. The observations seem in agreement with the observations reported by

Fig. 6.6 Typical stages of bearing failure combined with buckling and shear-out cracking in
stainless steel–CFRP laminates observed in four different specimens [10]

Fig. 6.7 Typical combinations of buckling and bearing failure and net-section onset cracking in
laterally constrained stainless steel–CFRP laminates [10]
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Yamada et al. [12] for FMLs using thin titanium sheets together with carbon fibre
epoxy layers.

A significant increase in bearing strength values could be obtained by improving
the stability of the individual stainless steel sheets by increasing the thickness.
However, Buczynski illustrated that even bonding two 0.1 mm sheets together may
not be sufficient to increase the buckling stability, as the flexibility of the adhesive
would not sufficiently support the individual plies, see the centre specimen in
Fig. 6.8.

6.4 Diameter-to-Thickness Ratio

Hakker [5, 6] studied the bearing strength of unidirectional GLARE laminates.
Aside from the edge distance-to-diameter (e/D) and diameter-to-width (D/W) ratio,
he investigated the effect of diameter-to-thickness (D/t) ratio. The results of his
experiments are plotted in Fig. 6.9. These data have been presented before by Wu
et al. in [13].

Fig. 6.8 Typical out-of-plane deformations as illustrated in Fig. 6.3 in stainless steel–CFRP
laminates with 0.1 mm thin steel sheets [10]
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Although Hakker concluded that there is not a clear or significant effect of
increasing the D/t ratio on the bearing yield and BUS, a slight trend still can be
observed. Figure 6.9 illustrates that increasing the D/t ratio decreases the bearing
strength slightly. This trend should be attributed to the effect of the pin diameter
itself, as was also pointed out by Hakker. Increasing the pin diameter decreases the
bearing strength, which implies that the largest pin diameter of 8 mm, most com-
monly applied, yields the lowest strength. In any case, the results presented by
Collings [14] seem to suggest that with sufficient lateral constraint, the effect of D/
t will disappear.

6.5 Influence of the Diameter-to-Width Ratio

The diameter-to-width ratio (D/W), or W/D ratio, of the specimens used to establish
the bearing strength influences the failure mode. As mentioned before, too low
values of W/D will induce net-section failure, which may result in lower strength
values. This aspect was evaluated by among others Meola et al. [15] who tested a
modified GLARE laminate at several diameter-to-width ratios.

A key observation is that for values ofW/D above 2, the measured bearing strength
remained constant (Fig. 6.10). This implies that in order to ensure bearing type of
failure mode, a width of twice the diameter should be sufficient. Comparing this value
with glass fibre reinforced polymer laminates [16], this value is very low [15].
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Fig. 6.9 Relation between the bearing strength and the diameter t thickness ratio D/t, data from
[6]. Three diameters were tested: 4, 6.35 and 8 mm
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6.6 Influence of Edge Distance

The edge distance-to-diameter ratio (e/D) may also influence which failure mode
occurs [17]. Hence, the static strength evaluation of mechanically fastened joints
should consider the influence of the edge distance. Where in monolithic aluminium,
the edge distance of, for example, e/D = 2 may be sufficient to obtain bearing type
of failure, selection of the edge distance in FMLs may require some further
elaboration.

To investigate the influence of edge distances on the bearing strength and failure
modes, Wu and Slagter [18], Broest [19] and Meola et al. [15] performed bearing
strength tests at different values for the edge distance.

The results for unidirectional GLARE2B and cross-ply GLARE3 and
GLARE4B are consistent between the experiments performed by Wu and Slagter
and the ones reported by Broest. It is therefore interesting to observe the difference
between the standardized GLARE laminates reported by these authors and the
modified lay-up tested by Meola et al., both illustrated in Fig. 6.11. Apparently, the
edge distance required to obtain pure bearing strength failures with corresponding
bearing strength values is lower for the modified lay-up compared to the stan-
dardized laminates reported by Wu, Slagter and Broest, as illustrated in Fig. 6.12.
The transition takes place near e/D * 1 instead of e/D * 2.5.
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Fig. 6.10 Relation between measured bearing strength and diameter-to-width ratio (data from
[15])
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In other words, one may be able to adapt the minimum edge distance in design
by changing the lay-up of the laminate, rather than changing any of the constituent
materials.

6.7 In-Axis Versus Off-Axis Loading

The directionality of loading is an important parameter for design. Mechanically
fastened joints, for which the bearing strength forms an important parameter, may
not be perfectly loaded in their major material axes. This has led to testing FML lap
joints in a uniaxial test set-up where the joint was placed under an angle, as reported
by De Rijck [20].

To evaluate the influence of the load orientation with respect to the major
material axes, bearing strength tests have been reported by Broest and Nijhuis [21]
at loading angles of 0°, 45° and 90°. The tests were performed on unidirectional
GLARE2B laminates and cross-ply GLARE3 and GLARE4B laminates.

Due to the presence of metal layers in FMLs, the influence of the fibre layers on
the bearing strength remains limited, though not negligible. The results by Broest
[19] and Broest and Nijhuis [21] show that unidirectional FMLs have a lower
ultimate bearing strength compared to their cross-plied counterparts. The fibre
layers in unidirectional FMLs only contribute with the adhesive’s resistance to
shear deformation, whereas in cross-ply laminates, the combination with transverse
layers improves the resistance. This is schematically illustrated in Fig. 6.13.

Obviously, this resistance to shear deformation can be further improved by
adding fibre layers under ±45° angles, as demonstrated by Meola et al. with their
improved lay-up [15]. This improvement seems to outperform the improvements
that potentially can be obtained by adding thin high-strength metal inserts at the
edges as investigated by Van Rooijen [22].

Fig. 6.11 Illustration of the GLARE3-5/4-0.3 lay-up tested by Broest [19], and the lay-up of the
improved GLARE laminate tested by Meola et al. [15]
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An interesting observation reported by Broest and Nijhuis [21] is that the
dependence of the measured bearing strength on the so-called off-axis angle is fairly
small, even for the unidirectional FML GLARE2A. Hence, they conclude that
performing bearing strength tests under off-axis angles for determining design
allowables seems irrelevant. This observation and conclusion are supported by the
numerical analysis of Van Rooijen [22] who investigated the off-axis bearing
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Fig. 6.12 Relation between measured bearing ultimate strength and edge distance-to-diameter
ratio for laterally unconstrained bearing tests (data from [15]). A similar transition was reported by
Broest [19] at e/D * 2.5)

Fig. 6.13 Illustration of the influence of fibre orientation in unidirectional and cross-ply FMLs
under bearing loading [19]
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properties of unidirectional GLARE2 and cross-ply GLARE3. A comparison
between the numerical results of Van Rooijen with the experimental results obtained
by Broest and Nijhuis is given for both laminate types in Figs. 6.14 and 6.15.
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6.8 Analysis and Prediction Methods

To evaluate the bearing strength of FMLs, various analysis methods have been
proposed and reported in the literature. These methods vary from simplified ana-
lytical models to three-dimensional finite element analyses (FEA). This section
provides a brief description of the most important methods for describing the
bearing strength of FMLs.

6.8.1 Bilinear Constituent Representation with Rules
of Mixtures

The load–deflection curve typical for FMLs can be approximated with a bilinear
curve, as proposed by Slagter [4] and later again confirmed by Holleman [23] and
Krimbalis et al. [24]. Slagter developed a simplified method for predicting the
bearing yield and BUS. The assumption is that if the bearing strength tests were
conducted on the metallic and fibre layers separately (with ASTM D953-54 for the
fibre layers), one would obtain two hypothetical curves as illustrated in Fig. 6.16. In
this representation, Km and Kf represent the slopes of the linear elastic part of the
load deflection curve, referred to as the elastic foundation modulus.

deflec on

aluminium layer

prepreg layer

Fig. 6.16 Schematic pin-loading stress–deflection behaviour of the metal and fibre layer of an
FML [4, 23]
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Slagter evaluated the elastic foundation modulus K for a monolithic aluminium
plate with a pin-loaded hole by making an energy analysis for the displacement of
the pin in the hole. He assumed the pin to be a circular cylindrical beam resting on
an elastic foundation without friction and clearance. The rigidity of the pin assured
that the foundation modulus only depended on the stiffness of the foundation and
not on the bending stiffness of the pin. Slagter assumed for all considered foun-
dations an isotropic material with Young’s modulus E and a constant Poisson’s
ratio m.

The elastic foundation modulus was calculated with

K ¼ P
v � t ð6:1Þ

where t is the nominal sheet thickness, and v is the deflection of the pin under the
application of bearing load P [23]. Dimensional analysis reveals that the elastic
foundation modulus K is proportional to the Young’s modulus E with

K ¼ E � f e
W

;
e
D

� �
ð6:2Þ

which explains the name ‘foundation modulus’.

deflec on

Fig. 6.17 Illustration of the idealized bilinear bearing stress–deflection behaviour in consideration
of both the 2 and 4% yield point [23]
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According to Slagter, bearing yield and BUS of FMLs can then be predicted
with the two curves in Fig. 6.16 using the MVF approach. To enable a straight-
forward calculation using the MVF approach, Slagter had to assume

– that yielding of the fibre layer under the pin loading occurs at the same
deflection as that of the metallic layer (vel in Fig. 6.16)

– that both bearing yield and BUS of the FML correspond to the same deflections
at which the metal layers reach their bearing yield and BUS.

The BYS and BUS of the FML (Fig. 6.17) are then determined with,
respectively,

rlamby ¼
rmby;2% �MVFþ Kf ;el

Km;el
rmby;2% þ

2Km;el j2%m �j2%fð Þ
100 j2%m �1ð Þ

� �
1�MVFð Þ

rmby;4% �MVFþ Kf ;el

Km;el
rmby;4% þ

4Km;el j4%m �j4%fð Þ
100 j4%m �1ð Þ

� �
1�MVFð Þ

8>>><
>>>:

rlambu ¼
rmbu �MVF + Kf ;el

Km;el
rmbu � rmby;2%

� �
j2%f
j2%m

þ rmby;2% þ
2Km;el j2%m �j2%fð Þ

100 j2%m �1ð Þ
� �

1�MVFð Þ

rmbu �MVFþ Kf

Km
rmbu � rmby;4%

� �
j4%f
j4%m

þ rmby;4% þ
4Km;el j4%m �j4%fð Þ

100 j4%m �1ð Þ
� �

1�MVFð Þ

8>>><
>>>:

ð6:3Þ

in which

j2%m ¼ K2%
m;pl

Km;el
; j4%m ¼ K4%

m;pl

Km;el
; j2%f ¼ K2%

f ;pl

Kf ;el
; j4%f ¼ K4%

f ;pl

Kf ;el
ð6:4Þ

and rmby;2% , r
m
by;4%

and rmbu , respectively, the bearing yield at 2 and 4% deflection and

BUS of the metal layers, often available in handbooks or provided by metal pro-
ducers. In these equations, Km, Kf, jm and jf must be determined with experiments,
in particular for highly orthotropic prepreg layers [4].

According to Slagter [4], experiments support that for GLARE grades, one can
assume Ef/Em to approximate Kf,el/Km,el, and that for cross-ply FML grades
(GLARE3) jm = jf, and that the unidirectional prepreg behaves in bearing as
elastic-perfectly plastic, or jf = 0.

Predictions with Eq. (6.1) provide excellent results for both bearing yield and
BUS as illustrated in Table 6.2. All experimental results lie within 10% of the
model predictions, except for the cross-ply GLARE4 laminate, of which the fibre
layer contribution should be expected to lie in-between the unidirectional GLARE2
and cross-ply GLARE3 laminates. However, one has to keep in mind that the
values of the bearing strength in Table 6.2 are obtained for an edge distance of
e/D = 2.0, see also Fig. 6.18. Holleman [23] and Mattousch [25] presented sig-
nificantly higher values for edge distances of e/D = 3.0 for some of the laminates in
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See Tables 6.2 and Table 6.3. Predicting the theoretical values with Eq. (6.3) then
requires the bearing yield and ultimate strength for the metal layers at the same edge
distance, which are given by Mattousch [25], see Table 6.4.

Table 6.2 Comparison between bearing yield and ultimate strength obtained by bolt-type bearing
test at e/D = 2.0 and the analytical model from [4]

Grade and lay-up MVF BYS BUS

Testa

(MPa)
Theoryb

(MPa)
Error
(%)

Testa

(MPa)
Theoryb

(MPa)
Error
(%)

GLARE2-3/2-0.3 0.64 530 530 0.0 709 742 4.7

GLARE3-2/1-0.2 0.62 495 810 754 −6.9

GLARE3-2/1-0.3 0.71 526 856 802 −6.3

GLARE3-3/2-0.2 0.55 470 702 717 2.1

GLARE3-3/2-0.3 0.64 546 504 −7.7 789 769 −2.6

GLARE3-4/3-0.4 0.68 517 778 789 1.4

GLARE3-4/3-0.5 0.73 534 832 814 −2.2

GLARE3-5/4-0.4 0.67 513 769 781 1.6

GLARE4-3/2-0.3 0.55 518 498 −3.8 658 760 15.5
aBolt-type bearing test values determined in accordance with ASTM D953-54
bEquation (6.1) with jm = jf = 0.1 (cross-ply) or jm = 0.1, jf = 0 (unidirectional), Kf/Km = Ef/Em,
and rmby = 629 MPa and rmbu = 959 MPa
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Fig. 6.18 Illustration of the
dimensions of the specimens
tested by Slagter [3, 4] (a) and
the dimensions for the
specimens tested by Holleman
[23] and Mattousch [25] (b)
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6.8.2 Simplified MVF Method

The bearing strength prediction method represented by Eq. (6.3) relates both
laminate bearing yield and bearing ultimate to the contribution of the bearing
strength of the metal constituent and the volume fraction of the metal layers in the
total laminate thickness. This is visible in Eq. (6.3) with the MVF and the (1-MVF),
of which the latter is the fibre volume fraction.

To reduce the complexity of the method, Eq. (6.3) can be simplified to the rule
of mixtures, discussed before for the static properties in Sect. 4.11.1 and for the
blunt not strength in Sect. 5.8.1. Similar to Eq. (5.24), one could rewrite Eq. (6.3)
into the form

Slamby ¼ MVF � Smby þ 1�MVFð ÞS f
by

Slambu ¼ MVF � Smbu þ 1�MVFð ÞS f
bu

ð6:5Þ

Table 6.4 Comparison between measured prepreg bearing yield and ultimate strength obtained
by bolt-type bearing test at e/D = 3.0 [23, 25] and the values used in the MVF method [26]

Material/lay-up t (mm) Experimentsa MVF method

rmby;2%
(MPa)

rmby;4%
(MPa)

rmbu
(MPa)

rmby;2%
(MPa)

rmbu
(MPa)

[0]6 0.85 b b 160 794 585

[0]12 1.77 b b 159

[90]6 0.85 b b 82 231 565

[90]12 1.77 b b 81

[0/90/90/0] 0.58 171 207 373 657 689

[0/90/90/0]3 1.8 175 225 446

[0/90]3 0.88 183 216 301

[90/0/0/90] 0.59 152 191 373

[90/0/0/90]3 1.78 199 237 433

[0/90/0] 0.45 181 202 389 583 608

[0/90/0]2 0.88 212 255 469

[0/90/0]4 1.75 196 233 427

[90/0/90] 0.44 183 208 391 434 689

[90/0/90]2 0.89 187 230 532

[90/0/90]4 1.76 211 244 420

2 � 0.28 Al 0.56 689 804 1078 693 1200

Monolith Al 0.66 688 804 1194

Monolith Al 1.3 640 1200

Monolith Al 1.6 639 754 1200
aBolt-type bearing test values determined in accordance with ASTM D953-87
bElastic until failure
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This rule of mixtures has been studied by Roebroeks [26], who developed the
MVF approach for bearing strength at an edge distance of e/D = 3.0. The bearing
yield, defined by the 2%D deflection (see definition in Fig. 6.16), and the BUS were
calculated with the linear interpolation rule. For this calculation, the bearing yield
and BUS for the metal layers were obtained with a bearing strength test on
monolithic aluminium with an edge distance of e/D = 3.0. These results were
reported by Mattousch [25], which were, respectively, rmby = 640 MPa and

rmbu = 1200 MPa, though Roebroeks [26] used for the BYS rmby = 693 MPa instead,
see Table 6.4. Note that these values are higher than the values given in Table 6.2,
because the edge distance here is e/D = 3.0 instead of the e/D = 2.0 in Table 6.2.

Obviously, reducing the complexity by reducing Eqs. (6.3) and (6.4) to Eq. (6.5)
requires empirical assessment of the fibre layer contribution. In the attempt to
evaluate the elastic and plastic foundation moduli and the j ratios of Eq. (6.4) for
the standardized GLARE grades, Holleman [23] has illustrated that for any standard
GLARE grade, an assessment must be made for the longitudinal and transverse
direction of the stack of fibre layers between two aluminium layers. As a result, the
corresponding bearing yield and ultimate strength values of the prepreg layers must
be tuned in order to obtain best fits with the bearing strength test data, as, for
example, presented by Slagter [4], Holleman [23] and Mattousch [25].

Here, one has to keep in mind that testing the prepreg lay-up alone may yield
different values, because the failure mechanisms differ from the mechanisms of
failure of the same stack within an FML lay-up. This is illustrated in Table 6.4 by
comparing the bearing yield and ultimate strength values measured by Holleman
[23] and Mattousch [25] with the values determined by Roebroeks [26] for the
MVF method.

6.8.3 Finite Element Analyses

An approach towards describing the bearing strength behaviour alternative to the
analytical formulation of Slagter [3, 4] is through the use of FEA. Various authors
have proposed FEA adopting different failure criteria or methods to define bearing
failure.

For example, Van Rooijen et al. [27] presented FEA using solid elements to
describe the individual layers of the FML. For the metal, he assumed
elastic-perfectly plastic behaviour, while for the prepreg layers, he adopted a
degradation factor for various in plane properties after failure initiation criteria were
met.

Krimbalis et al. [28] suggested a different approach using FEA based on a
revised compression characteristic dimension, defined as the distance between the
hole edge and a point in the stress profile where the compressive stress equals the
yield strength of the metal layer. In the literature, this approach is also often referred
to as the critical distance method. Their definition is in agreement with their
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observations in slightly modified bearing strength tests they performed [29], and the
observation by Caprino et al. [9] discussed above that the aluminium layers within
GLARE play a dominant role in determining the true bearing strength of a joint.

Similar to Van Rooijen, Hundley et al. [8] introduced FEA incorporating a
three-dimensional progressive failure constitutive model for the prepreg layers. The
interlaminar properties were described using cohesive zone formulations, while
with a user material subroutine, the onset of damage in the prepreg layers was
evaluated at each integration point in the mesh, similar to the failure initiation
criteria adopted by Van Rooijen et al. [27].

Recently, Garg et al. [30] presented FEA using a multi-scale approach incor-
porated into the existing GENOA software. The multi-scale approach calculates
stresses and strains at the micro-scale that are derived from the lamina scale using
micro-stress theory. Although this approach is often presented as a significant
advancement, one may argue that this approach is scientifically not more sophis-
ticated than the analyses of Van Rooijen et al. [27] and Hundley et al. [8]. The
reported calibration exercise with data from Hagenbeek [31] transfers the macro-
scopic properties established with experiments to the microscopic level; these
properties are then again recalculated to macroscopic levels for predictions. The
reported correlations claiming accuracy in prediction therefore merely represent a
verification that this calibration is performed consistently, rather than a true
validation.

6.9 Additional Studies

The studies discussed in this chapter on the bearing strength of FMLs approached
the problem from various perspectives, either investigating the bearing strength
experimentally, or developing predictive capabilities with analytical or numerical
methods. What all these studies have in common is that they consider the subject of
bearing strength of FMLs as a separate property and only for laboratory-air and
room temperature environments.

Only a few studies report putting the bearing strength into context with, for
example, the blunt notch strength discussed in Chap. 5, or addressing the influence
of environmental conditions. This section highlights two of those studies.

6.9.1 Bearing/ByPass Diagrams

The fasteners in mechanically fastened joints often transfer portions of the load,
while the remainder of the load goes around the fastener. These loads are often
referred to as bypass loads. In monolithic aluminium, interaction between bypass
loads and bearing loads is assumed to be small, because the ductility of the alloys
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effectively redistributes the stresses. This is similar to the blunt notch strength.
However, in composites the bypass loads have a significant effect on the bearing
strength, requiring the assessment of the so-called bearing/bypass interaction.

A first attempt to evaluate the bearing/bypass interaction for Fibre Metal
Laminates was made by Ypma [32]. Ypma tested a number of specimens, varying
the number of fasteners over which the load is transferred. The approach is not
according to the procedure prescribed in [33], but Ypma explains that the incentive
for the exploratory study was to identify whether the interaction could be
demonstrated with a simple test specimen and test set-up.

Some of the specimen configurations Ypma tested are illustrated in Fig. 6.19. He
assumed the single fastener joint, illustrated in Fig. 6.19a, to represent the pure
bearing strength case, while the joints with two or more fasteners represent various
levels of bearing/bypass interaction.
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Fig. 6.19 Illustration of specimen dimensions tested by Ypma [32] with a single Hi-Lok (a), two
Hi-Loks (b) and five Hi-Loks (c). Ypma tested in a similar fashion specimens with three and four
Hi-Loks
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The fastener load Ffastener was determined by dividing the total measured load by
the number of fasteners in the specimen. Obviously, this is a crude approach,
because the intermediate fasteners are known to bear less load than both outer
fasteners [34]. The bearing stress was then calculated with

Sb ¼ Ffastener

DHi�Loktlam
ð6:6Þ

whereas the bypass stress was determined at the first fastener, exhibiting the highest
bypass stress, with

Sby�pass ¼ Ftotal � Ffastener

Wtlam
ð6:7Þ

Because bearing/bypass diagrams are generally plotted in the form of bearing
stress versus bypass strain, Ypma used the stress–strain relationships for the cor-
responding FML using the software developed and reported by Hagenbeek [35].
For the monolithic aluminium specimens Ypma, used the stress–strain relationships
reported in [36].

Based on the experimental results, the bearing/bypass diagram was presented,
which is given in Fig. 6.20. Ypma concluded that although the performed tests and
the specimen geometry are far from ideal for studying bearing/bypass interaction,
the experiments did demonstrate an interaction is visible for the FML GLARE. He
recommended to further study this interaction using proper experiments, as, for
example, proposed in [33].

Fig. 6.20 Bearing/bypass interaction curves for aluminium 2024-T3 and GLARE4A-4/3-0.3 [32]
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6.9.2 Environmental Exposure

Borgonje [37] investigated the influence of realistic hot/wet environment on the
bearing strength properties, testing specimens that were exposed at a site in
Australia for 2 and 6 years. He compared the observations to specimens tested
without exposure at both room temperature and at 70 °C. Unexposed bearing
strength tests at 70 °C were previously performed by Broest and Nijhuis [21]. In
addition, specimens were tested after accelerated exposure at 70 °C and 85% RH,
both for 1500 and 3000 h.

The experiments revealed that the exposure to the hot/wet environments dete-
riorates the BYS and BUS of GLARE. The observed reduction, however, was still
less than the tests without exposure tested at 70 °C. Because the bearing strength
tests were tested according to the test specification specifying clearance between
specimen and its support, the obtained bearing strength values appeared to be
unrealistically low. The results did seem to correlate with the bearing strength tests
with and without accelerated exposure performed within the material qualification
programme [38], but as Ypma already reported in [39], these were tested at an edge
distance of e/D = 2, while Broest and Nijhuis used e/D = 3. For that reason,
Borgonje recommended to further study the environmental influences, but to har-
monize the specimen geometry and test specification, preferably using the
bolt-bearing test specification.
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Chapter 7
Fatigue Initiation

Abstract This chapter explains how fatigue initiation in FMLs can be evaluated and
predicted, assuming that the phenomenon primarily affects the fatigue property of the
metal constituents. It is illustrated how definition of initiation in the theory enables the
utilization of Wöhler failure life curves obtained for the monolithic metal, in combi-
nation with stress concentration factors and laminated plate theory. The accuracy of
prediction is discussed in relation to the match between the conditions for the adopted
Wöhler curves and the predicted conditions. In the end, the theory is related to the
application of mechanically fastened joints, where a combination of tension and
bending impose different fatigue initiation lives in each individual metal layer.

7.1 Introduction

Fatigue initiation in hybridmaterials in general and FMLs in particular is considered a
damage phenomenon primarily related to the metallic constituents. The methods to
assess fatigue initiation are as a consequence similar to the methods for metals. It is
assumed that the initiation of a crack under cyclic loading in ametallic layer of an FML
is equal to the initiation behaviour of a monolithic sheet of the same metal, provided
that the cyclic stresses at the location of initiation are identical for both cases.

7.2 Definition of Initiation

Traditionally, the transition from initiation to crack growth in monolithic metals has
been related to the transition from nucleation and formation of micro-cracks
towards propagation of macro-cracks [1]. The initiation phase is predominantly
affected by the surface conditions, whereas the subsequent crack growth phase is
determined by the bulk material properties.

Indeed, because of the argument that the initiation behaviour in the metal layers
of the FML is determined solely by the metal layer [2], there seems to be no
scientific reason for taking a different definition for fatigue initiation in FMLs.
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For the thin sheets in FMLs (commonly between 0.3 and 0.5 mm), it can be argued
that the transition length, i.e. the crack length at which transition is assumed to take
place, thus would be in the same order of magnitude as the sheet thickness.

However, from an engineering perspective a different transition length is preferred.
A first suggestion for a different transition length was given by Homan [3], who has
shown that the initiation behaviour is predominantly described by the actual nominal
stress cycle and thepeak stress cycle at the notch root.He derived a theory inwhich these
stresses are calculated for the individual metal layers of an FML using the Classical
Laminate Theory. These nominal stresses, together with the corresponding stress
concentration factor Kt at the notch in these layers, could be related to S–Ni (fatigue
life until initiation) curves, obtained from fatigue tests on monolithic metal sheets.

The problem here is that the available fatigue data for metallic materials consist
either of fatigue life until failure data (S–N) or of crack resistance data (da/dN vs.
DK). In engineering practice, the fatigue initiation in monolithic metals is often
related to the S–N data, because the growth period in these tests is relatively small;
see Fig. 7.1. In FMLs, however, the growth of cracks from the transition length of
0.1–0.3 mm onwards is more substantial, because fibres start to bridge these cracks.
Hence, working with such a small transition lengths requires generation of S–Ni

curves defined as life until the formation of that transition length.
This means that statistically significant number of monolithic metal samples

must be fatigue-tested to generate S–Ni = curves, for which already S–N curves to
failure have been generated, or another engineering approach should be adopted to
use the available fatigue life data. Here, the hypothesis is that if the transition length
is selected appropriately, the vast amount of experimental S–N data, available in the
open literature, can be used to predict the initiation behaviour of FMLs.

Figure 7.1 illustrates the evolution of cracks length as percentage of the life until
failure for monolithic aluminium 2024-T3. From this figure, it is evident that once a
transition crack length of ai = 1 mm is taken; the error with the total fatigue life is
rather small, in the order of a few per cent. However, if initiation would be defined
up to a transition crack length of about 0.1 mm the error would be significant, up to
60%. Based upon this figure, it is suggested to take a transition crack length of at
least 1 mm, but preferably greater, to further limit the error with the S–N data taken
from the literature.

On the other hand, Fig. 7.1 also illustrates the crack growth for two GLARE
grades for crack lengths up to 5 mm. From this figure, it can be observed that the
fibres start having an effect on the crack growth once the crack is still in the order of
a tenth of millimetres. In other words, this graph suggests that a transition length
should be defined as small as possible—preferably less than 1 mm—in order to
exclude any effect of fibre bridging on the initiation life.

In the past, when discussing the transition from initiation to crack growth, the
selected transition length of 1 mm was often justified with the argument that after
1 mm the fibre bridging became effective. In other words, fatigue initiation was
related to fibres being ineffective, while crack growth was related to effective fibre
bridging. This distinction seems to be supported by the illustration in Fig. 7.2,
presented by Homan [3].
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Fig. 7.1 Length of small cracks as percentage of the fatigue life for un-notched Al2024-T3 [1, 4]
(upper) and the growth of small cracks in GLARE [1, 5] (lower)

Homan explains that there are two transitions in phenomena in FMLs: the tran-
sition between micro-crack and macro-crack lengths, and the transition from inef-
fective to effective fibre bridging. He explicitly notes that there is no physical
relation between these two transitions. Where in monolithic metals commonly the
transition between micro-crack to macro-crack length is considered [1], in FMLs the
transition between ineffective and effective fibre bridging is considered dominant.

However, Fig. 7.1 illustrates that the fibres start influencing the crack growth
immediately. Nevertheless, based upon other work [2] it is known that the length at
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Fig. 7.2 Different phases of the fatigue life in FMLs compared to monolithic aluminium together
with relevant factors

which fibre bridging becomes fully effective might range between tenth of mil-
limetres up to several millimetres depending on the laminate, notch and loading.

To conclude, the transition crack length of 1 mm is not directly related to any
physical phenomenon. It is a somewhat arbitrary, but convenient engineering
selection to enable application of S–N data to the prediction of fatigue initiation in
FMLs. This means that when discussing fatigue initiation in FMLs, one always has
to specify the selected transition length.

A practical implication of the selection of 1 mm as crack initiation length is that
various inspection methods for open holes could be used for detection. For
example, Airbus has demonstrated that the 1 mm crack length can be detected
online at the mating surfaces of a single shear joint using either crack wires or by
comparative vacuum monitoring.

The method originally presented by Kieboom [6] and Homan [3] has been
further developed and corrected by Spronk et al. [7]. Although the overall
methodology remains similar, they justified their paper by arguing that the original
method [3, 6] did not describe how the obtained laminate stresses were recalculated
to nominal stresses, which is common practice in fatigue life evaluation of metallic
materials when working with the stress concentration factor.

They also argued that although it wasmentioned that the residual stresses affect the
stress concentration factor, making it dependent on the applied load, it was unclear
which stress concentration factor should be taken to characterize the peak stresses in
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comparison with the reference S–N data. Moreover, the stress ratio that has to be
considered for correlating to S–N data was also not well addressed. For this reason,
the explanation in this chapter follows the description of the work by Spronk et al. [7].

7.3 Definition of Stresses

In the methodology for predicting fatigue crack initiation, different types of stresses
are considered. Starting with the stresses applied to the laminate, equivalent far field
stresses can be computed using the Classical Laminate Theory (CLT). Here one has
to be aware that the far field stresses in each layer consist of a mechanical stress
component, induced by the applied laminate stress, and a thermal stress component,
induced by laminate curing. The method to calculate these stress components is
explained in Chap. 4.

Fatigue life evaluations are performed using stress concentration factors that are
defined as

Kt ¼ rpeak
Snom

ð7:1Þ

where the nominal stress Snom is defined in Fig. 7.3. The peak stress rpeak is the
maximum local stress in the gradients illustrated in Fig. 7.3.

With Fig. 7.4a, the nominal stress in case of an open hole in a uniaxial loading
condition is defined as

Snom ¼ Sapplied
W

W � D
ð7:2Þ

Here one should note that the nominal stress is a function of the appliedmechanical
stress, but that the local stress is influenced by the thermal stresses induced by curing;
see Fig. 7.4b. These residual stresses include any additional residual stress induced
by, for example, a post-stretching procedure, as explained in Sect. 4.8.
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Fig. 7.3 Definition of nominal stresses Snom and the local stress r at corresponding z-coordinates;
monolithic plate (left) and FML (right)
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7.4 Stress Concentration in a Uniaxial Stress Field

For the case of an orthotropic plate with finite dimensions containing an open hole,
the stress concentration generally can be approximated with a similarity principle in
relation to isotropic plates following

Kt; ortho

Kt; iso

����
finite

¼ Kt; ortho

Kt; iso

����
infinite

ð7:3Þ

Similarly as discussed in Chap. 5, the problem of an open hole in an infinite
orthotropic plate can be evaluated with the solutions of Lekhnitskii [8]. When the
uniaxial stress field is aligned with the laminate’s principal material axes,
Lekhnitskii’s equation for the tangential stress around the perimeter of the circular
hole can be simplified to [7]

rh; ortho
S

���
u¼0� ; w¼90�

¼ 1þ
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
2

ffiffiffiffiffi
Ex

Ey

s
� mxy

 !
þ Ex

Gxy

vuut ð7:4Þ

For the case of an infinite isotropic plate containing a circular hole, this tan-
gential stress reduces to

rh; iso
S

���
u¼0�;w¼90�

¼ 3 ð7:5Þ

which implies for isotropic plates Kt = 3.
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Fig. 7.4 Definition of nominal stresses Snom and the peak stress rpeak (a) and the influence of
thermal stresses on these nominal and peak stresses (b)
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For finite isotopic plates under an uniaxial loading, often Heywood’s equation
[9] is applied

Kt; iso ¼ 2þ 1� D
W

� �3

ð7:6Þ

with D and W defined in Fig. 7.4. Peterson [10] provides another solution for the
stress concentration factor as function of the ratio D/W

Kt; iso ¼ 2þ 0:284 1� D
W

� �
� 0:6 1� D

W

� �2

þ 1:32 1� D
W

� �3

ð7:7Þ

Taking either Eqs. (7.6) or (7.7) divided by Kt = 3 provides the ratio to be
substituted into Eq. (7.3), which in rewritten form is

Kt; ortho ¼ K1
t; ortho

Kt; iso

K1
t; iso

ð7:8Þ

Here, it must be noted that the methodology described here is not limited to the
given equations for the stress concentration factors. In principle, different equations
can be adopted, which, for example, have been derived directly for anisotropic
plates. For example, an alternative finite width correction has been proposed by
Tan [11].
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ð7:9Þ

with

K1
t ¼

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
2
A66

ffiffiffiffiffiffiffiffiffiffiffiffiffi
A11A22

p
� A12 þ A11A22 � A2

12

2A66

� �s
ð7:10Þ

where Aij denote the laminate in-plane stiffness.
The above equations have been derived for circular central cut-outs in orthotropic

or isotropic plates. However, the methodology applies to any cut-out with a shape
different than circular. For example, the expressions proposed by Tan [11] apply in
principle to any elliptical shape. Similarly, Wu [12] proposed a higher-order theory
to assess the stress concentration in an orthotropic plate containing an arbitrary
elliptical cut-out.

The experience here is, however, that accurate theoretical methods are not a
necessity. Similar to the approximation of Eq. (7.3), one could adopt a first-order
approximation such as
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Kt; ortho

Kt; iso

����
arbitrary shape

¼ Kt; ortho

Kt; iso

����
circular

ð7:11Þ

For example, for an elliptical central cut-out, illustrated in Fig. 7.5, one could
approximate the stress concentration factor for orthotropic material with

Kellipse
t; ortho ¼ Kcircle

t; ortho

Kellipse
t; iso

Kcircle
t; iso

¼ Kcircle
t; ortho

1þ 2
ffiffi
a
b

p
3

ð7:12Þ

7.5 Peak Stresses at Locations Other Than w = –90°

Equations (7.4) and (7.5) specify the location of the peak stress at an angle of
w = ±90°. In case of orthotropic laminates with ply orientations other than 0/90°,
or the applied loading is at an off-axis angle with respect to the material’s principal
directions, the highest peak stress may occur at an angle different from w = ±90°.
For that case, in theory the complete solution from Lekhnitskii [8] must be taken to
calculate the magnitude and location of the peak stress.

Here, two aspects must be taken into consideration. First, the definition of the net
section, which is subjected to the nominal stresses considered in the fatigue life
analysis. Second, the location of the peak stresses in the stress concentration factor
solutions provided in handbooks for isotropic plates.

Concerning the definition of the net section, Spronk et al. [7] discuss the
arguments in favour of either option 1 or 2 in Fig. 7.6. One of the arguments is that
close to the peak stress location option 2 is most appropriate, whereas further away
the net section should be considered transverse to the applied load, thus similar to
option 1. Spronk et al. conclude that the correct net section is positioned between
the two options illustrated in Fig. 7.6.

There are two reasons, however, why one may consider the exact location of peak
stress or net section less relevant, which are not well discussed in the paper. First, the

a
b

(a)

a
bW

(b)

Fig. 7.5 Definition of the major axes of an elliptical cut-out in a uniaxial loaded infinite plate
(a) and similar definition for a finite plate with a central ellipse (b)
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determination of peak stress and nominal stress, as discussed here, aims at assessing
the fatigue initiation life of FMLs containing stress concentrations. One should
acknowledge that fatigue life assessment is never an exact science, illustrated by the
number of approximations one can make. So in case the diameter of the circular
cut-out is relatively small, for example the diameter of a rivet or fastener in a
mechanically fastened joint, one could argue that the exact location is unimportant and
that the error made by ignoring the influence of the location remains very small.

Secondly, even for cases where the theoretical stress concentration is positioned
at w = ±90° the general observation is that cracks may not initiate exactly at that
position. At a mesoscopic or even microscopic level, the stress concentration even
for those cases may be at an angle different from w = ±90°.

This can be illustrated by the observations of Kieboom [6], illustrated in
Fig. 7.7, and Vašek et al. [13], illustrated in Fig. 7.8. It seems that because fibres

2
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y

x

ψ
ϕ

2

1

Fig. 7.6 Definition of angle w (left) and definition of net section, in case the maximum stress
concentration occurs at a location different from w = ±90° (right)
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Fig. 7.7 Observation of fatigue crack initiation in the metal layers of the FML GLARE (photo
from [6])
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are cut by drilling the hole, locally additional stress concentrations are introduced
that are not considered in any of the theories, which assume homogeneous material
behaviour.

7.6 Stress Concentration in a Biaxial Stress Field

In the previous sections, uniaxial loading was considered, where the loading axes
were either oriented in the material’s principal directions or, in case of off-axis
loading for example, where the loading axes are rotated with respect to the mate-
rial’s directions.

Another form of interaction with loading may come from loading in two per-
pendicular directions. Biaxial loading is known to influence the stress concentra-
tions, because stresses may be superimposed. Take, for example, the case of a
circular cut-out in an infinite isotropic plate. For each individual loading direction,
the tangential stress at the location w = ±90° is then given by Eq. (7.5). The stress
at the location w = 0° or w = 180° is equal to

rh; iso
S

���
u¼0�;w¼0�

¼ �1 ð7:13Þ

A biaxial stress field implies a superposition of two perpendicular load fields and
may therefore yield stress concentrations ranging betweenKt = 2 andKt = 4depending
on whether the stresses are both tension or whether one is in compression [1].
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Fig. 7.8 Probable initiation location in notched FMLs as function of the notch radius [13]
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For the case where both loads are acting in the laminate’s material axes, the
tangential stress at the locations w = 0° or w = 180° is given by [7]

rh; ortho ¼ Sx 1þ
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
2

ffiffiffiffiffi
Ex

Ey

s
� mxy

 !
þ Ex

Gxy

vuut
0
@

1
Aþ Sy �

ffiffiffiffiffi
Ex

Ey

s !
ð7:14Þ

and at the locations w = ±90°

rh; ortho ¼ Sy 1þ
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
2

ffiffiffiffiffi
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In the case that both loads are similar in magnitude, the exact location of the
highest peak stress may be at a location different from w = 0° or w = 90°, and
hence, the considerations discussed in the previous section may apply.

7.7 Other Load Cases

Theoretically, multi-axial load cases may occur which are not acting in-phase. If
that is the case, the above methodology may not apply and for each location of the
notch perimeter the stress sequences must be established. This could be done
algebraically or numerically using the full stress solutions for orthotropic plates
containing a cut-out. From such an analysis, the most severe case at the notch root
could be taken for an assessment of the fatigue initiation life.

If the frequencies are different, then the peak stress cycles at the notch root are
no longer constant in amplitude. The assessment should then adopt either an
equivalent constant amplitude load spectrum analysis or perform a full variable
amplitude load spectrum analysis. These options are discussed briefly in Sect. 7.12.

7.8 Fatigue Stresses at the Notch Root

The residual stresses in FMLs that exist after curing make the fatigue analysis a bit
less straightforward. The key aspect here is that the stress concentration factors
discussed in previous sections apply to the mechanical load cycles only. Spronk
et al. [7] explain that the in-plane stresses that exist after curing, induced by the
mismatch in coefficients of thermal expansion, remain as they are in the laminate,
even after removing a piece of material.

This means that an FML containing a hole will experience thermal stresses
within the laminate that remain constant irrespective of the hole diameter and shape.
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Thus, the peak stresses that occur at the notch root are a function of the mechanical
nominal stress and thermal stress, but with only the first multiplied by the stress
concentration factor.

Hence, the peak stresses at the notch root in layer k are calculated with

rk; peak ¼ Kt; FMLS
mech
k; nom þ Sthk ð7:16Þ

where the nominal stress is calculated without the influence of the thermal stresses,
i.e.

Smech
k; nom ¼ Sk; farfield � Sthk

� � W
W � D

ð7:17Þ

Here Sk, farfield are the far field stresses in layer k that are calculated with the CLT.
It is important to understand this aspect, because whereas traditionally the stress

concentration factor is considered a constant describing the influence of the
geometry, the stress concentration factor in FMLs is no longer a constant depending
on the geometry only. The mechanical load applied to the laminate changes the
actual value of the stress concentration factor.

So for the layer k described in Eqs. (7.16) and (7.17), the effective stress con-
centration factor at the notch root is described by

Kt; k ¼ rk; peak
Sk; nom

ð7:18Þ

with the nominal stress Sk, nom including the thermal stresses

Sk; nom ¼ Smech
k; nom þ Sthk ð7:19Þ

Hence, throughout the applied fatigue load cycle, the stress concentration factor
at the notch root varies between a minimum value at minimum applied load and
maximum value at maximum applied load. The corresponding stress ratio R then
has to be calculated with

Rk; peak ¼
rmin
k; peak

rmax
k; peak

ð7:20Þ

which is different from the stress ratio applied to the specimen, i.e. R = Smin/Smax,
but also different from the nominal stress ratio

Rk; nom ¼ Smin
k; nom

Smax
k; nom

ð7:21Þ
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7.9 Fatigue Initiation Life Estimation

In general, the stress concentration factor is used to determine fatigue lives of
metallic materials and components. The approach is based on correlating the
applied amplitude stress to a life until failure for a given geometry, i.e. for a given
stress concentration factor. An extensive amount of data has been generated in past
decades for many metals and alloys to provide this S–N correlation [14–17].

Therefore, it certainly would be beneficial if these data could be used for esti-
mating fatigue lives in FMLs. However, the contribution of (what is considered) the
fatigue initiation phase to the total fatigue life until failure is considerably smaller
for FMLs as compared to monolithic metals. The S–N data therefore cannot be
applied to metals in FMLs if life until failure is being considered.

But because of the large contribution of the initiation phase to the total fatigue life for
metals, the S–N data can be used to determine the fatigue initiation life in FMLs. It
requires an engineering definition of fatigue initiation life in FMLs that approximates
the total fatigue life in metals. This subject was discussed in Sect. 7.2. Defining initi-
ation as the life until crack length of 1 mm has been generated, the S–N data for
monolithic aluminium can be used as S–Ni data for the aluminium layers in FMLs [18].

The key question in this approach is which stresses to take in correlating these S–
N curves to the case of initiation in FMLs. The previous section illustrates that in
fact three different sets of stresses could be considered: the far field stresses, the
nominal stresses and actual peak stresses. S–N curves for monolithic metals gen-
erally are defined in terms of nominal amplitude and mean stresses with curves for
particular values of Kt.

Because initiation is a surface phenomenon, the actual peak stress cycle should
determine the initiation behaviour. The earlier discussed peak stresses cannot be
used, however, because the reference data are expressed in nominal stresses. The
nominal stresses in each layer on the other hand do not cycle with the stress ratio of
the peak stress at the notch root. Hence, it is advised to take the nominal amplitude
stress in a layer, Eq. (7.19), together with the stress ratio of the peak stresses at the
notch root in that layer, i.e. Eq. (7.20).

One has to keep in mind that the approach presented here is only applicable to high
cycle fatigue. In case of low cycle fatigue, the assumption of fibre layers remaining
intact under the occurring load cycles may no longer be valid. Even if the fibre layers
remain intact, the amount of plasticity created may impair the accuracy of the pre-
diction. As a consequence, the theory to calculate the stresses is not applicable.

7.10 Adapting Reference Data for Sm and Kt

The S–N data taken from the literature have been produced for specific mean
stresses and stress concentration factors. This implies that in the fatigue initiation
analysis the calculated reference stresses must be adapted to the corresponding
mean stress and stress concentration factor of the S–N data.
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Hence, the nominal reference stresses in the FML are calculated with

Sm; nom ¼ 1þRk; nom

2
Smax
k; nom

Sa; nom ¼ 1� Rk; nom

2
Smax
k; nom

ð7:22Þ

With these stresses, Spronk et al. [7] explain how the Goodman relation can be
used twice to establish the amplitude stress for the equivalent S–N data. Obviously,
if for the metal used in the FML data are available that suggests use of other
relationships, for example the Gerber parabola, then the approach allows for that,
but because Goodman generally yields conservative results it is considered the best
first step in the fatigue initiation evaluation.

The fatigue response of metal containing a notch is dependent not only on the peak
stresses at the notch root, but also on the distribution of the stresses in the net section
[1]. Therefore, another translation of the amplitude stress is required related to the
stress concentration factor. HSB 62131-01 describes a method to predict the fatigue
life for cases with a stress concentration factor different from the S–N data [19].

The methodology makes a distinction between the case where only S–N data
with a single Kt value are used for translation and the case where one can interpolate
between multiple Kt values. The first method implies that the amplitude stress is
multiplied with a load factor f to account for the different stress concentration factor.
Obviously, the accuracy of this method is determined by how close the reference
stress concentration factor is to the target value of the S–N data. The load factor is
determined with

f ¼
Kt Kt;S�N ¼ 1 Kt � 1
Kt

Kt; S�N
Kt; S�N [ 1 Kt [Kt; S�N

1 Kt;S�N [ 1 Kt �Kt; S�N

8<
: ð7:23Þ

and the corresponding stress amplitude is obtained with

Sa; corr ¼ f Sa; S�N ð7:24Þ

In case more S–N curves are available for different stress concentration factors
but the same stress ratio, the second method can be adopted. With that method, the
number of cycles until fatigue crack initiation Ni can be established with

log Nið Þ ¼ log N2ð Þþ log N2ð Þ � log N1ð Þð Þ log Ktð Þ � log Kt; S�N2
� �

log Kt; S�N2
� �� log Kt; S�N1

� � ð7:25Þ

Here, the subscripts 1 and 2 indicate the S–N curves with, respectively, the lower
and higher stress concentration factor.

The applicability of both the amplitude stress correction methods is limited to
high cycle fatigue, that is, N >5 � 103 cycles [19].
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7.11 Accuracy of Predictions

The accuracy of the methodology explained above depends on various aspects. The
most important aspect relates to the reference S–N data used. Spronk et al. [7]
illustrate that by comparing their predictions with fatigue initiation data obtained
from Homan and Schra [20] using S–N curves for different stress concentration
factors from [21]. The two most extreme cases are presented in Fig. 7.9.

It is important to understand the message that Fig. 7.9 conveys. In particular
because very few studies on fatigue initiation in FMLs [3, 22] show a correlation
between presented model and experimental data to demonstrate the validity and
accuracy of the model. None of these papers well addresses the fact that most of the
accuracy is achieved by taking reference S–N data for stress concentration factors
close to the case considered in the FML.

Depending on these cases, the method utilizing a single S–N curve and the
method interpolating between two S–N curves may prove to achieve the same level
of accuracy, as illustrated by Spronk et al. [7]. In general, considering the stress
concentration factor at the maximum level of the applied load cycle seems to
provide the best results in comparison with experimental data. Furthermore, it is
observed that once reference S–N data are taken with stress concentration factors
close to, or at least less than the stress concentration for which the prediction is
made, predictions generally are rather accurate. It is expected that this can be
attributed to Eq. (7.23).
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Fig. 7.9 Comparison of crack initiation life measurements of GLARE 4B-3/2-0.3 [20] to
S–N curves with Kt = 2.0 and Kt = 5.2 (R = 0), valid above N = 104 cycles [21]
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7.12 Size Effects

The initiation of fatigue cracks at blunt notches is not only affected by the actual
value of the peak stress at the notch root, or the stress concentration factor, but also
by the surface area in the notch root exposed to these high stresses. This is generally
referred to as the size effect [1]. Two cases with different notch root radii may
experience the peak stress and stress concentration factor, but because of the dif-
ference in area in the notch radius, different initiation lives are obtained.

A similar observation can be made for fatigue initiation in FMLs. This is
illustrated by the work of Oldersma [23], who tested two open hole tension spec-
imens geometries with different hole diameters and specimen widths; see Table 7.1.

Oldersma tested ARALL2, ARALL3 and GLARE2 with the MiniTwist and F27
load spectra and recorded the growth of cracks that initiated over the first few
millimetres. For both load spectra, GLARE2 outperformed the other two laminates.
Interestingly enough, ARALL2 performed better than ARALL3 with the F27 load
spectrum, but worse for the MiniTwist.

Oldersma reported the observation of fibre failure during the MiniTwist load
spectrum in ARALL2, which did not occur with the F27 specimens. ARALL3 repre-
sents the equivalent to ARALL2, except that post-stretching has been applied. This
preventsfibre failure under theMiniTwist load spectrum, giving the better performance.

Important here is the observation that despite the similar stress concentration
factor and stress conditions, the fatigue initiation life of the small diameter,
D = 5 mm, is greater than the larger diameter of 10 mm. This is illustrated in
Fig. 7.10. For all three laminate grades, the S–Ni curves for D = 10 mm are con-
sistently positioned left of the curves for D = 5 mm.

7.13 Constant Versus Variable Amplitude Loading

The intention of the work by Oldersma [23], discussed in the previous section, was
to develop S–Ni curves for ARALL2, ARALL3 and GLARE2 for the two load
spectra mentioned. The concept was that in monolithic aluminium the difference
between the time to initiate a crack and the time until a crack has reached a
detectable length is fairly small and hence may be ignored. Because of the intrinsic
high crack resistance of FMLs, however, this difference may be more significant.
Technically, this argument applies to both constant and variable amplitude loading,
but the MiniTwist and F27 load spectrum were adopted in Oldersma’s research,
which are both variable amplitude load spectra.

Table 7.1 Information on
specimen geometry tested by
Oldersma [23]

W (mm) L (mm) D (mm) K1
t;iso Kt;iso

50 500 5 3 2.73

100 500 10 3 2.73
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The key finding of Oldersma’s work is that the initiation life is entirely dependent
on the load spectrum applied, indifferent ofwhether themean stress inflight Smf is kept
constant. This seems rather obvious with hindsight, but it made clear that developing
S–Ni curves for specific FML lay-ups requires the knowledge of the load spectrum
beforehand. Hence, to predict the fatigue initiation life, or the life until a detectable
crack length is reached, Oldersma concluded that the load spectrum should be known
beforehand in order to generate reference data for these predictions. Because this
obviously is not the case most of the time, other solutions should be adopted.

Rather than testing the fatigue initiation characteristics of the FML (which is also
FML grade and lay-up dependent), the concept of the current chapter is that the
constituent metal layer should be tested. Hence, fatigue initiation life curves S–Ni

or fatigue life curves obtained from tests on monolithic metals sheets should be
used to predict the life.

There are two ways to adopt the methodology discussed in this chapter for
variable amplitude loading; either an equivalent stress cycle is determined and used
following the same procedure as for constant amplitude loading, or the life is
estimated on a cycle-by-cycle basis. The first method may be applied if experiments
with representative load spectra are available.

The latter method may be performed using the Miner rule, which in its general
form may be written as
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Fig. 7.10 Illustration of the effect of hole diameter on the fatigue initiation life (ai = 1 mm) of
ARALL2, ARALL3 and GLARE2 tested with the MiniTwist load spectrum [23]
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X ni
Ni

¼ 1 ð7:26Þ

The general observation for monolithic metals is that this method is very inac-
curate, if not incorrect. A survey by Schütz [24] indicated that the scatter in Miner
values had a mean value close to 0.85, which makes the Miner rule un-conservative.
However, similarly, it is known that the Miner rule can be highly conservative, if
the effect of plasticity induced by high loads in the load spectrum on subsequent
load cycles is not considered [1].

Beumler [25] investigated the application of the Miner rule for fatigue initiation
in FMLs using various fuselage load spectra, observing that the value may be
slightly less than 1. Hence, he concluded that predictions using Eq. (7.26) can be
considered valid.

7.14 Mechanically Fastened Joints

The calculation methods described in the previous sections apply to generic cases of
fatigue initiation in FMLs. However, for fatigue evaluation of actual FML struc-
tures the assessment will most often be applied to mechanically fastened joints. For
that purpose, the stress similarity concept may provide the means to accurately
predict the initiation life.

This concept is based on the assumption that the stresses at the hole perimeter can
be related to the initiation life, rather than the nominal stresses. This implies the
assumption that two different joints with the same peak stress cycle at the hole edge
have identical initiation lives. Fatigue initiation prediction of arbitrary joints under
given fatigue loading may then be performed using reference joints for which the
initiation life has been experimentally determined and related to the peak stress cycle.

The peak stresses at the hole in the metal layers of a mechanically fastened FML
joint can be derived including bending, geometry (net stress in the presence of
holes) and stress concentration with

rpeak ¼ Kt
s

s� D
Sm ð7:27Þ

with s and D defined in Fig. 7.11 and

Kt ¼ 1� cð ÞKt; open hole þ cKt; pinloaded hole þ kbendingKt; bending ð7:28Þ

Here, c defines the load transfer (0< c <1), i.e. the amount of load bypassing the
fastener hole and the amount transferred through the fastener in bearing. The stress
Sm can be calculated similarly to the method explained in Sect. 7.8, while the
bending factor kb is defined as
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kb ¼ rbending
rnormal

ð7:29Þ

Figure 7.12 illustrates how the bending factor for each layer can be related to the
laminate bending factor kb by considering the layer’s through-thickness position in
the laminate.

7.15 Influence of Post-stretching

The procedure of post-stretching has been discussed in Sect. 4.8, which presents a
method to approximate the stress levels in the individual layers of the FML after
post-stretching. Conceptually, the methodology presented in this chapter is not
different in case post-stretching is considered. The residual stresses induced by the
mismatch in coefficients of thermal expansion after the curing process, are altered
by post-stretching.

This implies that once post-stretching is applied, the stresses Sk
ps in the individual

layers must be estimated with the method from Sect. 4.8, after which the same
methodology is applied as discussed before, except that instead of Sk

th the stresses
Sk
ps are used.
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Fig. 7.11 Definition of diameter D and rivet pitch s
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Fig. 7.12 Determination of bending factor for each individual layer based on laminate bending
factor
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Chapter 8
Static and Fatigue Delamination

Abstract The delamination between metal and composite plies in FMLs is dis-
cussed for the two major crack opening modes and combinations thereof. The strain
energy release rate is introduced as parameter to describe the static and fatigue
behaviour, which is influenced by the interface geometry and fibre volume fraction
of the composite plies. The relation between constant and variable amplitude
loading is discussed. Furthermore it is explained how plasticity of the metal layers
affects the quasi-static delamination fracture toughness. Some observations con-
cerning delamination buckling and residual stress state are discussed.

8.1 Introduction

An important fracture mechanism in fibre-reinforced composites in general and fibre
metal laminates (FMLs) in particular is disbonding of individual layers, often
denoted as delamination. Delamination may occur in some cases as a single fracture
type, but it is observed to occur in FMLs in most cases in balance with crack growth
in metal layers. Interesting is that whereas delamination is usually considered
detrimental to the material performance, especially for fibre-reinforced composites,
it is to some extent considered beneficial in combination with crack growth in FMLs.

Once a crack in the metal layer has initiated, it tends to propagate further under
(cyclic) loading, as will be discussed in later chapters. Opening of that crack under
applied loads induces a stress singularity at the interface with the adjacent intact
fibre layers. These layers are forced to strain significantly with the opening of the
crack, risking fibre failure unless delamination occurs. The stress singularity
induces mode II delamination (Fig. 8.1) initiation at the interface perpendicular to
the crack and in line with the applied load. This enables the intact fibre layers to
strain over a longer length, locally reducing the stress in the fibres.

Hence, to be able to describe how damage evolves under either quasi-static
loading or fatigue loading, one needs to understand and be able to predict delam-
ination growth. This chapter describes the results and observations of various
studies addressing the delamination growth in FMLs.

© Springer International Publishing AG 2017
R. Alderliesten, Fatigue and Fracture of Fibre Metal Laminates, Solid Mechanics
and Its Applications 236, DOI 10.1007/978-3-319-56227-8_8

147



8.2 Strain Energy Release Rate

One approach often used to describe delamination growth in laminated materials
applies the strain energy release rate (SERR) G, which is based on linear elastic
fracture mechanics (LEFM). This parameter is analogous to the stress intensity
factor, but rather than describing a stress field in the vicinity of the crack, it
describes the energy dissipation in the surrounding material around growing
delaminations. The reason for using G instead of K in this case is that the stress field
locally at the crack at the interface of two dissimilar and inhomogeneous materials
is hard to describe [1]. Taking the energy upstream and downstream of the crack tip
in the surrounding material seems then a straightforward engineering approach.

However, although the application of the SERR is rather common, it seems that
consensus on the formulation of the effective SERR under cyclic loading has not yet
been reached [2]. In particular where it concerns the description of fatigue
delamination growth, the range DG may be taken as the difference between Gmax

and Gmin, or closer to the definition of DK, as the difference √Gmax − √Gmin. Hence,
this section recapitulates the principles of LEFM concerning the SERR.

For a linear elastic system, there is no interaction between the different modes of
deformation (modes I, II and III). For a given system, the total SERR can therefore
be obtained with

Gtot ¼ GI þGII þGIII ð8:1Þ

However, when considering the superposition of SERRs resulting from the same
deformation mode, the rules for superposition are [3]

GI ¼
ffiffiffiffiffiffiffiffiffiffi
GIð1Þ

q
þ

ffiffiffiffiffiffiffiffiffiffi
GIð2Þ

q
þ

ffiffiffiffiffiffiffiffiffiffi
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h i2
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Fig. 8.1 Illustration of the three opening modes: mode I (tension), mode II (shear) and mode III
(transverse shear)
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Thus, when expressing the SERR range for given deformation mode it should be
formulated as

DGI ¼
ffiffiffiffiffiffiffiffiffiffiffi
GImax

p � ffiffiffiffiffiffiffiffiffiffi
GImin

p� �2
DGT ¼ DGI þDGII þDGIII

ð8:3Þ

Another way of looking at this formulation is by looking at the similitude with
the stress intensity factor range. Because both parameters follow from LEFM, they
can be related to each other by G / K2.

Another aspect that advocates for the formulation of Eq. (8.2), and that appears
to be important for the analysis in FMLs, is the presence of residual stresses after
curing, discussed in Sect. 4.4. Because if G is broken up into a component due to
applied load and a component due to residual stresses, it is easily shown that the
SERR range becomes

DG ¼ ffiffiffiffiffiffiffiffiffiffi
Gmax

p � ffiffiffiffiffiffiffiffiffi
Gmin

p� �2
¼ ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi

Gapplied;max
p þ ffiffiffiffiffi

Gr
p� �� ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi

Gapplied;min
p þ ffiffiffiffiffi

Gr
p� �� �2

¼ ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
Gapplied;max

p � ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
Gapplied;min

p� �2 ð8:4Þ

In other words, despite the presence of residual stresses, the range of G remains
unaffected as expected based on the selected similitude principle similar to DK.

The delamination growth rate db/dN can be related to the SERR similarly to the
way the Paris equation relates the crack growth rate to the stress intensity factor
range, i.e.

db
dN

¼ Cd DGeffð Þnd¼ Cd
ffiffiffiffiffiffiffiffiffiffi
Gmax

p � ffiffiffiffiffiffiffiffiffi
Gmin

p� �2nd ð8:5Þ

For an FML containing nm number of metal layers, see Fig. 8.2, the SERR can
be written as [4]

GII ¼ S2lam
2jEm

c2 nm � ncrð Þtm � k2nmtm þ Ef;0

Em
nf;0tf;0 c2 � k2

� �þ Ef;90

Em
nf;90tf;90 c2 � k2

� �� �
ð8:6Þ

with

c ¼ tlam
nm � ncrð Þtm þ Ef;0

Em
nf;0tf;0 þ Ef;90

Em
nf;90tf;90

; k ¼ tlam
nmtm þ Ef;0

Em
nf;0tf;0 þ Ef;90

Em
nf;90tf;90

ð8:7Þ
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8.3 Interface Geometry

8.3.1 Resin-Rich Layers

It was mentioned before that the delamination growth at the interface between metal
and fibre layers depends on the delamination resistance of that interface. This
resistance is related not only to the adhesive type itself, but to some extent also to
the geometry of the interface. The shear stresses that result from the load transfer
from one layer to another induce a shear deformation at the interface. This means
that the shear stiffness is an important parameter. This parameter depends on the
material—solely adhesive in a resin-rich layer or fibres evenly distributed
throughout the adhesive layer—and thus on the interface geometry.

To account for the effect of shear deformation in the case of fatigue delamination
in ARALL, Verbruggen [5] and Marissen [6] developed a linear model utilizing an
element breakdown in thickness direction of the fibre/adhesive layer, see Fig. 8.4.
In this model, it was assumed that the aluminium and fibre elements carry normal
loads only and the adhesive elements only shear loads.

This seems a reasonable assumption considering the fact that the fibre layers in
ARALL consist of concentrated fibres in the middle of the fibre layers, while
resin-rich layers were present at both interfaces. This geometry corresponds to the
manufacturing method; woven fibres were cured between two adhesive films.
Although the impregnation of the fibres was good, a resin-rich layer remained at
each side of the fibre layer.

For standard GLARE, however, the through-the-thickness distribution of the
fibres is different. Because GLARE is made of pre-impregnated layers, the adhesive
is evenly distributed between the fibres, which results after curing in a fibre layer

#1 #2 #3 #4 #5 #1 #2 #3 #4 #5

Fig. 8.2 Definition of the geometry of an FML containing nm metal layers of which ncr contain a
crack; left nm = ncr = 5; right nm = 5, ncr = 1 (both cases: nf,0 = nf,90 = 5)
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without resin-rich layers at each side. The difference between typical distributions
for both ARALL and GLARE is shown in Fig. 8.3.

The interface geometry in GLARE no longer supports the original assumption
by Verbruggen and Marissen, but requires another model. Although such model is
somewhat different, the original approach of breaking down the fibre layer in
elements through the thickness that deform linearly still applies [8, 9], see Fig. 8.4.

There is, however, a difference between the two concepts illustrated in Fig. 8.4. In
the resin-rich layer configuration, the adhesive will crack along with the metallic
layer, because the tensile strength of the adhesive is very low. In case offibres evenly
distributed throughout the full fibre layer, this cracking is prevented by the intact
continuous fibres. The crack in the resin means that in the resin-rich layer configu-
ration, even for zero delamination an adhesive shear deformation may be present
greater than zero, while in the absence of a crack, shear deformation will be zero.

aluminium

aluminium

fibre/resin

resin

resin

Fig. 8.3 Example of a through-the-thickness fibre distribution in ARALL (left) [7] and GLARE
(right) [8]. The resin-rich layer at the interface in ARALL is not present in GLARE [1]
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Fig. 8.4 Breakdown of the elements in thickness direction of the deformed fibre layers in ARALL
[5] (left) and the unidirectional prepreg in GLARE [9] (right)
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Marissen therefore described the crack opening due to adhesive shear defor-
mation with [8, 9]

v xð Þ ¼ Salnaltal

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
1

jFad

1
Fal

þ 1
Ff

	 
s
ð8:8Þ

in which Fad represents the adhesive stiffness. With the concept for GLARE, where
shear deformation occurs within the fibre layers itself, the crack opening due to
shear deformation is calculated with [9]

v xð Þ ¼ CbSaltal

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
tf
Gf

1
Fal

þ 1
Ff

	 
s
ð8:9Þ

Here, Cb represents the correction of the shear deformation for small delami-
nation lengths. Equation (8.8) is valid for any delamination length, because at zero
delamination length the resin-rich layer has cracked along with the metal layer and
can deform. However, in case of shear deformation of the entire fibre layer in the
absence of a resin-rich layer, the deformation is prevented in case the delamination
length is close to zero.

In case the delamination length is close to zero, a balance must be obtained
between the shear deformation building up towards the delamination tip and the
decay of that deformation to the centre of the crack opening. This is illustrated in
Fig. 8.5. For unidirectional fibre layers, an expression can be obtained with a linear
breakdown of elements through the thickness as illustrated in Fig. 8.4, which yields
[9]

Cb ¼ 1� cosh
ffiffiffiffiffiffiffiffiffiffi
2aUD

p
b� tanh

ffiffiffiffiffiffiffiffiffiffi
2aUD

p
b sinh

ffiffiffiffiffiffiffiffiffiffi
2aUD

p
b

� �
ð8:10Þ

with aUD a parameter comprising the thickness, and the normal and shear stiffness
of the fibre layers [8, 9].

The difference between the delamination resistance of ARALL laminates and
GLARE laminates is presented in [10], see also Fig. 8.6. What can be observed is
that considering the observed scatter in the data, the difference between the different
adhesive systems is not very significant. The comparison is coloured by the fact that
the interface geometry of FM94/S2-glass prepreg and the BSL-312-UL adhesive is
different. Hence, the fact that both curves coincide may be interpreted as the
advantage of the resin-rich layer is compensated by the poorer resistance of the
BSL-312-UL adhesive itself.

On the other hand, the interface geometry of the 3 M adhesive AF163-2-based
prepreg is similar to the FM94/S2-glass prepreg. Hence, the fact that the curve for
the AF163-2 prepreg is lower than the curve for standard GLARE indicates the 3 M
adhesive system has an inherent higher resistance to delamination.
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Fig. 8.5 Deformation of the unidirectional prepreg under tensile loading in the fibres and shear
loading at the metal/fibre interface before and in the delaminated area
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Fig. 8.6 Comparison between the delamination resistance of GLARE and ARALL interfaces [10]
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Wilson [11] evaluated the delamination resistance of hybrid laminates contain-
ing different resin-rich layer thicknesses. The research related to the development of
a resin-rich prepreg system is named Bondpreg, for hybrid laminates containing
thicker metal layers [12, 13]. Bondpreg is manufactured with standard
FM94/S2-glass fibre prepreg with additional FM94 K0.03 adhesive (without car-
rier) in between the prepreg and the metal layer [11]. This resin-rich layer improves
the delamination resistance, as illustrated by the experiments of Wilson, see
Fig. 8.7.

8.3.2 Tapes Versus Weaves

Another aspect concerning the interface geometry that must be considered is the
difference between unidirectional tapes as applied in standard GLARE and the
woven fabrics applied in ARALL laminates tested by Marissen [6], see Fig. 8.8.

With woven fabrics, the delamination propagates along an interface, where it
faces continuous variation in interface topology. This has an evident influence on
the delamination resistance. For example, Vugt [14] reported delamination growth
at the interface in a composite scarf joint repair where the delamination resistance
clearly increased when changing the orientation from 0°/90° to ±45°. Similarly, the
difference between the interface in GLARE with UD prepreg and the woven fabrics
applied in ARALL yields different delamination resistance curves.

Fig. 8.7 Observed decrease in delamination growth rates with addition of adhesive in the
bondline relative to the growth rates in GLARE [11]
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8.4 Modes I, II and Mixed Mode

8.4.1 Mode I

Van der Hoeven and Frijns [16] evaluated the static delamination resistance of
ARALL. They performed mode I fracture toughness tests using DCB tests. The
results are presented in Fig. 8.9. The critical SERR GIc was calculated using

GI ¼ P2

2B
dC
da

ð8:11Þ

taking for P the load at which crack instability occurred. In Eq. (8.11), B is the
specimen width and the derivative of compliance with respect to crack length dC/da
was calculated using the classical beam theory.

The critical SERR GIc initially increases, which is commonly observed in mode I
fracture toughness tests in unidirectional composites. The fibre bridging constitutes
a crack-shielding mechanism, taking up a major portion of the applied loading.
Hence, the SERR calculated with Eq. (8.11) increases with increasing crack length,
until a plateau level has been reached.

8.4.2 Mode II

Mode II delamination at the interfaces between metal and fibre layers in FMLs has
received significantly more attention than the mode I. Mostly, this attention is
related to the occurrence of mode II-driven delaminations in fatigue crack

Fig. 8.8 Fatigue delamination surface in ARALL; observed fabric imprint in the adhesive (a) and
delamination front at the fibre side (b) [6, 15]
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configurations, the subject of Chap. 9. Hence, some results are presented in
Figs. 8.6 and 8.7 for the S2/FM94 prepreg system applied in GLARE.

In relation to the topic of interface geometry (see Sect. 8.3), Mangkoesoebroto
[17] investigated the delamination behaviour of ARALL laminates with
fibre/adhesive layers that contained different levels of fibre volume.

Mangkoesoebroto used the effective cyclic SERR as proposed previously by
Marissen [6]

Geff ¼
ffiffiffiffiffiffiffiffiffiffi
Gmax

p � ffiffiffiffiffiffiffiffiffi
Gmin

p� � ffiffiffiffiffiffiffiffiffiffi
Gmax

p ð8:12Þ

It should be noted that the adhesive thickness does not occur in the formulations
that Marissen and Mangkoesoebroto used for the SERR. However, the effect is
apparent in, for example, the adhesive shear deformation in Eq. (8.8). The stiffness
parameter Fad is defined as Fad = Gad/tad, which implies that with increasing
thickness of the resin-rich layers, the shear deformation increases. Hence, the
deformation field in the direct vicinity of the crack tip is affected, but not accounted
for in the calculation of the SERR. The consequence is that when plotting the
delamination growth rate against the effective SERR, the effect is revealed by
different curves, see Fig. 8.10.

This observation is important, because if comparisons are made between dif-
ferent adhesive or prepreg systems, as shown, for example, in Fig. 8.6, one has to
be aware that the presented curves do not relate straightforwardly to the inherent
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Fig. 8.9 Fracture toughness tests results obtained with DCB tests on ARALL2/1 laminates
bonded to 10-mm-thick aluminium 2024-T3 beams using AF163-2 adhesive; inset: observation of
fibre bridging [16]
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resistance of the adhesive system. Because of the SERR taken as a parameter
describing the similitude, and the fact that interface geometry is not accounted for
explicitly in the formulation of the SERR parameter, the effect appears in the
position of the delamination growth curves.

The implication is that the adhesive system’s resistance and the interface
geometry may both shift the delamination growth rate curve in the same direction,
but they might also have opposite effects.

Another aspect concerning mode II delamination growth tests is the difference
between the test set-ups applied. In the FML community, it seems that the
ply-interrupt specimen is generally adopted to obtain the mode II delamination
characteristics [4, 6, 9, 17], whereas in the composites community people tend to
work with the end-notched flexure tests [18].

Delgrange reported the correlation of both test set-ups for the interfaces in
GLARE [19], highlighting the difficulty to correlate both results with each other.
A major difference between both tests is that in the ENF tests a single delamination is
tested, but at continuously changing levels of the SERR, whereas in the ply-interrupt
test generally four interfaces are tested at the same time, but at constant SERR.

In most cases, the interfaces do not propagate exactly at the same rate and with the
same length [4], which requires some averaging approaches in the data evaluation.
Here, case has to be taken, because for ply-interrupt specimens, the differences in
delamination lengths may impose secondary bending deformations that actually
change the effective openingmode (mix). This is illustrated by thework of Pascoe [20].

Vf = 46%

Vf = 54%

Vf = 65%

5.E-06

5.E-05

5.E-04

5.E-03

0.1 1

da
/d

N
[m

m
/c

yc
le

]

Geff [N/mm]

vf=54%

3

3

4

vf=46%

1

1

2

2

1) S = 50  ± 40 MPa
2) S = 65 ± 55 MPa
3) S = 80 ± 70 MPa
4) S = 95 ± 85 MPa

Fig. 8.10 Fatigue delamination growth rate as a function of the effective cyclic SERR for
delamination (left) and cross-sectional ARALL specimens with the different fibre volume fractions
(right) [17]
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8.4.3 Mixed Mode

According to LEFM, the different opening modes do not interact with each other,
which implies that the SERR for the different modes can be superimposed
according to Eq. (8.1). This might support the idea that for delamination extension
at any interface in an FML the total SERR should be calculated and subsequently
related to delamination growth with a relation like Eq. (8.5). However, one may
have to be careful following such an approach, as it may lead to significant
over-prediction of the delamination growth.

Mixed-mode delamination growth is generally approached in a very empirical
and phenomenological manner. In quasi-static analyses often the B-K criterion is
adopted [21]

Gc ¼ GIc þ GIIc � GIcð Þ GII

GI þGII

	 
a

ð8:13Þ

However, the question rises how mode-mixity should be considered in fatigue
loading. For example, one may apply Eq. (8.1) at both the minimum and maximum
of the load cycle (in-phase opening is considered only) and substitute the corre-
sponding total SERR range in Eq. (8.5).

Such an approach implicitly assumes that a single delamination resistance
characteristic exists that relates to a total SERR range indifferent from the contri-
bution of individual opening modes. However, microscopic evidence seems to
illustrate that decohesion features typically differ for the three opening modes [22].
Hence, one may also expect the delamination resistance characteristic to be different
for the different opening modes, as illustrated in Fig. 8.11.

In that case, superposition of the different opening modes may have to be
considered with

da
dN

¼ C1 DGIð Þm1 þC2 DGIIð Þm2 þC3 DGIIIð Þm3 ð8:14Þ

da/dN 

GI,max 

ΔGI 

da/dN 

GII,max 

ΔGII 

da/dN 

GIII,max 

ΔGIII 

Fig. 8.11 Illustration of possible delamination of different resistance planes for the three opening
modes; the delamination plane captures both the influence of DG and of Gmax
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The problem probably is that both methods of superposition may be proven to
work only if additional curve fitting is applied; Eqs. (8.5) and (8.14) are both
entirely empirical. The truth may lie in between both solutions.

However, to incorporate this in prediction methods may be very challenging, in
particular if one has to consider that the opening mode ratio may change throughout
the process of damage propagation. Take, for example, the observations reported by
Roebroeks [23] who investigated the delamination fracture surfaces of ARALL
laminates using microscopy.

Roebroeks discusses the different fracture surface features of these delamina-
tions. The initial delamination appearance differs from the major part of the
delamination surface, which Roebroeks explained with the changing opening mode.
This aspect is illustrated in Fig. 8.12; the delamination initiates predominantly by a
mode II opening, because bending deformation of the cracked metal layer is ini-
tially constrained. Once the delamination progresses, additional bending will
impose a mode I contribution.

This difference in fracture surface appearance may seem to indicate that different
phenomena occur and hence different delamination resistance characteristics are at
stake. However, in discussing the theoretical work of Suiker and Fleck [24, 25], it
was demonstrated that the delamination growth tests reported in [4] resulted in
similar delamination resistance, despite that theoretically different opening modes
can be calculated for both cases illustrated in Fig. 8.2.

In other words, one may have to be careful with calculating SERR values for
predicting delamination growth. The primary driving force may be different from
what is mathematically calculated using the principles of LEFM.

This aspect of course can be used to our benefit; instead of describing the
complexity of the mode—mix, it may suffice to relate a single delamination
characteristic, like the ones illustrated in Fig. 8.6, to the driving force. In most
fatigue cases, where delaminations occur in conjunction with fatigue cracks in the
metal layer, mode II constitutes the major driving force. Any small theoretical
contribution of mode I may be neglected [1].

Mode II >> mode I

Mode II > mode I

Fig. 8.12 Illustration of the
change in opening mode—
mix—during delamination
growth [23]
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Despite the above considerations, one is advised to evaluate the delamination
resistance in the individual opening modes, mode I and mode II. Take, for example,
data obtained by Delgrange [26], illustrated in Fig. 8.13; the difference between
mode I and mode II suggests that a significantly higher resistance is present in
shear, compared to mode I opening. Figure 8.13 illustrates that a mixed mode of
m = GII/Gtot = 0.5 (equal contribution of both mode I and mode II) results in crack
growth data close to that of mode I.

Care has to be taken though, as the exact test conditions of all three opening
modes have not been well documented. In addition, as Delgrange reports in [19],
the mode II curve obtained with the ENF tests is positioned closer to the mode I
curve than the one obtained with ply-interrupt specimens.

8.5 Constant Versus Variable Amplitude Loading

8.5.1 Macroscopic Observations

In case of constant amplitude fatigue, a relationship like Eq. (8.5) may be a con-
venient way to describe the progression of delaminations for given fatigue loads.
However, in most cases the fatigue load spectrum is far from constant, but rather is
random in nature. To be able to describe the delamination growth for variable
amplitude fatigue, a cycle-by-cycle approach with Eq. (8.5) could be a first start.
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Fig. 8.13 Observed delamination growth characteristics for mode I, mode II and mixed mode
with a mode ratio of m = 0.5; data from [26]
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The influence of variable amplitude loading on the delamination growth
response has been thoroughly investigated by Khan et al. [15, 27]. In [15] a series
of delamination tests are reported that vary from constant amplitude, via selective
overloads and programmed block loads, to arbitrary variable amplitude load
spectra.

The key finding reported is that a sequence effect as generally observed for crack
growth in metals is not observed in delamination growth at the interface between
metal and fibre layers in FMLs. This seems to suggest that a straightforward
cycle-by-cycle analysis suffices, or that linear damage accumulation rules are valid.

Another major observation in [15] is that despite the absence of interaction
phenomena, major shear deformations dominate over smaller shear deformations.
This means that cycle-by-cycle analysis can only be applied if proper rainflow
counting techniques have been adopted. The concept is illustrated in Fig. 8.14; a
cycle-by-cycle analysis should not only consider the collection of all small inter-
mediate cycles in a larger cycle. The larger cycle should also be taken into account;
Khan et al. [15] illustrate that for a wide-body fuselage spectrum. The
cycle-by-cycle analysis predicts delamination growth rates over an order of mag-
nitude lower than the measured rates. If rainflow counting is applied, then the
predicted delamination growth rates correlate fairly well with the experimentally
measured rates.

This can be understood when looking at the delamination growth curves like the
ones illustrated in Fig. 8.6. The linearity of these graphs represents a power law
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Fig. 8.14 Illustration of major load cycles in a load spectrum that predominantly contribute to
delamination growth
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relationship. Hence, the accumulated delamination related to the sum of small
cycles will be substantially less than the delamination increment related to one large
cycle.

One example to further illustrate this is given by the doubler run-out study
performed by Hooijmeijer [28], which is further analysed and discussed in [10].
Hooijmeijer tested the interlaminar doubler run-out configurations illustrated in
Fig. 8.15. Aside from the quasi-static tests, he tested specimens for 180 kcycles at
three different constant amplitude fatigue stress levels; Smax = 80, 120 or 180 MPa,
all with R = 0.05. At that time, Hooijmeijer [28] reported that no delaminations
could be observed.

In [10] it was confirmed that with the delamination characteristics illustrated in
Fig. 8.6, delamination growth could be expected for these three fatigue stress levels
of 2.13, 44.5 and 237 lm, which indeed would be too small to be observed. The
stress range of Smax = 180 is about twice as high as the range for Smax = 80 MPa.
The difference in corresponding delamination increments, however, is two orders of
magnitude!

8.5.2 Microscopic Observations

Various authors have performed scanning electron microscopy to reveal the
microscopic features on fracture surfaces. For example, Marissen [6] reported the
observations of striation-like surface features at the fracture surface, but was unable
to quantitatively relate them to the applied loading. Also Roebroeks [23] illustrated
the presence of these features on delamination fracture surfaces obtained from
ARALL specimens, stating that they may be present in any composite with low
interface strength fibre reinforcements.

Fig. 8.15 Illustration of the interlaminar doubler run-out configurations tested by Hooijmeijer
[10, 28]
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More recently, Khan [15] also observed these features in the fibre imprints of
delamination fracture surfaces obtained from a GLARE specimen. He, however,
was able to quantitatively correlate the spacing of these striation-like features to the
stress levels applied in the tests. An example is given in Fig. 8.16, where fracture
surfaces were obtained from a specimen that was tested with programmed Hi-Lo
block loading. The difference in striation spacing correlated well to the stress
amplitudes applied during both blocks of loading.

In addition to the quantitative aspects of fractography, Roebroeks [23] illustrates
how the appearance of these striation-like features changes in relation to the major
loading or deformation mode of the fibre. The concept is illustrated in Fig. 8.17.
When the fibre is pulled out of the matrix in the principal direction of the fibre, the
fibre matrix interface is loaded in mode II shear along the entire fibre circumference.

7.163μm

1     2   3   4    5

6.366μm

1  2  3  4   5  6   7 8  9  10

Fig. 8.16 Delamination growth markings (striation) at LO stress amplitude (150 MPa) (a) and at
HI stress amplitude (169 MPa) (b) [15]

Mode II 
(shear) Mode III 

(transv. shear)

Mode I 
(peel)

Fig. 8.17 Illustration of the relation between interface loading and opening mode and the major
fibre loading/deformation mode [23]
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In case the fibre is pulled oud of the matrix perpendicular to its principal direction,
the striation-like features change from transverse shear at both sides of the fibre to
mode I peeling at the bottom.

Both studies [15, 23] agree with each other in that the striation-like features can
be quantitatively related to the applied stress cycles. Later on this was also con-
firmed by Khan [29] for delamination growth in carbon fibre-reinforced composites.

When fibre stresses are too low, the features become impossible to observe [23],
but when fibre stresses are sufficiently high, excellent correlations between stress
cycles and striation spacing may be obtained. On the other hand, if fibre stresses are
too high, other mechanisms may cause the creation of repeated features at the fibre
imprint.

For example, Smulders [30] discusses the so-called ripple marks in the fibre
imprint of delamination fractures obtained with ARALL specimen, which he
attributes to the high stresses in the fibres.

He explains based on fibre pull-out test results that the region of matrix material
adjacent to the fibre, in general referred to as interphase, may explain the severe ripple
marks observed when fibre stresses are high, see Fig. 8.18a. The explanation may be
considered somewhat specific for the case of ARALL laminates that Smulders
studied, because for these laminates the adhesion between fibres and matrix was
known to be weak. The adhesion was considered primarily to be provided by van der
Waals bonds, rather than chemical bonds. This bond was assisted by the thermal
shrinkage after curing which provided clamping forces of the matrix unto the fibres.

(a)
(c)

(b)

fibre interphase

ripple marks

Fig. 8.18 Example of ripple marks in the fibre imprint (a, b) and illustration of the mechanism of
ripple formation indicating high fibre stresses (c) [30]
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During high stress development in the fibres, the interphase initially deforms
along the fibre until the release in clamping pressure at high axial stresses, see
Fig. 8.18b, together with the high shear stresses caused the interphase to detach
from the fibres allowing sliding of the fibre with respect to the matrix. Upon
unloading a slight clamping pressure may then cause the interphase to strip up
together with the axial deformation of the fibre. Hence, the ripple features in
Fig. 8.18c may not necessarily exhibit a similar appearance as the striation-like
features observed at lower fibres stresses and therefore, may not necessarily cor-
relate to the number of load cycles applied.

8.6 Asymptotes in Delamination Characteristics

8.6.1 Static Delamination Growth

It has been explained in Sect. 8.2 that delamination growth can be treated in a
similar way as crack propagation in metallic sheet material. The growth rate is
related to a stress intensity factor, or in the case of delamination, a SERR using a
power law function, such as the Paris relation.

There seems to be an upper bound to such a relation for delamination as indi-
cated in [10], see Fig. 8.19. The position of this upper bound depends on the
applied stress ratio.
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Fig. 8.19 Delamination growth curve for the FML GLARE from Fig. 8.6 [4] together with the
static delamination onset and failure boundaries derived from [10, 31]
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In fact, similar to the stable tearing region in the diagram of crack growth rate
versus stress intensity factor range [32] the upper bound is determined by the
critical value of the parameter (Gc for delamination), but the position of the upper
bound depends on the applied stress ratio. This is well illustrated and discussed by
Rans et al. [33], who demonstrate that with the formulation of the SERR range as in
Eq. (8.3), the curves coincide for different stress ratios, but that the position of the
upper bound significantly changes for each stress ratio. This change in upper bound
is visible in the steep asymptotic increase in delamination growth rate away from
the linear trend, which occurs for each stress ratio at another value of the SERR
range.

Hence, one may want to normalize each curve by its respective upper Gc, as
proposed in the literature [34], but then the position of the upper asymptote still
does not coincide with GIc (in case of mode I data) or GIIc. In the literature several
cases are presented where the upper limit coincides with approximately 0.7–0.8
times the GIc [35, 36].

Khan et al. [37] and Yao et al. [38] discussed the normalization procedure for
delamination growth in carbon fibre-reinforced plastics, arguing that this procedure
has no physical basis. Indeed, the correlation of upper asymptotes with fatigue
delamination growth data, as illustrated in Fig. 8.19, is diluted by the fact that the
SERR parameters for the quasi-static and fatigue condition are not consistent with
each other.

This has recently been explained in more detail by Amaral et al. [39], who
demonstrated how the quasi-static limit correlates to fatigue data based on strain
energy dissipation. The SERR is then treated as the average strain energy dissipated
per crack increment, which effectively could be treated as the material’s resistance
to delamination growth. Quasi-static delamination growth represents then the most
inefficient form of delamination growth, dissipating the most energy per fracture
surface.

The static delamination growth in FMLs is in most cases driven by the load
transfer from metal to composite layers. Due to the crack in the metal layers, the
deformation of the metal and composite layers is no longer compliant, and load is
transferred. The shear stresses at the interface corresponding to the load transfer
cause the delamination to extend once the critical value is reached.

However, this absence of compliance in in-plane deformations may also be
caused by other mechanisms than cracks, for example severe plastic deformation.
This has been illustrated by Rodi [40] who reported quasi-static delamination
formation ahead of the crack tip in the metal layers. The development of the
monotonic plastic zone in front of the crack tip imposes strain that cannot be
followed by the composite layers. This incompliance in deformation causes the
delamination to extend ahead of the crack tip, see Fig. 8.20.

Such delamination extension ahead of the crack tip redistributes the high stresses
locally, relieving the stress intensity a bit, similar to the mechanisms of crack tip
blunting in fatigue crack tips in metals.

For this particular case, Smulders [30] explains that the lateral contraction of the
metal layer in the plastic zone induces peel stresses at the location where the
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transition in effective stiffness induces shear stresses, (See Fig. 8.21). This situation
implies a combined mode I and mode II load, which may cause formation of
delaminations ahead to the physical crack tip in the metal layers. Obviously, the
amount of plasticity required to induce this delamination formation ahead of the
crack tip corresponds to quasi-static loading of cracked FMLs. In fatigue crack
configurations this effect is deemed negligible or not observed.

8.6.2 Delamination Threshold

This automatically brings forward the question whether a lower asymptote could be
identified for delamination growth, the so-called delamination threshold. Although
some studies seem to suggest delamination thresholds do exist, an equivalent
number of studies report delamination growth results without the observation of a
lower asymptotic limit.

Fig. 8.20 Static delamination ahead of a crack tip in a residual strength test. Image has been
obtained with an inverted laminate with only degreasing and sandblasting as surface pre-treatment
[40]

Plas c zone 
metal

Fig. 8.21 Illustration of the lateral contraction in the plastic zone in front of the crack tip in the
metal layer [30]
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Either way, for the case of delamination growth in FMLs, one may consider the
search for the lower limit in delamination growth unnecessary. Studying the fatigue
threshold behaviour of FMLs, Daandels [41] reported a lower limit for crack
growth, which after further evaluation [42] appeared to be governed by phenomena
at the crack tip in the metal layers, as discussed in more detail in Sect. 9.9. Hence,
the easiest (and safest) way is to assume that a lower threshold does not exist by
extrapolating the crack resistance curves towards lower delamination growth rates.

8.7 Delamination Buckling

An aspect related to the presence of delaminations at the interfaces between metal
and fibre layers is the lack of lateral support in the area of the delaminations. Hence,
in case compressive or bending loads are applied, delaminated layers may buckle at
substantially lower loads than the entire laminate will.

There are two ways to look at the problem of delaminations in combination with
buckling:

– Determination of the influence of delaminations on the buckling load.
– Determination of the influence of (repeated) buckling on delamination growth.

To investigate the first aspect, Vlot [43] studied the influence of delaminations
on the buckling loads. Different specimen geometries were tested in axial com-
pression and four point bending to establish the levels of loading at which buckling
of delaminated layers would occur. The study revealed that the available buckling
theories provide a sound basis for developing prediction models, which could be
validated against the experimental results.

Vlot also reported that for all tested conditions, whether quasi-static or fatigue,
no growth of delaminations could be observed, induced by the (repetition) of
buckling. Hence, the first aspect was satisfactorily addressed, but the influence of
buckling on delamination growth could not be tested with the experiments
performed.

Bosker [44, 45] studied the growth of delaminations or disbonds without and
with the influence of environmental conditions. He tested in both cyclic tension and
compression. The case considered was the delamination created during an impact
event, i.e. a circular delamination of 60 mm radius. Specimens with both the cir-
cular delamination in the specimen centre and at the specimen edges were tested.

Unfortunately, the influence that repeated buckling may have on the growth of
the delaminations could not be well addressed. The compressive loading was
limited to a level just below Euler buckling of the entire plate, i.e. stress ranged
from Smin = −23.4 MPa up to 0 MPa. In all tests, whether or not specimens were
exposed for 1000 h at 70 °C/85% relative humidity, growth of the initial delami-
nations created with Teflon inserts could not be found.
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It seems that in order to obtain growth of delaminations high quasi-static
compressive loads must be applied, or a very high number of compression fatigue
cycles before detectable delamination growth may be obtained. This was demon-
strated by Remmers and De Borst [46, 47] who presented a numerical strategy to
assess delamination buckling in FMLs at a mesoscopic level. They calculated that
the axial compressive stresses had to reach a value close to 160 MPa, before
delamination growth occurs.

This seems in agreement with a recent study on stability aspects of adhesively
bonded stiffened aluminium panels [48], which revealed that under quasi-static
compression delamination growth may occur before overall panel buckling occurs.
Either buckling must be avoided in the design, or the repetition of it must be
sufficiently limited in order to avoid disbond growth. The observed influence of the
disbond growth on the buckling load indicates that once buckling induces delam-
ination growth, this growth will result in reduction of buckling loads.

For both the case considered by Bosker (impact damage) and manufacturing
flaws (disbonds generated during curing), this implies that the effect of a defect is
nihil for cases where allowable design stresses are far below the stresses that cause
sheet buckling. In fact, these observations and test evidence were reason for the
conclusion [9] that: ‘A delamination of the size of 150 mm2 in the far field of
GLARE due to a manufacturing error will not show any delamination growth under
operational loads, unless the adjacent aluminium layers are also damaged’.

Thus, quality control should mostly focus on damage in the metal layers,
because small delaminations visible with ultrasonic C-scanning most likely have no
influence at all under operational conditions.

8.8 Effect of Post-stretching

The process of post-stretching is explained in Sect. 3.4.1; the internal residual stress
system can be altered or even reversed, depending on the applied strain levels. In
general, post-stretching has a positive effect on the fatigue initiation and crack
growth behaviour of FMLs because of the favourable internal residual stresses it
creates.

Looking solely at delamination growth under cyclic loading, the influence of the
internal residual stress may be represented as in Fig. 8.22. The residual stresses
after post-stretching tend to close the crack, which means that after application of an
external tensile load the stress concentration at the interface will be lower than in
the as-cured condition [49].

Smulders [30] also discusses the influence of post-stretching on delamination
growth similar to the illustration in Fig. 8.22. He explains that the deformation of
the aluminium layers in the as-cured condition adds an additional peel stress to the
shear stresses, effectively creating mixed-mode conditions, rather than only shear
deformations. Post-stretching limits that deformation, resulting in a more favourable
condition with less mode I peeling.
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However, attributing the delamination behaviour of post-stretched laminates to
internal residual stresses only may be incomplete and therefore incorrect. When
investigating the forming limits of ARALL laminates, Looijenga [51] determined at
what post-stretch strain levels permanent damage was induced in the epoxy. In
addition, he performed interlaminar shear tests and peel tests to determine the
reduction in strength related to this damage in the epoxy. Although the limited data
set and scatter in test results do not allow for straightforward conclusions, one may
expect that post-stretching has an additional negative effect on delamination growth
under fatigue, especially when cracks have been created in the epoxy during the
post-stretching process.

The potential negative influence of the post-stretching procedure in addition to
the favourable internal stresses created by it has been investigated by Vlot and Van
Ingen [49, 50]. They performed mode I (DCB) and mode II (ENF) delamination
experiments on ARALL2, ARALL3 and GLARE1 specimens in as-cured condition
and in 0.4% post-stretched condition.

They observed no influence of post-stretching on the mode II delamination
resistance of ARALL and the mode I and mode II delamination resistance of
GLARE, but a reduction in the mode I delamination resistance of ARALL after
post-stretching (Fig. 8.23). Their observations are in agreement with the observa-
tions reported by Van der Hoeven [52] who investigated the fatigue performance of
ARALL3 laminates with bonded doublers.

An aspect not clearly addressed by Vlot and Van Ingen for the case of mode II
delamination growth is the contribution of the residual stresses to the delamination
resistance. Taking their results and representing them as delamination growth rates
versus the SERR according to Eq. (8.5) one may observe that the effect of residual
stresses, both as-cured and post-stretched, does not contribute to the delamination

Fig. 8.22 Influence of internal stresses in FMLs on the shear deformation near the metal crack
[50]
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resistance. The effect of residual stresses is cancelled out, as shown by Eq. (8.4).
Hence, the negative implication of post-stretching reported by Looijenga [51] may
then dominate, reducing the delamination resistance.
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Chapter 9
Fatigue Crack Propagation

Abstract This chapter explains the fatigue damage growth phenomena in FMLs,
and provides theories to describe the growth of damage based on the individual
fracture phenomena. The validity of various geometrical correction factors is dis-
cussed. The different crack geometries through-thickness and the crack paths,
observed in FMLs, are explained for both in-axis and off-axis loading. Finally, the
relation between variable amplitude and constant amplitude loading is covered.

9.1 Introduction

Fatigue crack propagation is an important topic to be considered for FMLs. In an FML,
the cracks initiate and propagate in themetal layers, while thefibre layers remain intact
and transfer part of the load over these cracks (Fig. 9.1). This leads to low crack
propagation rates that often can be approximated by linear growth. This behaviour,
which has been observed for various types of FMLs, makes these laminates excellent
candidates for areas prone to fatigue, because they give a significant increase offatigue
life and damage tolerance over their monolithic metal counterparts.

Many researchers have attempted to capture the mechanisms occurring during
fatigue crack growth in FMLs, and as a result, several prediction models have been
developed [1]. Although the phenomena have been approached differently, the
mechanisms can be divided primarily into propagation of cracks in the metallic
constituents and delamination at the interfaces with fibre layers in the wake of these
cracks. These mechanisms have been investigated extensively as separate fracture
mechanisms, of which the observations and analyses for the delamination phe-
nomena are summarized in Chap. 8.

Based upon the evaluation of previous studies on fatigue crack growth in FMLs
[1] and subsequent detailed investigation of the fatigue fracture mechanisms [2–4],
it may be argued that empirical models are often very inaccurate or very limited in
their application. In fact, only models that describe the individual fracture phe-
nomena in a balance similar to what is observed in experiments, may lead to generic
models that predict the crack growth behaviour accurately.

© Springer International Publishing AG 2017
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The theory presented in this section consists of an analytical presentation of the
balance between the crack growth mechanisms in the metallic constituents and
delamination growth at the metal/fibre interfaces.

9.2 Crack Geometries

Initially, the development of FMLs and the subsequent investigation of fatigue
crack growth, focussed on cracks emanating from a starter notch in the metal layers
with intact fibres in the crack wakes. These notches were created by creating a saw
cut that not only pre-cracks the metal layers, but also the fibre layers.

This may be representative for notches in structures such as fastener holes and
cut-outs, but it may not represent fatigue damages initiated as corner cracks or as
surface scratches, such as scribe marks. In the latter situation, starter notches may be
present as damages in a single metal layer only, without damage to the adjacent
fibre layers. Representing such fatigue damages by fatigue cracks with fibres being
cut in the starter notch may severely overestimate the crack growth rate and
therefore underestimate the crack growth life.

As a consequence, proper analysis of fatigue damage in FMLs needs to identify
the relevant fatigue crack scenario before accurate predictions can be performed.
The most relevant fatigue damages in FMLs are illustrated in Fig. 9.2 and may be
referred to as ‘surface cracks’, ‘part-through cracks’ and ‘through cracks’. Note that
‘through cracks’ in case of fatigue analysis indicates cracks of equal length in all
metal layers, while the fibre layers are still intact, whereas in the residual strength

(a) (b)

Fig. 9.1 Illustration of fibre bridging: Intact fibres transfer load over the crack; a fatigue through
crack and b surface crack
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analysis, it is often used to describe through-cut cracks, such as saw cuts, see
Chap. 10.

9.3 Fatigue Crack Growth Characteristics

The excellent fatigue crack growth characteristics of FMLs have been the main
selling point of the concept in the context of damage tolerance certification. The
significantly lower crack growth rates compared to monolithic metals, and the
approximately linear crack growth curve, see Figs. 9.3 and 9.4, have been the
dominant reason to further develop this laminated concept. This crack growth
behaviour does not only allow for higher stresses within the structure, but the long
crack growth life also allows for large inspection intervals.

There are various ways to look at the growth of fatigue damage in FMLs. The
propagation of cracks, illustrated in Fig. 9.4, may be considered the dominant
damage mechanism, because it starts with initiation of cracks in the metallic layers
of the laminate, as explained in Chap. 7.

(a) acrack

tmetal

tfibre

starter notch

(b) acrack

tmetal

tfibre

starter notch

(c)
acrack

tmetal

tfibre

Fig. 9.2 Most significant fatigue crack scenarios in FMLs [3]
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Fig. 9.3 Comparison between crack growth curves of aluminium 2024-T3, ARALL1-2/1-0.3 and
ARALL2-3/2-0.4 for constant amplitude fatigue loading at various mean stresses [5, 6];
nonlinearity in the ARALL2-3/2-0.4 curves indicates fibre failure

Fig. 9.4 Comparison between crack growth curves of aluminium 2024-T3, GLARE3-3/2-0.3L
and GLARE4B-4/3-0.5LT for constant amplitude fatigue loading [7]
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However, once a crack progresses, delamination occurs in the crack wake at the
interfaces between metallic and composite layers. Here, it must be acknowledged
that this delamination to some extent is favourable. Marissen [8] already explained
that without delamination, the opening of fatigue cracks in the metal layers would
impose severe stresses in the fibre layers bridging these cracks, resulting in failure.
Hence, induced by the high strain concentration, delaminations initiate, which
subsequently relieve the bridging stresses. This allows the fibres to elongate over a
longer length while remaining compliant to deformations in the cracked metal layers.

Within certain limits, delaminations are therefore favourable; too little delami-
nation may cause fibre failure, reducing bridging; too much delamination reduces
the fibre stresses, making the bridging mechanisms less effective.

The balance between crack and delamination growth results in an approximately
constant crack growth behaviour, as illustrated in Fig. 9.4. As a consequence,
people have attempted to develop methods to predict the crack growth rate da/
dN for given load and geometry conditions, to aid design activities and determi-
nation of allowable stresses [9].

For example, Wilson [4] proposed to predict the steady-state crack growth
(Fig. 9.5) for FMLs based on the laminate configuration and loading conditions. The
method accounted for changes in the residual stress ahead of the crack tip determined
withnumerical simulations in thepre-crackedconditions.Thegeneral observationwas
that the method did not predict the crack growth entirely correctly, but that the general
trend was captured and the error in crack growth prediction was sufficiently small.
Hence, this method could serve as a tool for preliminary sizing of FML structures.

Recently, Bied-Charreton [10] investigated the influence of production flaws in
friction stir welded aluminium sheets on the structural integrity of the
FML GLARE. He concluded that the growth characteristic could be assessed dif-
ferent from Wilson’s concept, and that the growth is characterized by exponential
growth, as illustrated in Fig. 9.6.

The implication of this observation is that likely a simple method can be
developed to predict the crack growth for arbitrary FMLs using:

da
dN

¼ C � a ð9:1Þ

Load cycles, N

a

a

da
dN

Steady-state crack growth

Transient crack growth

Steady-state crack growth

Transient crack growth

da 
dNss

Log

Fig. 9.5 Concept of steady-state crack growth in FMLs [4, 9]
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where C is the only parameter to be related to laminate lay-up and loading con-
ditions, because the trend seems to go through the origin consistently, as illustrated
in Fig. 9.6. The transient regime labelled by Wilson (Fig. 9.5) is also visible in
Fig. 9.6 and should be attributed to the notch condition, where fibres are cut.
Hence, initially the growth has to find an equilibrium before exponential growth is
observed. This could imply that the parameter C implicitly depends on the notch
size, as previously a significant dependency on the initial notch condition was
observed [11]. This is illustrated in Fig. 9.7.

Aside from a simple tool for preliminary sizing of structures, the exponential
growth may also be utilized in a fashion similar to the approach presented by
Molent et al. [12] for naturally occurring cracks under operational flight spectrum
loading. Rather than the exponents close to 3 in the Paris relationships, Molent et al.
observe exponential growth when plotting the crack growth against the number of
flights. Plotting the growth curve in a lognormal graphical presentation then allows
for easy extrapolation of the initially observed growth up to critical lengths.

With the concept of Bied-Charreton, something similar may be adopted for
FMLs, in case of constant amplitude loading. Whether the method can be extrap-
olated to arbitrary load spectra must still be investigated.

9.4 Superposition of Far-Field Stresses and Fibre
Bridging

As mentioned earlier, the fatigue crack initiates and propagates in the metallic
layers of the FMLs. To appropriately apply fracture mechanics, the stress intensity
factor at the crack tip must be determined. This means that the stress intensity factor
should not be treated as a crack tip characteristic assuming a homogeneous material
[1], but rather to describe each crack tip in a particular layer individually.

Here, the superposition principle for the stress intensity factor (the factor is
linearly dependent on stress, and stresses can be superimposed) enables one to
break up the stress intensity factor at the crack tip in multiple components. These
components relate to the applied loading, denoted as far field with respect to the

Load cycles, N

Log(a)

a

da
dN

Exponen al growth

Transient crack growth

Exponen al growth

Transient crack growth

Fig. 9.6 Concept of exponential crack growth in FMLs [10]
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location of the crack, and the reduction of loading, or restraint on crack opening
(crack closing contribution) of the bridging of the fibres. In equation form, this may
be written as [2, 3]

Ktip ¼ K1 � Kbr ð9:2Þ
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Fig. 9.7 Crack growth curves (a) and crack growth rate da/dN versus the crack length a (b) for
GLARE3-6/5-0.4 for three initial crack lengths 2a0 [11]; illustration of difference between
exponential growth and steady-state growth
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It is important to realize that this superposition principle is generally applicable
to stress intensity factors and in case of FMLs provides a sound basis to describe the
multiple mechanisms that occur simultaneously. This will become clear when
discussing the addition of external stiffening elements to the FML skin in Sect. 9.9.

Nonetheless, one has to be aware of the limitations to this concept of similarity.
For example, the superposition principle of Eq. (9.2) allows the calculation of the
SIF for the aluminium layer separately for the far-field stresses in that layer, i.e.

Ktip ¼ bS
ffiffiffiffiffiffi
pa

p ð9:3Þ

These stresses can be calculated using the classical laminated plate theory, as
explained in Chap. 4. However, it is discussed in Sect. 9.5 that one has to be aware
that the presence offibres and fibre bridging imposes constraints to parameters like b.

To determine the bridging load itself, which relates to Kbr, a compatibility
equation is needed. This can be provided by the displacements of the metal and
fibre layers at the delamination boundary, which must be compatible. Assuming
that the deformations in the metal layers within the delamination area are negligible,
one may assume that displacements at the crack flanks at a certain location along
the crack are equal to displacements at the delamination boundary. Relating the
crack flank opening, Fig. 9.8, to the elongation and deformation of the fibre layers
within the delaminated area then provides

v1 xð Þ � vbr xð Þ ¼ df xð Þþ dpp xð Þ ð9:4Þ

The shear deformation component dpp in this equation depends on the interface
geometry itself. As discussed in Sect. 8.3, pre-impregnated layers, such as the
S2/FM94 prepreg in standard GLARE, contain fibres equally distributed throughout
the thickness, while woven fabric impregnated by two adhesive films, like in
ARALL, results in fibres concentrated at the centre with resin-rich layers at both
interfaces. The deformation of these two types of fibre layers yields different
relations.

It is explained by various authors [2, 4, 13] that solving the compatibility
equations in order to calculate the bridging stresses along the delamination contour,
requires a rather complex integration procedure, because the shape of the bridging
stress distribution along the delamination contour is unknown a priori. As a con-
sequence, the integral of the crack opening displacement as a function of bridging
stress

vbr xð Þ ¼
Za

as

v x; xbrð Þ dxbr ð9:5Þ

cannot be integrated indefinitely. For this purpose, the problem of Fig. 9.8 has been
discretized and solved numerically. Initially, the crack length has been divided into
a number of bar elements with identical widths [2, 3], as illustrated in Fig. 9.9.
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The bridging stresses are stable over most of the crack wake length, except for
the direct vicinity of the crack tip. At that location significant variations in bridging
stresses in relation to the delamination shape have been observed. This caused
stability problems in the implementation of the model reported in [2], which at that
time were solved with a smoothing operation of the calculated delamination growth
near the crack tip [3].

Wilson proposed to bias the discretization of bar elements towards the crack tip,
which is a different but more robust solution. He concluded that this bias was only
necessary for the crack tip and not for the notch tip. To bias the discretization of the
bar elements, Wilson employed the Chebyshev nodes [4], which for a single crack
length with n elements yields

xi ¼ as � a� asð Þ sin p
4
2i� 1
n

� �
; i ¼ 1; 2; . . .; n ð9:6Þ

as
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Fig. 9.8 Illustration of the crack opening, obtained by superposition of crack opening under
far-field loading v∞(x) and a closing contribution due to bridging vbr(x) [3]
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Fig. 9.9 Illustration of the bar element scheme adopted to solve the compatibility equations [4]
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9.5 Delamination Shapes

The shape of delaminations in fatigue crack configurations has been the subject of
many studies, although often implicitly. For example, when Marissen [8] developed
his fatigue crack growth theory for ARALL, he considered the delamination to be
elliptical of shape. Many studies building on the work of Marissen continued with
that shape without proper verification. In fact, despite experimental evidence
illustrating different shapes, still often the ellipse was adopted as representing the
shape. This can be illustrated with one example, given in Fig. 9.10 reported by
Mattheij [5]. Despite the fact that the shape in this figure evidently is not well
represented by an ellipse, Mattheij presented the delamination as elliptical of shape.

In subsequent development of bridging theories, Guo and Wu [14] were the first
to explicitly consider different shapes as well, analysing both the ellipse and triangle
as governing shapes. Reviewing the available evidence revealed that most shapes
reported actually did not resemble an ellipse, but rather a shape in between a cosine
and a parabolic function [3]

b xð Þcos ¼ b asð Þ cos p
2
x� as
a� as

� �

b xð Þpar ¼ b asð Þ
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
1� x� as

a� as

r ð9:7Þ

This is illustrated in Fig. 9.11. In this figure, it seems that the cosine shape fits
best to the observed and measured delamination shapes. It at least resembles the
sharp delamination tip described by either cosine or triangular shapes [3]. However,
the analysis of the bridging stresses for these delamination shapes reported in [14]
and [3] reveals that the sharp delamination tip corresponds to very high bridging
stress peaks at the crack tip in the metal layer. This makes the prediction models
based on the cosine and triangular shape numerically very sensitive and easily
unstable. It was for that reason that the parabolic shape was used in the method
proposed in [2, 3].

Fig. 9.10 Image of delamination shape labelled by Mattheij as ‘elliptical-shaped delamination
zone’ [5]
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Although these delamination shapes, illustrated in Figs. 9.10 and 9.11, are
observed in most cases, one has to verify these shapes for each individual case. The
shape corresponds to a well-balanced growth of cracks and delaminations. This
balance may not always be present.
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Fig. 9.11 Measured delamination shapes in GLARE3-6/5-0.4 tested in L-T direction with
W = 100 mm, a = 17.5 mm, as = 1.5 mm and Smax = 100 MPa with R = 0.05 [3]
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Fig. 9.12 Image of delamination shapes in ARALL containing evidence of fibre failure [5, 16]
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This can be illustrated with for example delamination shapes observed for
ARALL for cases where fibre failure occurred. At the location where fibres fail,
load transfer over the interface no longer occurs and hence, delaminations do not
grow further. For that reason shapes were often observed in ARALL with very
narrow delamination shapes or shapes that seem inverted compared to the shape
illustrated in Fig. 9.10. Examples of both observations are given in Fig. 9.12. The
large step transition in delamination shape in the right-hand image of Fig. 9.12
corresponds to fibre splitting in the loading direction. This concept is illustrated in
Fig. 9.13.

But even when fibre failure does not occur, different delamination shapes have
been reported. For example, the delamination shapes between the thick metal layers
and the inner FML core of the initial Central concept [15] were much closer to the
elliptical shape. These delaminations, however, were excessive in size, significantly
reducing the efficiency of fibre bridging. As a result, nonlinear growth was observed
similar to that observed for monolithic aluminium, and ARALL in case of fibre
failure, see Fig. 9.3.

This means that in order to fully benefit from the hybrid concept and its fibre
bridging, the FML lay-up must be optimized with respect to both the load transfer
over the interface and the load in the bridging fibres. Once that has been achieved,
generally delamination shapes of the form illustrated in Figs. 9.10 and 9.11 are
obtained.

9.6 Metal Layer Crack Growth Resistance

The concept of the superposition principle explained in Sect. 9.4 is that the crack tip
in the metal layers of an FML experiences effectively a stress intensity that can be
described with the stress intensity factor (SIF) K. The similarity principle then is
similar to the principle adopted for monolithic metals; similar SIFs result in similar
crack growth.

Starter 
notch

Delamina on 
boundary

Prepreg
spli ngPrepreg/fibre failure

Fig. 9.13 Illustration of the
delamination shape
development in case of
prepreg/fibre failure; after
splitting of the prepreg layers
the fibres no longer fail and
delaminations develop [17]
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Hence, to describe crack growth in the metallic layer, the SIF from Eq. (9.2)
must be correlated with crack growth resistance curves, like the Paris relation. This
relationship can be established by performing fatigue crack growth tests on
monolithic metals for which the SIF can be determined with the standard methods,
like Eq. (9.3).

Here, one has to consider aspects that may influence the similarity principle. It
was explained in Chap. 7 that S–N curves obtained from monolithic metals may be
used in the methodology for predicting crack initiation in FMLs. The error one
makes by using these fatigue lives until failure for initiation until 1 mm has been
limited with the definition of that initiation length of 1 mm.

When determining the crack growth resistance or Paris curves for the metallic
layers in FMLs, one could similarly rely on the curves obtained for monolithic
metals. However, the major difference between the thin metal layers in FMLs and
the monolithic specimens tested is the thickness and the applied cure cycle(s). For
mode I fatigue cracks in monolithic metal sheet, it is known that shear lips will
develop that eventually may slant the entire fatigue crack into a combined mode I
and II opening, see Fig. 9.14. This crack slanting has also been observed for thin
sheets in FMLs [18, 19], but at different crack lengths. Fatigue cracks tend to slant
earlier in the thin sheets than observed for thicker monolithic sheets. The transition
of the opening mode on the crack surface has influence on the crack growth
resistance, for which reason some authors marked the moment of transition in the
crack growth resistance curves.

To address these aspects, Lipzig [20] investigated the fatigue crack growth
behaviour of 5-mm-thick and 1-mm-thin Aluminium 2024-T3 (alclad). In addition,
he tested bonded laminates of 5 � 1 mm thin aluminium (Fig. 9.15). The general
observation was that the fatigue life of the 5-mm-thick panels was substantially
shorter than that of the 1-mm-thin ones, whereas the 1-mm-thin sheets in the
laminated composition behaved similarly to a single 1-mm plate.
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Tensile 
mode I
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Fig. 9.14 Difference in the development of fatigue fracture surface between monolithic plate and
thin sheets of the same material in the FML

9.6 Metal Layer Crack Growth Resistance 187



Later, Homan [21, 22] investigated the fatigue crack growth behaviour of thinner
(0.3–0.4 mm) aluminium sheets of the same alloy and thickness, including the same
surface pre-treatment (chromic acid anodizing and BR127 priming) as the alu-
minium layers in the FML GLARE. To investigate whether the crack growth
resistance is affected by the difference in sheet thickness and pre-treatment, Homan
compared his results and those of Slagt [23] with data from the Fokker technical
handbook [24] and data from the Handbuch Struktur Berechnung [25].

Good correlation was obtained between the experimental results and the hand-
book solutions, indicating that there is not a significant difference between the crack
growth behaviour of the thin sheets in FMLs and the monolithic sheets.

However, Homan did observe a slight difference between the data from Slagt
[23] and his data, as illustrated in Fig. 9.16. This could only be explained by the
fact that Slagt tested 0.3-mm aluminium adhesively bonded to a laminate with 4
layers and subsequently cured. It is believed that these thin layers in a laminate (or
FML) are better supported than the thin sheets tested by Homan, despite the
anti-buckling guides used.

A difference between the reports by Homan [21, 22] and later reports is the stress
ratio correction adopted. Homan used a correction originally proposed by De
Koning [26] defined as

DKeff ¼ 1� R1:35� �
Kmax ð9:8Þ

while later [4] the R-correction proposed by Schijve [27, 28] was adopted

DKeff ¼ 0:55þ 0:33Rþ 0:12R2� �
DK ð9:9Þ

Recent studies correlating stress-based fracture mechanics approaches with
energy principles indicate that most of this R-correction is imposed by the fact that
DK does not capture well the cyclic work applied to the specimen [29–31].

Fig. 9.15 Difference in macroscopic appearance of fatigue fracture surfaces in 5-mm 2024-T3
alclad specimens (left) and 5 � 1 mm 2024-T3 alclad laminates (right) [20]
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9.7 Finite Width Correction Factors

For the case of central fatigue cracks in monolithic metal panels, finite width
correction factors have been proposed in the past, with the predominant focus on
increasing accuracy, in particular for high values of 2a/W.

Irwin [32] developed a correction that appeared to be valid at most to 2a/
W < 0.5. Isida [33, 34] developed a correction using series expansion, which
appeared to be equally accurate as the equation proposed by Feddersen [35]. The
excellent correlation between this secant formulation by Fedderson with Isida’s
correction, has for a while led to the idea that this Feddersen’s equation may be in
fact exact. However, Koiter [36] demonstrated the exact limit of F(a) for 2a/W ! 0
and proposed a formulation which was slightly more accurate than the formulations
of Isida and Feddersen, in particular for 2a/W > 0.8. In addition, Dixon [37]
developed a correction that can be derived straightforwardly from the equilibrium
between Westergaard’s stress field in the net section and far-field stresses.

Initially, these finite width corrections were considered to be generic geometry
corrections that must be applied to consider the change in crack tip stress field
induced by the finite dimensions of the panel. For that reason, the methodology
explained in previous sections incorporated the Dixon finite width factor for the
far-field stress intensity factor in FMLs [3].

However, when validating the methodology with experimental data, the obser-
vation was that including such a finite width factor in the model over-predicted the
crack growth for long cracks. For that reason, the application of the finite width
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Fig. 9.16 Correlation between crack growth data from Homan [21] and Slagt [23] and the curves
from technical handbooks; Paris-Schijve indicates the Paris equation with the R-correction of
Eq. (9.9)
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correction was not mentioned in [2], nor did Wilson incorporate a finite width
correction in his generalized form of the methodology [4]. In fact, omitting the
finite width correction yielded slightly un-conservative results while including such
correction factor gave conservative, but less accurate, results.

To understand the role of these finite width corrections, one may look at the
fatigue crack growth problem from an energy perspective [30, 31]. Rather than
applying load or stresses to the panel, one has to consider that actually work is
applied. Corresponding to the application of load, the panel will deform. In case of
force-controlled testing, the reduction of panel stiffness as result of crack growth
corresponds to an increase of applied work. One could therefore consider the finite
width correction a correction of force or stressed-based models for the fact that they
do not consider the energy well.

Hence, the finite width correction could be formulated as the ratio of work
applied at any crack length 2a compared to the un-cracked panel

bFW ¼ W2a

W2a¼0
ð9:10Þ

where the stiffness of a monolithic panel theoretically goes to zero for 2a = W; the
corresponding work applied to the panel goes to infinite. Hence, the correction
factor bFW asymptotically goes to infinity for 2a/W = 1.

In case of fatigue cracks in FMLs, the stiffness of the panel at 2a/W = 1 is
defined by the remaining intact fibre layers. Hence, the corresponding work applied
to the panel is still finite. One has to keep in mind that since the intact fibre layers
define the stiffness at 2a/W = 1, the actual value of b2a=W, see Fig. 9.17b, depends
on the lay-up of the FML. As a consequence, the application of finite width cor-
rections in describing fatigue damage growth in FMLs requires the determination of
this correction as function of the laminate lay-up.

9.8 Other Correction Factors

It was already mentioned in Sect. 9.2 that saw cuts were initially used for FMLs as
starter notch or pre-crack similar to the standard practice for monolithic metal
specimen. In the latter case, a saw cut may be relevant, because small fatigue cracks
in metals are not hindered in propagating through the thickness and have often
reached a through-crack configuration at macroscopic lengths used for damage
tolerance analyses.1

In FMLs, however, the fibre layers act as significant barriers for the crack to
extend in thickness direction. This implies for fatigue cracks that have initiated in

1Recently, Jones et al. [38] emphasized that most damage tolerance analyses focus on naturally
occurring cracks for which the common macroscopic crack growth data for monolithic metals are
also deemed inappropriate.

190 9 Fatigue Crack Propagation



an FML structure as corner cracks or as scratches that saw cuts lead to overesti-
mation of crack growth rates.

This has led to the distinction between the different crack geometries, as
explained in Sect. 9.2. But even for the case of through-thickness fatigue cracks,
Fig. 9.2c, one has to consider the different notch and crack configurations. Similar
to the case of monolithic metals, geometry factors must be considered to account for
example for the difference between open hole and pin-loaded holes compared to
natural fatigue cracks and to capture the difference between central cracks and edge
cracks.

Thus, saw cuts may be considered representative for notches like drilled holes,
but the difference between the saw cut and hole notch geometries yields different
crack growth behaviour, in particular for small cracks in the notch vicinity. The
effect of notch configuration on subsequent growth of fatigue cracks has been
investigated for monolithic metallic structures. Often the observed influence has
been captured by geometry correction factors that describe the effect of the starter
notch geometry on the calculated stress intensity factor [39].

In a similar way, the starter notch effect has been investigated for FMLs. Fatigue
tests on specimens containing open holes, saw cuts or pin-loaded holes have been
performed and correlated with geometry correction factors developed for

starter notch

acrack

tmetal

tfibre

2a/W

EFML

0 1

EFibres

starter notch

acrack

tmetal

(a)
βFW

starter notch

acrack

tmetal

tfibre

1

0 12a/W

starter notch

acrack

tmetal

(b)

β2a=W

δ

P

starter notch

acrack

tmetal

Force controlled tes ng

E → 0W2a=0 W2a=W = ∞

(c)

δ

P Force controlled tes ng

E → EFibresW2a=0 W2a=W = ½Pδ2a=W

starter notch

acrack

tmetal

tfibre

(d)
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monolithic metals [40, 41]. In addition, tests have been performed on
double-edge-notched specimens, to correlate the growth of edge cracks to the
growth of central cracks [42–44]. Figure 9.18 illustrates the different crack sce-
narios that have been investigated. What all these studies have in common is that
they correlated the observed growth to the stress intensity factor for infinite plates

K ¼ S
ffiffiffiffiffiffi
pa

p ð9:11Þ

As a consequence, Homan [45] proposed the application of corrections to that
stress intensity factor. For any geometry other than the infinite plate, Eq. (9.11)
becomes for FMLs

Ktip ¼ fgff S
ffiffiffiffiffiffi
pa

p ð9:12Þ

SSaw cut

a

Open hole Filled hole/pin loaded hole

as

W

W W

a a

DD

H H

Edge crack

a

as

W

Fig. 9.18 Illustration of the different crack scenarios for which fatigue crack growth experiments
have been performed and beta factors have been developed

192 9 Fatigue Crack Propagation



where fg is the general geometry correction factor similarly applied to monolithic
metals, and ff represents the contribution of bridging fibres. Given the context of the
phenomenological models developed at the time [11, 26, 46], this correction
approach can be understood.

One has to be aware that correlating Eqs. (9.2, 9.3, 9.4, 9.5, 9.6, 9.7, 9.8, 9.9,
9.10, 9.11 and 9.12) yields a relation that is empirical and phenomenological

ff ¼ K1 � Kbr

fgS
ffiffiffiffiffiffi
pa

p ¼ 1� Kbr

fgS
ffiffiffiffiffiffi
pa

p ð9:13Þ

In fact, it is similar to the phenomenological model once proposed by Toi [47]
and later adapted by Takamatsu et al. [48], except that the equation for this cor-
rection factor was not just a polynomial expression, but rather related to parameters
describing the delamination geometry [26, 46].

Homan [45] explains that fg in Eq. (9.13) is the finite width correction factor
commonly calculated with the Feddersen [35] or Dixon [37] relation. The latter is
defined as

fDixon ¼ 1ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
1� 2a=Wð Þ2

q ð9:14Þ

This correction was originally applied to the stress intensity factor calculated
with Eq. (9.12) based on applied laminate stresses. It implicitly assumed the lam-
inate to constitute a homogeneous plate containing a through crack, which is
deemed incorrect [1]. As explained in Sect. 9.5, this correction was later only
applied to the far-field stress intensity factor K∞, see Eq. (9.2). But even then, the
correction overestimates the effect of the finite specimen dimensions for the reasons
explained in Sect. 9.5.

9.8.1 Open Hole and Pin-Loaded Hole

In linewith the concept ofEq. (9.12),Homan [45] proposed acorrection for openholes
after the correction proposed by Newman [49] for open holes in monolithic panels

K ¼ fOH

ffiffiffiffiffiffiffiffiffiffiffiffiffiffi
1� D

2a

r
S

ffiffiffiffiffiffi
pa

p ð9:15Þ

in which fOH includes the Bowie correction factor

fOH ¼ ð1:0� 0:15kD þ 3:46k2D � 4:47k3D þ 3:52k4DÞffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
1� 2a=Wð Þ2

q �
ffiffiffiffiffiffiffiffiffiffiffiffiffiffi
1� kD

p
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
1� D=Wð Þ2

q ð9:16Þ
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with kD is defined as D/2a. This correction has been developed for
through-thickness cracks in monolithic panels, which for FMLs is equivalent to
straight cracks through both metal and fibre layers. Obviously, the application of
this correction to stress intensity factors for fatigue cracks in FMLs must be
inaccurate.

Gonesh [40] investigated the open hole configuration in GLARE and compared
it with the known relations for monolithic metals. Figure 9.19 gives the results of
Gonesh’ comparison in which he calculated the geometry correction factor with

f ¼ DKeff

DS
ffiffiffiffiffiffi
p l

p ð9:17Þ

where DS is the applied stress range, and l is defined as l = a−½D, see Fig. 9.18,
and DKeff is taken from the fatigue experiments on GLARE specimen using

DKeff ¼ 1
C
da
dN

� �1
n

ð9:18Þ

Note that this approach yields a correction factor that comprises all correction
factors, including fg and ff, and not only fOH. This makes the correlation with the
aluminium correction factors somewhat less straightforward.

The constant C and exponent n were taken from the fatigue experiments on
monolithic aluminium sheet, as discussed in Sect. 9.4. Comparison of the
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Fig. 9.19 Comparison between geometry correction factors for GLARE3-3/2-0.3 [40] and
monolithic aluminium [25], both with d/W = 0.112
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experimentally determined geometry correction factor according to Eq. (9.17) and
the factor established for monolithic aluminium [25] is given in Fig. 9.19.

Evident in this figure is the contribution of the bridging fibres. With increasing
crack lengths, the effective stress intensity factor in GLARE is lower than the
corresponding stress intensity factor in monolithic aluminium.

Hence, the general observation is that applying the open hole correction factor
obtained for monolithic aluminium for GLARE will yield conservative predictions.
This observation is in agreement with the finite width correction discussed in the
previous section, illustrated in Fig. 9.17b.

Similar to the case of an open hole, Homan related the correction for the
pin-loaded hole to Newman’s corrections for monolithic metals [49]. According to
Newman, the correction for pin-loaded configurations can be derived from the
stress intensity factor for open holes with

KPLH ¼ KOH 0:5þ W
2ap

� �
ð9:19Þ

Hence, the correction factor for a pin-loaded hole can be presented as

fPLH ¼ ð1:0� 0:15kD þ 3:46k2D � 4:47k3D þ 3:52k4DÞffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
1� 2a=Wð Þ2

q �
1
2 þ W

2ap

� � � ffiffiffiffiffiffiffiffiffiffiffiffiffiffi
1� kD

p
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
1� D=Wð Þ2

q
ð9:20Þ

Also here, it should be noted that this correction when applied to FMLs assumes
the crack to run through both metal and fibre layers, which is evidently incorrect.
Because both the correction for open hole and for pin-loaded hole overestimate the
stress intensity factor, predictions using these corrections lead to conservative
results.

9.8.2 Edge Cracks Versus Central Cracks

For double-edge-notched (DENT) cracks in monolithic panels, illustrated in
Fig. 9.18, the correction factor is given by [50]

fDENT ¼ 1:1215� 1:1215 � a=Wð Þ � 0:060 � a=Wð Þ2 þ 0:728 � a=Wð Þ3ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
1� 2ða=WÞp ð9:21Þ

To compare the correction factors for double-edge-notched specimens with
Eq. (9.21) is not trivial, for the same reasons as explained for centre crack speci-
mens in Sect. 9.5. However, to follow a similar approach as in Eqs. (9.17) and
(9.18) one may correlate the obtained curves with the curves for centre crack
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tension (CCT) specimens. This is illustrated in Fig. 9.20. The initial difference of
factor 1.1215 between the geometry correction factors for DENT and CCT speci-
men for monolithic metals, is not evident in the GLARE data. In addition, the
curves follow different paths obviously related to the different contribution of fibre
bridging, which is implicitly present in Eq. (9.17).

Hence, one may apply the correction factors for monolithic aluminium in a
similar fashion to FMLs, but evidently these factors are invalid for FMLs, although
they yield conservative predictions.

9.9 Fatigue Threshold

The crack growth resistance of the metal layers in FMLs has been discussed in
Sect. 9.4. In the Paris representation of this resistance, there is generally a lower
asymptote that indicates a threshold DKth. To identify whether for FMLs also such
lower threshold can be established, Daandels [51] performed an experimental study.

Daandels performed fatigue tests on two GLARE3-3/2-0.4 specimens, one tested
in the principal material axis with 0°/90° fibres between the metal layers and one
under an off-axis angle with −45°/45° between the metal layers. A procedure was
adopted similar to that used for monolithic metals, in which the maximum load is
incrementally reduced in small steps to limit the plasticity-induced retardation
effects. The procedure is explained in detail in [52]. The obtained crack growth rates
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were plotted against the effective SIF range DKeff, calculated with the phe-
nomenological model of De Koning [26]. Daandels concluded initially that the
threshold SIF DKth was 83 MPa√mm for the 0°/90° orientation and 115 MPa√mm
for the −45°/45° orientation.

In further studying the experimental results and fatigue phenomena, it was
concluded that the procedure of stepwise load reduction imposes greater delami-
nations at the interfaces than would have been obtained for constant amplitude
fatigue tests entirely at the corresponding load levels [52]. Hence, the reported
threshold values of 83 and 115 MPa√mm are deemed inaccurate.

Probably more important is that the observed threshold in Fig. 9.21 is to be
attributed to the threshold in the fatigue crack growth resistance of the aluminium,
because, as explained in Chap. 8, no thresholds were observed in similar delami-
nation growth resistance curves.

This means that once the SIF at the crack tip Ktip is below the threshold SIF, the
fatigue crack in the metal layers retards, but the delamination at the interfaces still
grows. Over time, this increase in delamination size decreases fibre bridging and as
a result Kbr in Eq. (9.2) will decay. This increases the Ktip until it reaches a level
beyond the threshold SIF and the crack may grow again.

In summary, the conclusion of the study by Daandels [51] and the one reported
in [52] is that it does not make much sense to establish threshold levels for FMLs by
testing FML panels. Rather the crack growth resistance of the metal layers must be
characterized including the threshold regime, as explained in Sect. 9.4.
Implementation of the crack growth resistance of the metal, including its threshold
behaviour, in the methodology explained in Sect. 9.4 will allow evaluation of the
fatigue behaviour of the FMLs in the near-threshold regime.
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Fig. 9.21 Recorded crack growth rates plotted against the effective stress intensity factor range
calculated with the empirical model from [26, 52]
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9.10 Surface Cracks

The major difference between surface fatigue cracks and fatigue through cracks is
the level of bridging to the cracked layers, see Fig. 9.1. Another difference is the
contribution of the starter notch to the initial part of the crack growth curve. In
fatigue through cracks, the cracks are initiated in all metal layers by creating a notch
through the entire laminate, including fibre layers. Hence, at the start of the test
(indicated with ), the crack growth rate initially is determined by K∞ only. Once
the crack progresses, fibre bridging will develop and the crack growth rate will
decrease, see Fig. 9.7b. For surface cracks, this is different, because the notch is a
surface notch. As a consequence, the crack growth rate is determined by both K∞

and Kbr resulting in approximately constant rates after an initial increase at the start.
This is clearly visible in Fig. 9.23, where data are plotted for two different surface
notch lengths. The difference illustrated in Fig. 9.22 is visible when comparing
Fig. 9.23 with the case for through cracks in Fig. 9.7b.

Because the number of intact layers contributing to crack bridging is greater, i.e.
both fibre layers and metal layers, the effective SIF at the crack tip of the surface
crack is considerably lower than for through cracks.

Depending on the FML lay-up, however, this amount of bridging will be dif-
ferent. The comparison between the 2/1 and 3/2 lay-up in Fig. 9.23 shows that
increasing the laminate thickness from 2/1 to 3/2 substantially decreases the crack
growth rates.

Aside from the number of intact layers bridging the surface crack, this also is
influenced by secondary bending. Secondary bending is the bending of the axially
loaded panel, due to a step in the neutral plane of the laminate. For a thin 2/1 lay-up,
this step is relatively large, while for a thick lay-up this bending may be marginal.

The consequence of secondary bending is that the delamination at the interface
with the intact layers opens not only in a shear mode, but also in a tension mode
(mode I). Hence, the delamination propagates slightly faster in a thin laminate
containing a surface crack, compared to the thick FML.

The general observation for all the fatigue crack growth tests performed was that
the crack growth rate is not only low, but also fairly low for the major portion of the
crack growth life. Hence, the crack growth characteristics discussed in Sect. 9.3
follow the steady-state growth illustrated in Fig. 9.5, rather than the exponential
growth illustrated in Fig. 9.6. Except for the transient phase, which is opposite for
surface cracks as illustrated in Figs. 9.22 and 9.23, the crack growth rate is
developing towards the steady state, rather than decreasing from an initially higher
value caused by cutting fibres in the notch.

Therefore, to describe the fatigue crack growth behaviour of surface cracks,
phenomenological methods were proposed that described a steady state of crack tip
stresses independent of the actual crack length [54]. The methods were based on a
method initially proposed by Guo and Wu [55], or a variation of the Rose model for
patch repairs [56]. The concept for the latter methods was that the intact part of the
FML could be described as a patch to a cracked metal layer.
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Noteworthy is the method proposed by De Koning [57], who derived a SIF for a
surface crack based on the superposition of far-field stresses and bridging stresses,
similar to Eq. (9.2), with the far-field SIF described by Eq. (9.3). His derivation
resulted in cancelling out of the far-field SIF, leaving an expression based on a local
crack tip stress field. Hence, the maximum SIF as function of the local stress system
(Fig. 9.24) could be described by [54]
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Fig. 9.22 Comparison between the development of Ktip with the crack length according to
Eq. (9.2) in fatigue through cracks (a) and surface cracks (b)
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The disadvantage of this phenomenological model is the empirical parameters
that must be determined based on a number of fatigue crack growth tests on the
surface crack configuration. Different to the methodology described in Sect. 9.4, a
number of parameters have to be tuned to calibrate predictions.
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9.11 Part-Through Cracks

In the case of mechanically fastened joints, secondary bending will impose different
initiation and propagation behaviour of fatigue cracks in each individual layer of the
FML. In Sect. 7.14, this was discussed with respect to initiation. Similarly, fatigue
crack growth is affected by the bending stresses through the thickness of the FML.
Hence, to describe the growth of the individual layers in an FML under bending or
combined bending and tension, the effective axial stress levels in each layer should
be determined.

Initially, prediction methods were developed that predicted the crack growth
behaviour of surface cracks (previous section). The assumption was that the tip of
the lead crack in the metal layer at the mating surface in the joint (experiencing the
highest stresses) will progress in a laminate similarly to a surface crack configu-
ration. The process zone will not be affected by the shorter cracks propagating in
subsurface layers.

Hence, the surface crack methodology using Eq. (9.22) was adopted to describe
the crack growth in the surface metal layer experiencing the highest bending stress.
The crack growth in subsurface layers was calculated with a correction to
Eq. (9.22) based on the bending factor and the distance from the subsurface metal
layer to the surface metal layer, see Fig. 9.25. In that concept, the subsurface crack
growth is assumed to be similar to the surface layer, i.e. not affected by cracks in
even deeper layers, but also not by the surface crack [58].

Validation of this phenomenological part-through crack method appeared to be
somewhat less straightforward. To this aim combined bending tension tests were
performed [59] where throughout the fatigue test the crack growth of the surface
crack was monitored, while the crack lengths in the subsurface layers were deter-
mined by tear down of the specimens. This tear down approach was also adopted by
Randell [60] with the aim to support the development of a better crack growth
prediction model for subsurface cracks (Fig. 9.26).

Mortier and Homan [59] report testing five specimens at a gross tensile stress of
Smax = 80 MPa, with R = 0.1, which each were tested up to a predefined surface
crack length. Tear down of the five specimens allowed reconstruction of the crack
growth curves for the subsurface layers as illustrated in Fig. 9.27 for
GLARE2B-7/6-0.4.
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Fig. 9.25 Concept of axial
stress due to bending in
surface and subsurface layers
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Fig. 9.26 Tear down of four-point bend specimen. One quarter of the specimen is shown with
‘Layer 1’ labelling the cracked surface layer [60]
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Fig. 9.27 Crack growth curves reconstructed for GLARE2B-7/6-0.4 after tear down of combined
bending tension specimens tested under a remote gross stress of Smax = 80 MPa, R = 0.1 [59]
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In particular, for GLARE2B-7/6-0.4 tested in the LT direction, it was observed
that the crack lengths in the surface layer and the first subsurface layer were almost
identical, which was not the case for GLARE3-5/4-0.4 and GLARE4B-5/4-0.4 (in
LT direction), both tested at the same gross applied stress level of Smax = 80 MPa.

According to Mortier and Homan, this difference may be caused by the fact that
GLARE2B in the LT direction is significantly more stiff than the other two lami-
nates: having a nominal Young’s modulus of Elam = 64.2 GPa versus 57.5 and
56.9 GPa, respectively. The other difference is the nominal laminate thickness,
which for GLARE2B was tFML = 4.3 mm versus 3.0 and 3.5 mm for the other two
laminates, respectively.

These differences change the bending moment induced by the axial gross stress
and, as a result, change the effective stresses in the subsurface layers. If the effective
stresses in the surface and the subsurface layer are close, the resulting crack growth
will become similar as well.

This was later confirmed by Randell [60] who increased the thickness for the
GLARE2 laminate to a lay-up of GLARE2A-11/10-0.4 instead of the 7/6 lay-up.
With the increased thickness, the step in neutral line in the combined bending
tension specimen was greater, inducing a larger bending factor. Randell observed in
his tests a greater difference between the crack growth of the surface and the first
subsurface layer.

Later the methodology presented in Sect. 9.4 was further developed by Wilson
[4] into a generalized theory that allowed the prediction of the cracks in the indi-
vidual layers together with corresponding delaminations at the adjacent interfaces.
Wilson initially developed the method to enable prediction of fatigue cracks in more
complex hybrid lay-ups, like the CentrAl concept, see Chap. 2, which combined
thicker outer layers of different aluminium alloys with the thin metal layers of the
centre FML. In [4], Wilson demonstrated the wide range of cases and conditions for
which the generalized theory applies, including tension and bending, different metal
constituents and constituent thicknesses.

Wilson’s method was adopted by Spronk [61] to predict the part-through crack
propagation in the FML reinforcement of the aluminium frame of the A400 M. The
methodology was later validated by Van der Linden [62], who used the Wilson
model as adapted by Spronk to predict the required number of fatigue load cycles to
generate predefined crack lengths. Tear down after the residual strength tests
illustrated that the model was reasonably accurate.

9.12 In-Axis Versus off-Axis Loading

The fatigue crack growth theories presented in [2–4, 8, 13] mostly focussed on fibre
bridging in the case that panels were uniaxially loaded in directions of the principal
material orientations. The difference between unidirectional laminates like GLARE2
and cross-ply laminates like GLARE3 and GLARE4 was studied because different
contribution of fibre bridging could be observed. However, in thin-walled structures
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such as aircraft fuselage panels or lower wing panels, other load components may be
applied leading to situations with the principal loading in directions different from
the principal material orientations.

To address this aspect, a number of studies were performed into the crack growth
behaviour under off-axis loading conditions. To this purpose, Gonesh [63, 64]
performed uniaxial fatigue tests on GLARE2, GLARE3 and GLARE4B centre
crack tension specimens with the initial notch perpendicular to the loading direction
and the principal material orientation under an angle c with that loading direction.
Similarly, Thibault-Liboiron performed fatigue tests of edge cracks under off-axis
loading [43, 44].

Gonesh observed the crack growth rates to increase with increasing off-axis
angles, as illustrated in Figs. 9.28 and 9.29. The increase with the off-axis angle is
greater for the unidirectional GLARE2 than for the cross-ply laminates like
GLARE4.

This can be explained with the effective stiffness of the fibre layers in the
direction of loading. The fibre layer stiffness in unidirectional FMLs decreases
continuously from 0° to 90°, while for cross-ply laminates that stiffness decreases to
lesser extent and increases again towards 90°. As a consequence, the laminate
stiffness will vary similarly, as illustrated in Fig. 9.30.

The significant effect of off-axis loading on unidirectional laminates is important,
when these laminates are considered for lower wing skin applications. Hence, crack
growth prediction models need the ability to predict the higher crack growth rates
for principal loading directions misaligned with the principal material direction.

Initially, the off-axis loading was considered in the phenomenological models
with another correction factor a(h)
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a hð Þ ¼ aL�T cos hð Þ4 þ aT�L sin hð Þ4 þ ah sin hð Þ2cos hð Þ2 ð9:23Þ

where aL−T, aT−L and ah were fitted to the experimental fatigue crack growth data
obtained for GLARE2, GLARE3 and GLARE4 separately. Note that Eq. (9.23)
describes the trend similar to what is illustrated for the laminate stiffness of these
three GLARE types in Fig. 9.30.

With the emphasis on providing input for and validation of the phenomeno-
logical models [58], less effort was put in developing understanding of all aspects
that influence the observed crack growth rate and crack direction. Only recently,
Gupta [65] discusses that FMLs tested under an off-axis angle effectively not only
experience an axial loading induced by the fatigue test machine, but that the
machine effectively also applies a transverse load to the specimen.

This transverse load is obviously not recorded by the machine, but it can be
calculated using for example the classical laminate theory. FMLs under an off-axis
angle represent orthotropic laminates that are not balanced in the axial loading
direction. Hence, to resist the additional in-plane shear deformation of the FML
imposed by the axial deformation, the machine has to apply an additional transverse
load.

Hence, the crack growth rate and crack direction are governed by both tensile
and shear loads, which together create a mixed-mode stress intensity at the crack
tip. Gupta [65] explains that this mode-mix at the crack tip constitutes a superpo-
sition of the mode-mix induced by the combination of applied axial and transverse
load, with the mode-mix created by bridging fibres oriented under the off-axis
angle. The concept of this superposition is illustrated in Fig. 9.31.
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Following this superposition, one may thus assume that also for the mode II
Eq. (9.2) holds, but that K∞ in that case is based on the far-field shear stress s
(induced by the transverse load) rather than the far-field stress S given in Eq. (9.3).
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Similarly, the opening of the fatigue cracks in the metal layers comprises two
directions equivalent to the opening mode I and shear mode II, which means that
Eq. (9.4) also has to be formulated for the tension load and shear load separately.

Gupta [65] illustrates that the methodology presented in [2] can be adopted in a
similar fashion for the shear mode to determine the transverse fibre bridging. Hence,
the stress intensity factor at the crack tip in the metal layers of the FML is
decomposed into two individual opening modes following the concept of Fig. 9.31

KI;FML ¼ KI;1 � KI;br

KII;FML ¼ KII;1 � KII;br
ð9:24Þ
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Fig. 9.31 Concept of superposition of mode-mix imposed by far-field axial and transverse
loading by the test machine, and the mode-mix imposed by the off-axis fibre bridging [65]
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With the mode-mix defined as

M ¼ KII;FML

KI;FML þKII;FML
ð9:25Þ

One would obtain M = 0 for pure tension (in-axis loading) and M = 1 for pure
shear. The mode difference influences the path the crack follows, where for M = 0
the crack propagates straight perpendicular to the applied load, and the crack path
tends to deviate when M > 0.

9.13 Crack Path Angles and Path Deflections

Aside from the observed increase in crack growth rates, illustrated in Figs. 9.28 and
9.29, with increasing off-axis angle, the cracks were observed to deviate from the
direction perpendicular to the loading. In the phenomenological models [58], this
crack path deflection was neglected and the crack growth rate projected to the path
perpendicular to loading was considered.

For the cross-ply FMLs GLARE3 and GLARE4, this approach can be under-
stood. The results by Gonesh [63, 64] and Thibault-Liboiron [43, 44] illustrate that
the cracks deflect under small angles. However, for off-axis loading of unidirec-
tional FMLs this is entirely different. For a certain off-axis angle, the crack may
deflect significantly from its path perpendicular to the loading. This is illustrated in
Fig. 9.33 where images of the delamination shapes are given that are obtained after
etching the outer aluminium layers. These delamination shapes obviously follow
the crack path, which for an angle of 22.5° in unidirectional GLARE2 deviates
significantly from the direction perpendicular to loading.

Because this crack deflection may significantly impair the methodology crack
growth prediction for unidirectional laminates, which are generally considered for
lower wing skin structures, a methodology was needed that enabled not only the
prediction of the growth, but also the direction of the cracks. To this aim, Gupta
[65] recently developed a methodology extending the method in [2], allowing the
prediction of the path of the fatigue cracks in off-axis loading conditions. Consistent
with the methodologies for describing crack deflections of oblique cracks in
monolithic metal, Gupta provided definitions of the relevant angles in the
methodology, which are illustrated in Fig. 9.32.

There is a clear difference between the crack path angles in unidirectional FMLs
and cross-ply FMLs. This difference is illustrated in Fig. 9.30. The angles of crack
paths in unidirectional GLARE2A are significantly larger than the crack paths in
cross-ply GLARE3 and GLARE4B, and they are not clearly related to the angular
stiffness of the laminate like for the cross-ply laminates. The reason is that the crack
initially tends to change path according to what may be expected based on stiffness
considerations, but then continues to deflect until it follows a path almost parallel to
the fibre orientation.
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Fig. 9.32 Definitions of the off-axis angle a (between axial loading direction and rolling
direction), the crack angle h and the fracture angle u [65]

Fig. 9.33 Examples of crack path angles and delamination shapes observed for off-axis tested
unidirectional GLARE2A and cross-ply GLARE3 and GLARE4B DENT specimens [44]
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Maretti [66] studied the crack path angles of surface cracks in both unidirectional
GLARE2 and cross-ply GLARE3 and GLARE4. The interesting observation in his
work is that the angles with respect to the off-axis loading angle are different from
the through-the-thickness cracks tested by Gonesh [63, 64], Thibault-Liboiron [43,
44] and Gupta [65], see Fig. 9.34 in comparison with Fig. 9.30.

This difference is related to two aspects. First, the effective angularity and
directionality of the bridging layers are different for surface cracks compared to
through cracks. In case of through cracks, only the intact fibre layers define the
mode-mixity at the crack tips, while for surface cracks, all other remaining intact
metal layers contribute as well.

However, this is insufficient to explain the observed crack path angles reported
by Maretti [66]. This can be demonstrated by applying the theory proposed by
Gupta [65] to the case of surface cracks incorporating the intact metal layers’
contribution to the intact fibre layers. Different angles will be predicted than pre-
sented in Fig. 9.34.

It appears that the fibre layer orientation directly adjacent to the surface metal
layer containing the surface crack, has a larger influence on the mode-mixity of the
crack tip and then subsequent fibre or intact metal layers. Hence, to be able to
describe the crack path direction of surface cracks in case of off-axis loading, one
has to account for the through-thickness position of each layer with respect to the
layer containing the surface crack.

Another case of off-axis loading was presented by Bradshaw and Gutierrez [67]
who tested a hybrid combination of carbon fibre-reinforced polymer composite
(CFRP) with thin 0.203-mm aluminium layers at both sides. The lay-up was

Fig. 9.34 Comparison between the observed crack angles and the FML Young’s modulus
measured in loading direction [66]
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[Al/45/0/−45/90/45/0/−45]S, which basically represented a 2/1 lay-up with the fibre
layer consisting of 14 CFRP plies in the 0°, 90° and ±45° directions.

Bradshaw and Gutierrez reported the growth of fatigue cracks in the aluminium
outer layers emanating from a hole with similar straight deflected cracks (Fig. 9.35)
as reported by Gupta [65] and Maretti [66]. The deflection appears to be inde-
pendent of the actual stress level, but defined by the orientation of the CFPR layer
between the aluminium layers.

Because the fibre ply directly adjacent to the aluminium layer is oriented under
an angle of 45°, the aluminium layer experiences a mode II in addition to the
dominant mode I of the centre crack configuration.

Thus, despite the fact that the fibre layer constitutes a symmetric and balanced
lay-up in itself, it applies a mode-mixity to the crack tip in the metal layer, similar to
the observations of Maretti [66].

9.14 Constant Versus Variable Amplitude Loading

Many studies on monolithic aluminium alloys have been reported in the literature
that point out the differences between constant and variable amplitude loading.
Take for example the typical Paris relationship, like the one illustrated in Fig. 9.16;
the exponent of the relationship describing the linear part of the curve typically has
a value between 2 and 4, but in most cases close to 3. When testing the same
material under various variable amplitude load spectra, the exponent tends to be
lower, often close to 2.

ΔX

ΔY

Fig. 9.35 Crack path DY versus DX for specimens tested at five stress levels along with a linear fit
through the entire set [67]
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This difference is generally attributed to load sequence phenomena that occur,
largely induced by plasticity at the crack tip. Various methods have been developed
and proposed to describe these phenomena, ranging from very simple yield zone
models via crack closure models to the more sophisticated strip yield models.

In FMLs also load sequence phenomena occur, because the metal layers behave
similar to their monolithic counterparts. However, in FMLs, because of the balance
between crack growth in the metal layers and the delamination mechanisms,
additional interaction phenomena occur [68].

This increase in complexity of the crack growth problem compared to mono-
lithic metals was the subject of an investigation performed by Khan [19]. Khan
investigated the influence of variable amplitude load variations on the delamination
mechanism, also in combination with crack propagation. The influence of variable
amplitude loading on delamination growth has been discussed in Sect. 8.5.

Despite the fact that crack growth and delamination growth in FMLs under
variable amplitude loading seem more complex than crack growth in monolithic
metals, prediction models may in fact be simpler than for monolithic metals while
maintaining equivalent accuracy. Take, for example, the simple yield zone models,
like the Wheeler and Willenborg models. These models are often inadequate to
describe crack growth under distinct load sequences for monolithic metals.
However, Khan [69] demonstrated that application of one of these models
(Wheeler) in combination with the methods described in Sect. 9.4, yields fairly
accurate predictions. The explanation for this observation is that the bridging fibres
reduce the crack tip stress intensity in the metal layers of FMLs. When high peak
loads are applied in a load spectrum, this bridging also reduces the effect of this
peak load in subsequent load cycles. Thus, bridging forms a mechanism that
dampens the load sequence effects compared to monolithic metals. Hence, less
accurate models like the Wheeler model may describe the effects more accurately in
FMLs than they do for monolithic metals. In fact, depending on the load spectrum,
predictions based on linear damage accumulation may already be fairly accurate
[70].

In [68], the observation is reported that the delamination shape formed under
constant amplitude loading changes after the application of an overload. Khan [71]
provides a slightly different explanation than in [68], where it was postulated that
the overload locally induces a mechanism similar to the stress redistribution
obtained with post-stretching. Khan, however, argues that even without such a
mechanism the shapes illustrated in Fig. 9.36 may be obtained. The overload
induces a larger plastic zone at the crack tip with subsequently reducing the growth,
similar to monolithic metals. Because such a retardation effect is not observed in
delamination growth at the interfaces, (see Sect. 8.5), the delamination continues to
grow, even though the crack in the metal layer is retarded.

After the crack has progressed through the plastic zone created by the overload,
the delamination propagates with the same balance as prior to the overload. This
results then in the typical kink in the delamination shape, which can be predicted
with the method of Khan [19, 71].
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For more realistic load spectra, where high peak loads are arbitrarily positioned
between other smaller loads, the effect diminishes and shapes are obtained that
remain closer to the ones observed for constant amplitude loading, see Fig. 9.11.

9.15 Post-stretching

The concept of post-stretching consists of changing the residual stress system in the
FML, as explained in Sect. 4.8. This reversal of stress primarily changes the initial
stress state of the laminate prior to fatigue cycling and can be calculated with the
method presented in Sect. 4.8.

This has been illustrated by Khan et al. [72] who extended the theory for crack
propagation [2], presented in Sect. 9.4, by implementing the analytical relations for
post-stretching into the prediction model. Indeed, the initial stress state calculated
with the classical laminate theory (Sects. 4.2–4.4) is changed by implementing the
post-stretching procedure, resulting in a reduction of residual stress in the metal
layers.

For the propagation of fatigue cracks, this implies that less load needs to be
transferred by the fibre layers over the fatigue cracks, and thus less shear load is
present at the interface between metal and fibre layers. This reduction of shear
stresses gives a reduction of delamination growth, in addition to the smaller stress
intensity factor at the crack tip related to the reduced far-field stresses.

Hence, the initial value of the crack tip stress intensity factor, illustrated by the
dot at a = a0 in Fig. 9.22, reduces with the reduction of the (initially tensile)
residual stresses in the aluminium layers as result of post-stretching. Thereafter, the

Fig. 9.36 Delamination between outer aluminium layer and adjacent fibre/adhesive layer for
GLARE3-3/2-0.3 loaded with Sapplied = 6–120 MPa, in case no overload is applied (a) and in case
an overload of Smax = 200 MPa is applied (b) [68]
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crack growth rate is reduced in the transient regime of the crack growth phase
(Figs. 9.5 or 9.6) as result of fibre bridging. Because less load is transferred over the
interface to the bridging fibre layers, the delamination grows significantly more
slowly than in the as-cured condition. Smaller delamination areas imply more
efficient bridging. As a consequence, the crack growth reduces much more quickly
in case of post-stretching as compared to the as-cured condition.

This has been illustrated by the experiments performed by Pegels [73], who
tested GLARE1, post-stretched to different levels, in constant amplitude and vari-
able amplitude fatigue crack growth conditions, of which one example is illustrated
in Fig. 9.37.

Aside from the variation in residual stresses earlier reported by Verbruggen [74],
Pegels did point out that the residual stresses differed for different lay-ups of
GLARE1 post-stretched to the same level. With the theory explained in Sect. 4.8,
this can be understood. Similarly, the residual stress of as-cured FMLs is dependent
on the actual grade and lay-up of the FML.

9.16 Biaxial Fatigue

The discussion of fatigue crack propagation in FMLs in the previous sections has
been limited to uniaxially loaded panels. The FMLs considered contain layers with
different material properties, which inherently creates a limited biaxial stress state in
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Fig. 9.37 The effect of pre-strain level on the constant amplitude fatigue crack growth rate versus
crack lengths for GLARE1-3/2-0.3 tested at 150 MPa, R = 0.1 [68, 73]
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each individual layer when axially loaded. Although this is inherently the case, all
the mechanisms are primarily related to uniaxial fatigue behaviour; the metal layers
are cracking under mode I loading similar to uniaxially loaded homogeneous
sheets; the fibres elongate and bridge the crack in the loading direction; and the
delaminations propagate under mode II in loading direction.

To evaluate fatigue crack growth in FMLs under biaxial fatigue loading in
experiments, various options can be considered. The most well-known set-ups are
biaxial fatigue machines and barrel tests under internal pressure loading [75]. The
first set-up has the complexity of designing an appropriate cruciform specimen
geometry where the biaxial stress state must be assured for the entire crack length
range of interest. Although the barrel test set-up does not have that complexity, the
time required to perform the pressurization results in low test frequencies. This
yields long fatigue crack growth tests.

To enable fatigue crack growth testing of FMLs without the disadvantages of the
above two experimental set-ups, Heessels [76] tested an experimental set-up that
can be applied within a uniaxial fatigue test machine. The concept is illustrated in
Fig. 9.38. Two specimens are adhesively bonded at the edges to an internal layer
with high stiffness in the transverse direction and little stiffness in the longitudinal
loading direction. The prevention of the specimen contraction in the transverse
direction effectively imposes a (limited) stress in the direction perpendicular to
loading. The loads in the transverse direction reach about 0.3 times the longitudinal
load. The Teflon layers between the specimen and the centre layer were added to
ensure that the strain fields near the crack tip were not affected by the centre layer.

x

y
specimen 1

specimen 2

teflon

teflon

UD layer (sƟff in x-direcƟon)

edges adhesively 
bonded to UD layer

Fig. 9.38 Illustration of biaxially loaded specimens; axial machine load applied in y-direction
with stiff UD layer adding load to the specimens in x-direction [76]
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The results for ARALL2-2/1-0.3 in comparison with monolithic aluminium
2024-T3 are given in Fig. 9.39. The figure illustrates that for all materials the
biaxial loading system has a favourable influence on the crack growth rates.
Superposition of both perpendicular uniaxial loads effectively reduces the stress
intensity factor at the crack tip and hence the crack growth rate.

The most important observation in this work is that the loads perpendicular to
the principal load direction do not negatively affect the fatigue crack growth
resistance of unidirectional ARALL, which did not contain reinforcing fibres in the
transverse direction.

The main motivation of Heessels’ study was the application of FMLs to fuselage
structures, which are generally under biaxial loading conditions imposed by pres-
surization. Hence, although the post-stretched ARALL laminates in Fig. 9.39
performed exceptionally well, as was observed before, they were not considered
relevant to the application, because post-stretching entire fuselage panels was not
considered practical.

What was interesting to observe, however, is that the load in the transverse
direction hardly affected the crack growth of post-stretched ARALL laminates, at
least to a significantly lesser extent than for monolithic aluminium and as-cured
ARALL.
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Chapter 10
Residual Strength

Abstract The residual strength in FMLs can be described differently depending on
the geometry of the initial damage. Theories and prediction models are presented
for through-cut cracks and fatigue through cracks, based on R-curve and critical
crack tip opening angle concepts. For part-through cracks, linear relations based on
a damage ratio are presented, while for surface cracks a method is presented based
on the through-thickness strain distribution, in combination with the corresponding
stress concentration factor. In the end the damage tolerance after impact is dis-
cussed, explaining how the residual stress state in the plastically deformed dent
improves the residual strength.

10.1 Introduction

Residual strength concerns the remaining strength of a structure or material in
presence of damage. In FMLs this damage may have various configurations, as
illustrated in Fig. 10.1. Damage may be caused by foreign object damage, like the
through-cut crack and impact damage, or it may have been created through usage,
induced by design fatigue loading. In the latter case, the location may correspond to
stress concentrations of fastener holes, or maintenance-induced scratches.

To assess the residual strength of damaged FML shells, various damage sce-
narios therefore need to be considered. Ideally, the residual strength of each of these
scenarios can be described and assessed with the same methodology. However,
ample research has illustrated that specific damage scenarios require specific
methodologies. The different damage scenarios that will be discussed in this chapter
are illustrated in Fig. 10.1.

The first crack configuration is referred to as through-cut crack and represents
the accidental or foreign object damage that creates a through-cut through the panel.
The prime difference between this case and the fatigue through crack is that over the
entire crack length in the metal layers the fibres are also cut. Hence, the mechanism
of fibre bridging, as discussed in the previous chapter, is mostly absent. This case is
discussed in Sect. 10.2
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Fig. 10.1 Most significant residual strength scenarios in FMLs: through-cut crack (a), fatigue
through crack (b), part-through crack (c), surface crack (d), and impact damage (e)
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The second case is the fatigue through crack, which represents the fatigue crack
configuration under in-plane tensile fatigue loading. The methodology for this crack
configuration resembles the method discussed in the previous chapter, utilizing
superposition principles. This case is discussed in Sect. 10.3.

An alternative methodology that has been proposed for this configuration and the
part-through crack configuration is based on the accumulated level of damage.
Hence, the third methodology represents the fatigue through crack configuration
that may occur under the application of tensile and bending loading. As discussed in
Chap. 9, the superposition of tension and bending stresses result in cracks with
different lengths in each layer. This case is discussed in Sect. 10.4.

The fourth configuration represents the case of a scratched panel. The damage
may remain in the outer metal surface only, or (depending on scratch depth and
metal layer thickness) may also occur in the subsurface composite plies. This case is
discussed in Sect. 10.5.

10.2 Through-Cut Cracks

In monolithic metals, damage due to fatigue and due to foreign objects is tradi-
tionally treated identically. This is possible, because a fatigue crack in a monolithic
thin-walled structure often represents a through crack, which resembles a crack
created by, for example, a turbine blade cutting through the panel. For FMLs,
however, a distinction has to be made, because the fatigue crack configuration
contains bridging fibres over most of its crack length, leading to significantly higher
strength levels compared to the through-cut crack configuration. One could consider
the application of through-cut crack methodology to fatigue cracks conservative,
but it turns out to be extremely conservative.

This is illustrated, for example, by De Vries [1], who tested various
GLARE2A-2/1-0.3 and GLARE3-3/2-0.3 panels with different initial crack lengths
and crack length over width ratios a/W. An example of his results is given in
Fig. 10.2. The strength of a panel containing a fatigue crack is often 35–50% higher
than the strength of the same panel containing a through-cut crack of the same
length. Hence, in order to fully benefit from the superior damage tolerance char-
acteristics of FMLs, one has to treat the fatigue crack configuration separately.

The residual strength of through-cut cracks has been the subject of many studies,
of which most present experimental observations. Only a limited number of studies
propose methods to predict the residual strength. Among the early studies are
Prasad Kadiyali et al. [2], who pointed out that notched ARALL laminates must be
evaluated using elastic–plastic rather than linear elastic methods, Macheret and
Teply [3], who proposed to combine a flaw criterion with the tensile strength of the
composite layers, and Macheret et al. [4], who first proposed to determine the
residual strength with a modified net section criterion, but later presented an
R-curve approach based on linear elastic fracture mechanics [5]. This latter concept
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has been exploited further by a number of researchers such as Vermeeren [6, 7] and
afterwards De Vries et al. [1, 8–12].

Next to these concepts, Jin andBatra [13] proposed amethod based on theDugdale
strip yield zone [14] in combination with a damage zone for the composite layers, and
Afaghi-Khatibi et al. [15–18] proposed an effective crack growth model based on a
damage zone criterion, which is equivalent to a cohesive zone formulation, while
Castrodeza et al. [19–22] proposed to determine the residual strength with the fracture
toughness properties determined with traditional compact tension specimens.

Despite validations with experimental data, and claims on accuracy, each of the
above methodologies has their drawbacks. Take, for example, the methodology
based on the fracture toughness properties. The fracture toughness test for FML is
not straightforwardly defined, unless the laminate is considered a homogeneous
material with a crack running through the entire thickness, an assumption that has
been disputed by most of the other authors. In particular, the phenomenological
nature of this concept and its inapplicability to FML fatigue crack configurations,
common practice for monolithic metal structures, seem a valid reason not to exploit
this direction further [23]. Instead, the individual FML constituents with their
respective fracture mechanisms should be acknowledged in the approaches.

This leaves basically two approaches based on linear elastic fracture mechanics
that one can adopt to describe and predict the residual strength of FMLs with
through-cut cracks. The first method utilizes above-mentioned R-curves or KR-
curves as input material characteristics and predicts the corresponding strength
based on the strength versus crack extension curves predicted using stress intensity
factors or strain energy release rates.

Fig. 10.2 Difference in residual strength of GLARE3-3/2-0.3 containing a through-cut crack or a
fatigue through crack [1]
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The other method is based on the relationship between crack (tip) opening and
crack tip stress intensity. Here, the crack tip opening angle is plotted against the
crack extension, serving as input characteristic in the prediction methods. This
method is referred to as the (critical) crack tip opening angle method [1, 23–27].

10.2.1 Fracture Mechanisms

In general, the initiation of the fracture process under quasi-static loading is similar
to that in monolithic metals, although the intact fibres ahead of the notch may affect
the deformation field. With increasing loads, a large amount of plastic deformation
occurs in the notch tip vicinity, which is often accompanied by blunting of the
notch tip. These two mechanisms are illustrated in Fig. 10.3.

Initially, the blunting and plasticity delay the initiation of new fracture surfaces,
up to the point that from the blunted crack tip a near fracture is created; see
Fig. 10.3d. Initially, this fracture surface seems aligned with one of the two bran-
ches of plasticity for few tenths of millimetres until it progresses perpendicular to
the main loading direction.

The crack propagation phase is characterized by a continuation of the devel-
opment of plasticity with increasing loading, while the crack tip blunting decreases.
In the case of through-cut cracks, the formation of new fracture surfaces is
accompanied by fibre failure, because negligible delamination develops at the
interface between the metal and fibre layers.

Crack propagation in the thin sheets of FMLs is similar to that in monolithic
metals, where rapidly a transition takes place between a flat mode I type of fracture

Fig. 10.3 Illustration of crack tip blunting (white arrow) and plasticity in front of the crack tip
(black arrows) in GLARE3-3/2-0.4 [23]
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surfaces and slanted fracture surfaces that open in a combination of mode I and
mode III. Figure 10.4 illustrates this transition in image A and B, where the flat
fatigue crack has slanted into a crack with shear lips visible.

Although the FMLs tested with a through-cut configuration hardly show
delamination of the plies, resulting in fibre fracture along with the propagating
crack in the metal layers, some observations of delamination in front of the crack tip
have been reported [1, 6, 23].

The mechanism for this delamination is discussed in more detail in Chap. 8, but
here it must be said that similar to fatigue crack growth, delaminations in FMLs are
to some extent beneficial. In the small delaminated area in front of the crack tip,
deformations in the fibre layers do not need to be compliant to the plastic defor-
mation in the metal layers. They may stretch over slightly longer lengths, delaying
fibre fracture.

10.2.2 KR-Curve or R-Curve Concept

The KR-curve concept was originally introduced by Irwin based on Griffith’s energy
criterion for plane stress fracture [28]. The concept states that the crack grows when
the driving energy exceeds the crack resistance energy. With the method, stable
crack extension and instability can be predicted while accounting for a limited
amount of plasticity.

The standard for monolithic metals [25] explains that the unstable crack
extension can only be predicted using an effective crack length. To correct the
measured physical crack length, either the Irwin correction or the compliance
correction can be adopted.

Fig. 10.4 Illustration of crack growth under increasing quasi-static load in GLARE3-3/2-0.4 [23]
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The studies by Vermeeren [6, 7], Zaal [29] and De Vries et al. [1, 8–12] have
demonstrated that this R-curve concept can also be adopted for FMLs. Because the
method relies on linear elastic fracture mechanics, net section yielding should be
avoided, which implies either large widths, or small crack lengths. For example, De
Vries and Holleman [9] demonstrated that the effective crack length aeff in case of
net section yielding comprises mostly plasticity ahead of a fairly small physical
crack length.

Because the ASTM standard [25] prescribes that the KR-curve should be based
on effective crack lengths rather than physical crack lengths for instability predic-
tions, a correction must be applied. Some of the mentioned studies highlight the
advantages and disadvantages of the Irwin correction and compliance correction for
this purpose.

The Irwin correction is based on the linear elastic fracture mechanics theory,
which means that the effective crack length is calculated by adding the theoretical
plastic zone size to the physical crack length. Hence, this method becomes invalid
once substantial yielding occurs.

This is to a lesser extent the case for the compliance correction, which utilizes
the unique relationship between the crack opening displacement COD and the
effective crack length aeff. Instead of using theoretical calibration equations, the
compliance calibration can be performed experimentally by loading panels with
different crack lengths in the elastic range and determining the elastic slopes.

In case of compliance calibration of FML panels, one has to be aware that the
standardized compliance calibration using the theoretical Eftis–Liebowitz equation
[30] requires a modification to account for the fact that FMLs are not isotropic [31].
This is discussed in more detail in Sect. 10.2.3.

The stress intensity factor calculated in the KR-curve approach utilizes the finite
width correction factor, like the ones from Feddersen [32] or Dixon [33]. Because
fibres fracture along with the crack growth in the metal layers, one could assume the
entire laminate to consist of a monolithic panel with equivalent properties, con-
taining a crack described by the stress intensity factor. The crack size with respect
to panel dimensions then indeed can be captured with well-known finite width
corrections. This simplification can only be justified if fibre bridging does not occur.
In case fibres bridge the crack, the complexity of the problem increases similar to
the fatigue crack configuration, as discussed in Sect. 9.7.

Similar to fatigue crack growth, the crack growth behaviour in case of residual
strength is governed by the constituent properties and the lay-up configuration. De
Vries [1] studied the relationship between the R-curves and the FML constituents
and demonstrated that each GLARE grade and lay-up had its own R-curve.

In order to develop a prediction model, De Vries phenomenologically related
each FML R-curve to the R-curve of monolithic aluminium used as constituent in
the FML. Aside from the mechanical properties of both metal and composite layers,
for which the rolling direction of the metal had to be considered with respect to the
loading direction, and the quasi-static delamination resistance of the interface, De
Vries identified the influence of the metal volume fraction of the FML together with
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the fibre volume fraction of the composite layers oriented in loading direction.
These parameters he captured with

T ¼ aFVFLD þMVF ð10:1Þ

This relationship illustrates that the contribution of both metal layers and fibre
layers oriented in loading direction could not be captured straightforwardly with a
rule of mixtures, like for the mechanical properties (Sect. 4.11) and blunt notch
strength (Sect. 5.8). Instead, an empirical parameter a was used to tune the con-
tribution of both metal and fibre layers to the residual strength of the FML.

Figure 10.5 illustrates that the rolling direction of the aluminium constituent in
GLARE has to be accounted for in the proposed methodology of De Vries, by
testing the monolithic aluminium panels both in rolling direction and transverse to
the rolling direction.

The KR-curve of the FML could then be determined with

KRFML Tð Þ ¼ M Tð ÞKRmetal ð10:2Þ

With

M Tð Þ ¼ aT2 þ bT þ c
aþ bþ c

ð10:3Þ

where for standard GLARE laminates the coefficients a, a, b and c are reported by
De Vries [1] for both panels in tested in L-T and T-L direction separately. These
coefficients could only be determined after performing a rather great number of

Fig. 10.5 Residual strength as function of T [1]
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large panel residual strength tests, each with its own lay-up configuration, by
interpolation between all results. Example curves determined by De Vries are given
in Fig. 10.6.

This methodology for predicting the residual strength of GLARE panels was
successfully applied for the certification of GLARE application to the fuselage of
the Airbus A380. However, the major limitation of this methodology is that it is
entirely empirical and phenomenological. In fact, one could argue that the method
does not constitute a prediction model, but rather an interpolation method. Hence,
in order to apply this methodology to FMLs with different constituents, first a
number of residual strength tests on large panels must be executed in order to refit
Eqs. (10.1–10.3).

To overcome this shortcoming Rodi [23] decided to approach the residual
strength of FMLs from a different angle by relating the residual strength problem to
the critical tip opening of the crack, as explained in Sect. 10.2.3.

10.2.3 Compliance Calibration for Orthotropic FML Panels

To determine the experimentally measured physical crack length to the effective
crack length aeff adopted in the KR-curve approach, one can apply compliance
calibration. The compliance calibration suggested in the ASTM standard [34] and
proposed by Eftis and Liebowitz [30] assumes isotopic material properties. Because
FMLs are orthotropic in nature, Testi [31] studied the linear elastic fracture
mechanics basis for the compliance calibration in order to develop a theoretical
orthotropic expression of it that would be valid for FMLs.

Fig. 10.6 Comparison between predicted KR-curves and curves determined with experiments for
various GLARE grades [1]
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Testi using the classical laminate plate theory explained in Chap. 4 for the
anisotropic elastic part of the residual strength problem, together with the aniso-
tropic theory of cracks [35, 36]. With this Testi presented a relationship between the
mode I stress intensity factor KI and the strain energy release rate GI

GI ¼ a
K2
I

E
ð10:4Þ

with

a ¼ 1
ffiffiffi

2
p

ffiffiffiffiffi

E1

E2

r

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi

ffiffiffiffiffi

E1

E2
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� m12 þ E1

2G12

s

ð10:5Þ

Here, a seems to resemble part of Eqs. (5.4) and (7.10). Taking the local
compliance as it relates directly to the measured crack opening displacement, Testi
derived the final orthotropic compliance calibration curve as

E2COD
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� �

r

ð10:6Þ

in which the latter part comprises Tada’s modification to Feddersen’s finite width
equation. To account for the panel’s length, Testi suggested adding the finite panel
length correction using the method of Isida [37] in case the panel length is less than
three times its width. This correction acknowledges the axial rigidity conditions
provided by the significantly higher stiffness of the clamps compared to that of the
specimen.

Equation (10.6) is illustrated in Fig. 10.7 for aluminium Alclad 2024-T3,
GLARE2, GLARE3, and GLARE4. Unfortunately, Testi does not specify well
whether the GLARE4 represents the case of GLARE4A-2/1-0.3 tested in the L-T
direction, but this seems the most likely case.

It was mentioned before that less attention is paid here to the approach proposed
by Castrodeza et al. [19–22]. The prime reason is that this concept treats the FML as
a homogeneous material, which could work for the through-cut crack configuration,
but not for the fatigue crack configuration [23]. Assessing the residual strength of
fatigue cracks based on the through-cut crack configuration underestimates the
structural performance and the high crack resistance of FMLs containing fatigue
cracks. The level of underestimation for that case can be easily illustrated with
Fig. 10.2; one can utilize at most 70% of the full strength, instead of the full
strength and damage tolerance.

Nonetheless, it is worthwhile to consider certain aspects related to the fracture
toughness approach. In [38] for example, Castrodeza et al. discuss the elastic
compliance for the crack resistance curves. Because their concept is based on the
standard fracture toughness tested with compact tension specimens, they relate to a
different ASTM standard than Testi [31] and the researchers after him.
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Evaluating the applicability of ASTM standard E1820 [39], Castrodeza et al.
demonstrated that the procedure can similarly be applied to the fracture toughness
tests on FML. This observation seems to correspond to the observations of estab-
lishing compliance calibration with residual strength tests on centre crack tension
panels [1, 23]; the correlation is similar to isotropic materials, but requires a
modification for orthotropic conditions as explained by Testi.

10.2.4 Crack Tip Opening Angle or CTOA Concept

More recently, Rodi [23] developed residual strength prediction models entirely
based on the crack tip opening angle characteristics. However, he was not the first
to adapt the critical CTOA, which was demonstrated by Newman et al. [24] to be
suitable for predicting stable crack growth and instability in the fracture process.

A first study into the application of the CTOA method for FMLs was performed
by Longhi [26, 27] on 400 mm wide GLARE3-3/2-0.3 panels containing a central
notch. Longhi reported an average angle of 7.4° over the constant part of the CTOA
data. De Vries [1, 11] continued this research with experiments on a variety of
GLARE laminates, ranging from relatively thin GLARE3-3/2-0.3 to fairly thick
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Fig. 10.7 Comparison between the compliance calibration curves fromASTM [34], the orthotropic
theory (Eq. 10.3), 2D- and 3D-FEA for Alclad 2024-T3 (a), GLARE2-3/2-0.3 (b), GLARE3-3/2-0.3
(c) and GLARE4-2/1-0.3 (d); specimen width is 400 mm and length 800 mm [31]
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GLARE4B-8/7-0.5. The recorded CTOA ranged between 4° and 8°, which De
Vries considered too much of a scatter band to exploit this method straightfor-
wardly. Furthermore, by adopting the CTOA concept in a finite element analysis,
De Vries [1] illustrated that none of the predicted force versus crack extension
curves based on crack tip angles between 6° and 8° correlated well with the
experimentally measured curves. Hence, he recommended further investigation
before application.

The strength of the critical CTOA method is that the crack tip angle represents a
local parameter with a physical meaning. This local parameter may be assumed
independent of global geometry, like panel dimensions, or the presence of stringers,
frames or doublers, and could be correlated to finite element analyses. The absence
of correlation between the predictions and tests reported by De Vries [1] could be
explained by the fact that De Vries assumed a constant critical CTOA.

Instead of being constant over the entire range of crack lengths, the CTOA has
been reported to initially start at a higher value and decrease until a constant value is
reached. Rodi [23] pointed out that incorporating this initially higher value in the
predictions could explain the absence in correlation reported by De Vries.

Rodi performed CTOA measurements in both monolithic aluminium 2024-T3
and GLARE2-3/2-0.3 centre crack tension panels. In order to ensure consistency in
the measurement, the CTOA was defined with three distances measured from the
crack tip visible at the specimen surface [40], as illustrated in Fig. 10.8.

Fig. 10.8 Illustration of the three different CTOA measurement distances adopted in Fig. 10.9
[23]
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Fig. 10.9 CTOA curves for aluminium 2024-T3 and GLARE2-3/2-0.4 measured with the three
distances illustrated in Fig. 10.8 [23]
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One could then take the average of the CTOA measured at all three distances
against the crack extension to obtain the typical curve. This curve initially starts at a
higher value and then decreases until it levels off to a constant value, independent of
the crack extension. Because this constant value is the minimum value, it is often
referred to as the critical CTOA, i.e. CTOAc.

However, in particular for unidirectional FMLs, like GLARE2, Rodi reports
observing differences between the curves obtained from the monolithic aluminium
laminates and the GLARE laminates. Although the CTOAc is similar, it seems that
the initial decay in the curve is different between monolithic aluminium and
GLARE.

Evaluating the curves for the three measurement distances in Fig. 10.8 sepa-
rately seems to support the conclusion of Rodi that the longer the length in the
CTOA definition, the more the fibre bridging will influence the CTOA measure-
ment in FMLs. The bridging fibres in subsurface layers thus affect the crack
opening profile of the aluminium surface layers, influencing the CTOA measure-
ments over larger measurement distances.

In conclusion, one therefore has to make a compromise; either taking a small
measurement distance from the crack tip to define the CTOA at the cost of more
scatter in the data, or taking a larger distance with less scatter, but with an apparent
difference compared to monolithic metals. Note, however, that the observation is
that when taking the small distance of 0.5 mm behind the crack tip to measure the
CTOA, Fig. 10.8, the differences in CTOA measurements for saw-cut and fatigue
crack configurations diminish.

Here one has to be aware that the critical CTOA relates to the material’s
resistance to crack growth. This implies that CTOA measurements on panels made
of the same alloy, but with larger panel thicknesses, will measure different CTOAs.
Rodi [23] illustrated this by comparing the measurements obtained from similar
panels made of 1 mm thick 2024-T3, or from laminated sheets of either 0.3 or
0.4 mm thin.

Even for the fairly small thickness differences, the effect of the thickness on the
fracture toughness becomes apparent in the critical CTOA measurements. To
provide input for the residual strength prediction methods for FMLs, one therefore
has to determine the CTOA data preferably from laminated sheets of the same
thickness as the FML constituent layers. Otherwise, one has to accept a minor error
in the input values.

10.2.5 Superposition Principles for Crack Opening

The concept proposed by Rodi [23] to predict the residual strength for both the
through-cut crack and fatigue crack configurations is similar to the method adopted
to predict fatigue crack growth, discussed in the previous chapter. Hence, assuming
linear elastic fracture mechanics, the crack opening contour can be described with
Eq. (9.4).
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Taking the 0.5 mm distance measured from the crack tip, where v(x) = 0, one
could theoretically calculate the CTOA. The key aspect that complicates the
analysis here, however, is the level of plastic deformation that occurs ahead of the
crack tip, left as permanently deformed material behind the crack tip once the crack
has incremented further.

Rodi illustrates how an effective crack opening must be calculated based on the
linear elastic crack opening profile described with Eq. (9.4), superimposed with the
calculated permanent plastic deformation. Neglecting the plastic deformation would
overestimate the critical CTOA.

The residual strength test is a quasi-static strength test performed in displacement
control. In case the test would be performed in load control, the panel would fail
once the maximum strength is reached, resulting in catastrophic energy release. At
this point unstable crack growth cannot be established. Performing the test in
displacement control, however, allows measurement of the unstable crack growth
together with the reduction in load corresponding to a decrease in the residual
strength curve.

The method presented by Rodi is based on stresses, which is equivalent to the
residual strength test in load control. Hence, in order to capture the unstable growth
in the predictions, the method is applied iteratively; the applied load is reduced and
then incrementally increased again after each predicted crack increment. This
process is illustrated in the form of CTOA against crack extension in Fig. 10.10.

The analytical method presented byRodi [23] has been validated against a range of
data, of which most has been generated by De Vries [1, 11]. The interesting obser-
vation here is that with the CTOA curve as input in the method, not only the residual
strength curve can be predicted, but also the corresponding KR-curve. Hence, the
empirical method represented by Eqs. (10.1–10.3) is then no longer required.

Fig. 10.10 Illustration of the iterative nature of the residual strength prediction method; after
predicting crack increment the load is initially reduced to establish the critical stress again [23]
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10.2.6 In-Axis Versus Off-Axis Loading

Most research performed on the residual strength of through-cut crack configura-
tions has been performed on centre crack panels under uniaxial loading conditions
[1, 6, 23]. Few studies addressed the case of misalignment between the direction of
uniaxial loading and the principal material orientations, often referred to as loading
under off-axis angles. A small number of studies report the results of uniaxial
tensile strength tests on unidirectional and cross-play FMLs under off-axis angles
[41–43] (See Fig. 10.11).

There are some important differences between off-axis tensile testing utilizing
long and slender specimens and residual strength testing on large panels under
off-axis loading. When testing orthotropic laminates under off-axis angles, the
applied uniaxial loading will induce a shear deformation in the panel, which is
constrained by the test rig. This means that aside from the applied uniaxial load,
also a transverse load is applied. For slender specimens, this transverse component
is less than one may calculate using, for example, CLT. For large residual strength
panels, however, this lateral load implies that the panel in fact is under biaxial
loading to certain degree.

For fatigue cracks, this aspect has been addressed by Gupta [45] as explained in
Sects. 9.12 and 9.13. However, application of the methodology to cracks under
quasi-static off-axis loading illustrates that the larger amount of plastic deformation
requires extension of the linear elastic methodology.
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Without having an analytical methodology to hand, the first studies on residual
strength under off-axis loading evaluated the experimental results phenomenolog-
ically. Interestingly enough, however, it appears that a modification of the in-axis
residual strength methodology using a correction similar to the Tsai–Hill criteria
[46] may suffice [47]. One has to keep in mind, however, that such criterion
effectively considers the orthotropy of the laminate in a similar fashion as the
application of the off-axis fatigue crack methodology of Gupta [45]. Based on that
study it appears that the laminate orthotropy of FML panels under quasi-static
loading with, relative to fatigue cracks, large amount of plastic deformation requires
an elastic–plastic methodology in order to be quantified.

10.3 Fatigue Through Crack

10.3.1 Observations

Several authors have investigated the residual strength of fatigue cracks [1, 6, 23].
The observations reported clearly indicate differences between the through-cut
crack configuration discussed in the previous section and the fatigue crack
configuration.

For example, Vermeeren [6] illustrates the difference in response to fatigue
cracks in unidirectional FMLs and cross-ply FMLs. For this case, he compares
GLARE2-2/1-0.3 and GLARE3-3/2-0.3 fatigue tested at two difference fatigue
stress levels to identical crack lengths. Where the fatigue crack in GLARE2 gen-
erated at a higher fatigue stress results in lower residual strength, he reports the
opposite trend for the cross-ply GLARE3.

This difference can be explained with the location of first failure in the residual
strength tests. The delaminations in the fatigue crack configuration provide some
relaxation in the fibre stresses bridging the cracks, but as a result of the delamination
shapes in comparison with the crack opening profile in the metal layers, the corre-
sponding bridging stresses in the fibre layers are not constant over the crack length.

Initially, Marissen [48] assumed these stresses to be constant, but it was later
demonstrated by Guo and Wu [49] that these stresses peak towards the fatigue crack
tip.

In the methodology of the author, explained in the previous chapter, it appeared
that there are actually two peaks in the bridging stress distribution: one near the tip
of the original fatigue crack starter notch, and one at the fatigue crack tip.

In the illustration of his methodology, Rodi [23] explains how fibre fracture
develops first at the peak near the fatigue starter notch, rather than at the fatigue
crack tip; see Fig. 10.12. However, Vermeeren reports the observation of first fibre
failure near the fatigue crack tip in case of residual strength tests on unidirectional
GLARE2 panels.

Because the fatigue crack growth rates in GLARE2 are substantially lower
compared to cross-ply GLARE3, it takes significantly more load cycles in order to
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obtain the same fatigue crack length. This higher number of fatigue load cycles for
GLARE2, yields more delamination extension, which in the residual strength tests
afterwards imposes quasi-static delamination extension before fibre failure. As a
result, the bridging stress distribution for unidirectional GLARE2 may be difference
compared to the case illustrated in Fig. 10.12. Instead, a higher peak stress may
occur first at the fatigue crack tip, which means that fibres will start to fail at the
position of the fatigue crack rather than the fatigue starter notch. The difference
between the failure sequences is illustrated in Fig. 10.13.

Although both Vermeeren [6] and De Vries [1] report the failure sequence
illustrated in Fig. 10.13, De Vries explains that the relationship between the
observed delamination sizes for unidirectional GLARE2 and applied fatigue stress
levels, reported by Vermeeren, could not be reproduced.

Fig. 10.12 Illustration of the fibre failure sequence in the residual strength prediction model for
through-cut cracks in cross-ply FML panels [23]
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Hence, the sequence illustrated in Fig. 10.13 may not represent a generic case,
but may depend on a combination of parameters. Aspects like the delamination
quasi-static and fatigue resistance at the interface, discussed in Chap. 8, and the
actual length of the fatigue crack in the residual strength test, may change the
observed sequence.

In general, all studies [1, 6, 23] report that the residual strength of fatigue crack
configurations are substantially higher than those of through-cut crack configura-
tions, as illustrated before with Fig. 10.2. Another observation reported by
Vermeeren [6] is that the increase in fatigue crack length imposes a smaller
reduction in residual strength compared to a similar increase in through-cut cracks.
This latter observation evidently relates to the higher number of bridging fibres in
the longer fatigue crack bearing load during the residual strength test.

What should be considered here though is that the sequence of fracture will
differ. Through-cut cracks will develop significantly more plasticity at the crack tip
in the metal layers, resulting in a similar ductile fracture sequence as observed for
monolithic aluminium, though at higher strength values. The bridging fibre layers in
the fatigue crack configuration carry a significant amount of the load prior to
fracture, but impose at the time of fracture a much more brittle type of fracture.

This is illustrated in Fig. 10.14 where the typical residual strength for
through-cut cracks is compared with a curve for fatigue cracks. The critical crack
extension at the point of failure is significantly larger than for fatigue crack con-
figurations. After a little crack extension, bridging fibres will fail, causing complete
failure of the panel.

Fig. 10.13 Illustration of the difference in fracture sequence between unidirectional GLARE2 and
cross-ply GLARE3 [1]
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10.3.2 Prediction Methodology

The superposition principle, discussed for fatigue crack growth in Chap. 9, remains
similar for residual strength prediction, as discussed for through-cut cracks in
Sect. 10.2. However, there are a few differences to consider between the saw-cut
configurations and fatigue crack configurations.

In case of a saw cut, the bridging fibres are cut or broken implying that they have
either no contribution, or if fibre failure ahead of the crack tip occurs [23], they have
an opening contribution, rather than crack opening constraint. In the case of a
fatigue crack configuration, the bridging fibres contribute to the bridging, but the
interplay between (quasi-static!) delamination extension and possible fibre failure
must be evaluated. Fibre failure may either start at the fatigue starter notch tip, or at
the crack tip of the extended fatigue crack.

In agreement with the experimental observations, illustrated in Fig. 10.2, the
analytical crack growth methodology of Rodi predicts higher residual strengths for
fatigue cracks. The intact fibres bridging the fatigue crack bear substantial load until
they fracture, which occurs at significantly higher laminate stresses than for the
saw-cut configuration.

Based on Fig. 10.14, the difference between the residual strength of through-cut
cracks and fatigue cracks can be further illustrated with Fig. 10.15. The through-cut
configuration seems to exhibit curves that resemble in shape the crack resistance
curves for monolithic metals, although the values in general are higher. The fatigue

Fig. 10.14 Comparison between residual strength curves for through-cut cracks and fatigue
cracks in GLARE4B-3/2-0.4 T-L, dimensions in mm [23]
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crack configuration, however, shows curves that decrease substantially less fast
compared to the through-cut crack configuration. This is in agreement with the
observation reported by Vermeeren that extending the fatigue crack length has
significantly less influence on the residual strength than for the case of through-cut
crack configurations. For a given initial crack length for which the residual strength
analysis is performed, the strength of panels containing fatigue cracks is signifi-
cantly higher than for through-cut cracks, although the critical crack length at which
this strength is reached is much smaller. This illustrates the more brittle type of
fracture of a fatigue crack configuration compared to the more ductile fracture of the
through-cut cracks.

10.4 Part-Through Cracks

The case of part-through cracks, Fig. 10.1c, resembles in general the mechanically
fastened joint configuration. To assess the residual strength of riveted joints a
number of studies have been performed. The focus in this chapter is on the methods
proposed for net section failure. Initially, a concept was proposed relating the
ultimate strength of the material to the net section stress, empirically corrected with
a so called blunt notch factor; see Sect. 5.3.3.

The other approach which is currently adopted for residual strength assessment
in riveted joints [50] has been proposed by de Rijck [51] using the work of Müller
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Fig. 10.15 Comparison between the residual strength curves of through-cut cracks and fatigue
cracks
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[52]. According to De Rijck, the residual strength of a panel containing holes or
fasteners can be determined with

Sres ¼ SBN;FML;gross �MVF � RD � SBN;m;gross ð10:7Þ

Note that the two blunt notch strength values in Eq. (10.7) are gross stress,
different from the net section blunt notch strength discussed in Chap. 5. The
damage ratio RD is defined as the cross-sectional area of cracked metal over the
total cross-sectional area of metal in pristine condition

RD ¼ Am;cracked

Am;pristine
ð10:8Þ

Here, one has to keep in mind that both the area of cracked metal and the area of
pristine metal are net section parameters. Figure 10.16 illustrates how the crack
lengths are measured, excluding the fastener hole. Similarly, the area of pristine
material for tested specimen geometries is determined with

Am;pristine ¼ W � nDð Þnmtm ð10:9Þ

and for arbitrary mechanically fastened joints with

Am;pristine ¼ S� Dð Þnmtm ð10:10Þ

The parameters W, D and S are defined in Fig. 10.16. An illustration of the
correlation between residual strength and the damage ratio is given in Fig. 10.17.
This figure illustrates how the linear trend for monolithic aluminium approaches
zero at 100% damage, while the FMLs still have a significant strength left, which is
due to the intact fibre layers.

The linear trend lines in Fig. 10.17 illustrate how the strength reduction against
the damage ratio for FML is significantly better than for monolithic aluminium. The
intact fibre layers in the part-through-the-thickness crack configuration contribute to
the strength, which ideally reduces at most to the strength of the intact fibre layers
in case all metal layers are cracked. The monolithic aluminium configuration will
reduce to zero strength for that case.

Fig. 10.16 Definition of diameter D, specimen width W, and the corresponding crack lengths
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Here an analogy can be made between the part through crack case, discussed
here, and the residual strength case for the through-cut and fatigue cracks discussed
in Sects. 10.2 and 10.3. This correlation is illustrated in Fig. 10.18. Both the fatigue
crack configuration and the part-through-the-thickness crack configuration reduce
the strength of the intact fibre layers for a damage ratio of 100%, whereas the
monolithic aluminium and through-cut crack configuration would reduce to zero
strength.
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Fig. 10.17 Correlation between residual strength of mechanically fastened GLARE and
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10.5 Surface Cracks

The surface fatigue crack configuration, Fig. 10.1d, has been discussed in
Sect. 9.10. This configuration may originate from damage to the surface, like
scratches or scribe marks. The most common type of surface crack is the crack in a
single outer metal layer, while the subsurface layers, in particular the subsurface
fibre layers, are intact.

With Fig. 10.15 in mind, it does not require extensive argumentation to
understand that the remaining strength of a panel containing a surface crack is still
very high. In fact, extending the surface crack length will have only marginal
influence on the residual strength of the panel, in particular for thicker FMLs.

This has been illustrated by Hagenbeek [54] who performed experiments on
FML panels containing scratches. The panels were made from GLARE3-5gg/4-0.4
L-T and GLARE4B-5/4-0.4 T-L laminates and contained an artificial notch of
50 mm length, which was subsequently extended to about 80–100 mm under a
fatigue load spectrum of Smax = 140 MPa, and R = 0.05. In the subsequent residual
strength test, the panels failed mostly in the net section of the panel containing the
longest fatigue crack.

The GLARE3-5/4-0.4 panel, for example, failed at 430 MPa, which is well
above the laminate’s yield strength. For any FML structure sized to avoid yielding,
these scratches would not have imposed a strength reduction below ultimate load.
Hence, they would not constitute a damage tolerance problem.

There are different ways to look at the problem of FML panels containing
scratches. One may, for example, assume that the scratched layer does not con-
tribute to the panel strength, and calculate the strength of the remainder of the panel
thickness. However, this severely overestimates the panel strength, because it
ignores the contribution of the stress concentration the scratch imposes in thickness
direction.

On the other hand, one could consider similarity between the scratch and a
through-cut crack for which the R-curve method has been developed, or the fatigue
through crack assuming similar dimensions. However, both these cases would
penalise the design, because the predicted strengths will be lower than the actual
strengths. This is illustrated by van der Jagt [55] for the case of a GLARE3-5/4-0.4
panel containing a scratch of 101 mm length. The measured residual strength was
430 MPa, while the R-curve method for the through-cut crack would yield a
strength of 130 MPa. Opposite to that, predicting the strength based on intact layers
resulted in 623 MPa.

The alternative methods approach reflects the representation of Fig. 10.19 where
instead of the strain distribution in the panel’s net section, the strain distribution in
the thickness direction is considered. The scratch in the metal layer represents a
notch, which (assuming the scratch runs over the entire panel width) imposes a
strain concentration in thickness direction.

The strain gradient corresponding to the strain concentration factor could then be
related to the ultimate strain of the constituent layers, in particular the adjacent
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intact fibre layer. Initially the idea was to take the configuration illustrated in
Fig. 10.19, and take stress concentration factors from handbook solutions like
Peterson’s stress concentration factors [56]. However, taking the stress concentra-
tions factors for notch geometries corresponding to the cross section of the panels
containing scratches overestimated the contribution of the notch. As result, residual
strength values were underestimated compared to the tests.

Calibrating the magnitude of the strain concentration factor to the experiment,
however, revealed that a fairly low strain concentration factor had to be adopted in
order to make reasonable predictions. Hence, the concept illustrated in Fig. 10.19
may be worthwhile to explore further, and the effective geometry of the notch may
not relate straightforwardly to handbook solutions.

Comparison between the two cases shown in Fig. 10.19, either having an
elliptical or parabolic strain distribution through the thickness, revealed that the
predicted residual strengths were similar for the same strain concentration factor
applied. It appeared to make no difference which of the two configurations was
adopted for the predictions.

van der Jagt [55] did advise, however, to investigate the influence of other,
probably more steeper, strain gradients, because such strain distributions may be
more applicable to certain cases tested. In addition, he advised to explore the strain
concentration factor further, because the values taken from the handbook assume
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Fig. 10.19 Illustration of the strain distribution through the thickness in presence of a surface
crack [55]
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isotropic linear elastic properties, which may not be sufficient for the condition of a
surface crack in the metal layer, with adjacent fibre layers.

It should be noted, however, that the two-dimensional approach assuming a
crack fully developed through the panel width, may assume certain strain con-
centration and panel bending, which overestimates the true deformations in case the
crack has only grown through a portion of the panel width.

10.6 Impact Damage Tolerance

The last damage type to be considered in the damage tolerance evaluation is the
impact damage, Fig. 10.1e. Here the impact resistance of FMLs will not be dis-
cussed, as that constitutes an entirely different subject. However, the residual
strength and fatigue performance after impact must be assessed.

To this end, Hagenbeek [57, 58] impacted unidirectional GLARE2B-3/2-0.3,
GLARE2B-4/3-0.4 and cross-ply GLARE4A-4/3-0.5 and subsequently tested the
panels under fatigue loading. He then compared the results to the post-impact
performance of 3.8 mm aluminium 2024-T3. Different impact energies were con-
sidered, among which a very low impact of 6 J, and impacts of 80–85 J. The low
energy impact created at most a dent in the FML, whereas the 80–85 J impacts
imposed either only a crack in the outer aluminium layers at the non-impacted side,
as reported by Moriniere et al. [59, 60] and various other researchers in literature, or
through-thickness cracks. Delaminations were observed to remain within the dented
area of the impact.

The fatigue tests consisted of constant amplitude load cycles at Smax = 120 MPa
and R = 0.05. All tests ran for 200 kcycles without failure, but in case of cracks
after impact, the cracks propagated to longer lengths. A comparison between the
crack growth in the outer aluminium layer of GLARE4A-4/3-0.5 at the impacted
side and the 3.8 mm aluminium 2024-T3 is given in Fig. 10.20.

The reason why only cracks in the outer aluminium layers in GLARE at the
impacted side propagate during the fatigue tests is explained by the secondary
bending imposed by the geometry of the dent. The neutral line of the laminate is not
aligned with the fatigue load application axis, which causes additional tensile
bending stresses at the impacted side, and compressive stresses at the rear,
non-impacted side.

This immediately also explains the difference with the monolithic aluminium
panel, where the fatigue cracks propagate through the entire thickness.

After the fatigue tests, a residual strength test was performed. The GLARE
panels containing through-thickness cracks after the impact, and subsequently
fatigue tested at Smax = 120 MPa, R = 0.05 for 200 kcycles, exhibited the greatest
strength reduction.

Hagenbeek [57] reports residual strength values for GLARE4-4/3-0.5 of
404 MPa in L direction and 198 MPa in LT direction. Compared to a gross blunt
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notch strength for this laminate of about 500 MPa in L direction and 350 MPa in LT
direction, this implies a reduction of about 20% in L direction and 40% in LT
direction.

In [57] Hagenbeek already made the recommendation to perform the fatigue and
residual strength tests after impact on panels with larger widths. In [58], he
therefore reports similar experiments performed on unidirectional
GLARE2B-3/2-0.3, GLARE2B-4/3-0.4. Again panels were impacted to create only
a dent, or first cracking at the non-impacted side, or through-thickness cracks. For
GLARE2B-3/2-0.3, this required 8, 16 and 25 J impacts, respectively, while for
GLARE2B-4/3-0.4 this required 30, 45 and 58 J impacts.

Subsequent fatigue testing in the LT direction at Smax = 120 MPa with R = 0.05
for 180 kcycles caused fatigue cracking at the impacted side only, for reasons
illustrated in Fig. 10.21, with the maximum crack length of a = 44 mm.

Interestingly enough, all specimens reached very high strength values during the
residual strength tests. For example, all GLARE2B-3/2-0.3 panels reached a
residual strength of at least 900 MPa, while GLARE2B-4/3-0.4 panels reached at
least 736 MPa.

These results seem in line with observations reported before by Bosma [61] who
compared the residual strength of panels containing an open hole or with a saw-cut
with those containing impact damage. The residual strength of both the open hole
and saw-cut are distinctively different due to the difference in stress concentration
and stress intensity.
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However, comparing impact damages with different crack lengths with equiv-
alent open hole diameters or saw-cut lengths revealed a transition, which is illus-
trated in Fig. 10.22. This transition Bosma attributed to the fact that for smaller
crack lengths, the impact had only created cracks at the non-impacted side, while
for the larger crack lengths, cracks were present at both sides having closer
resemblance with the saw-cut configuration.

Although the values seem somewhat different, the results reported by De Vries
[1] on residual strength after impacts that created full penetration, illustrate a similar
trend between unidirectional and cross-ply FMLs. Comparing the low velocity
impacts with energy levels creating full penetration, the residual strength always
exceeds a through-cut crack configuration with length 2a = 30 mm.

Fig. 10.21 Secondary bending induced by the misalignment of the neutral line with the load axis,
causing tensile stresses at the impacted side and compressive stresses at the rear side [57]
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Similarly, the residual strength of the unidirectional FMLs is substantially higher
compared to the cross-ply laminates (Fig. 10.23).
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Chapter 11
Effect of Temperature

Abstract The influence of the environmental temperature is first discussed with
respect to the residual stresses and thermal properties. The second part of the chapter
explains how the temperature influences the mechanical and fatigue initiation prop-
erties, the delamination and crack growth resistance. It is illustrated how the relation
between ambient temperature and constituent properties explains the FML behaviour.

11.1 Introduction

For certification of primary aeronautical structures made of fibre metal laminates
(FMLs), static strength, fatigue and damage tolerance must not only be evaluated in
laboratory air at room temperature. The effect of the environment on the formation
and progression of damage must also be investigated.

It is important to realize that treating fatigue and damage tolerance separately
from environmental aspects (durability) may have implications for the justification
of composite structures in general, but for these hybrid laminates in particular. The
fatigue performance and damage growth resistance may be influenced by the
characteristics of the dominant environment the FML is operated in.

This chapter describes the effect of temperature as a specific environmental
aspect for structural application of FMLs. The next chapter will address the different
environmental media in which the laminates may operate, including the effect of
moisture on the composite constituents of the FMLs.

11.2 Temperature-Induced Residual Stresses

The effects of temperature on the performance of FML structures may be diverse. It
should therefore be considered in its broadest sense, which may require different
studies in the initial phase of the FML development process. However, because the
effects may be attributed either to one of the constituents or to the combination of
constituents, the effect should be understood on the constituent level, before con-
clusions can be drawn on the FML performance.
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Chapter 4 explains the presence of residual stresses within FMLs due to the
difference in thermal expansion coefficients of the metallic and composite con-
stituents. After curing, the metallic layers want to shrink more than the composite
layers, in particular if glass fibre layers are involved. This yields an equilibrium in
which the metallic layers face tensile stresses and the composite plies compressive
stresses.

Once the FML operates at a different ambient temperature, the residual stresses
due to curing will differ. An illustration of this relationship between curing stresses
and ambient temperature is given in Fig. 11.1. This also means that when the
environment applies a temperature gradient to the laminated material, either by
cyclically heating and cooling, or by exposing a portion of the structure to heat, this
may induce either thermal fatigue or asymmetric residual stress systems within
these laminates.

Depending on the curing cycle, and in particular the temperature cycle, the
residual stresses may be higher or lower. An illustration is provided by Lalberté
et al. [1] who reported a study in which they adopted different curing processes for
the same epoxy system. Tuning the consolidation temperature in the cure process
allows for modification and decrease of the residual stress system.

11.3 Thermal Properties of FMLs

11.3.1 Thermal Conductivity

Thermal conductivity refers to heat diffusion through solid bodies or fluids.
Especially for spacecraft the thermal conductivity of a material is of importance,
because in the absence of convection, conduction and radiation are basically the
only mechanisms to control temperature. Whereas radiation relates to material
surfaces and coatings, conduction relates to the material itself.

In addition, this aspect might be of interest for thick FML structures exposed to
either high or low temperatures. The stress analysis, including residual stresses
related to thermal coefficients of expansion, might be affected by the different
temperature levels in each layer through the laminate thickness. An example
application where this is a subject of interest is for example the anti-icing and
de-icing systems. These are discussed further in Sect. 11.6 with respect to thermal
fatigue.

Mensink [2] proposed an approach to calculate the transverse thermal conduc-
tivity of a laminate material built up from different materials. According to him, the
energy flux or power Q, per unit area A, is given by

q ¼ Q
A
¼ �k

dT
dx

ð11:1Þ

where k represents the thermal conductivity. Integrating this equation yields
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Fig. 11.1 Correlation between the principal stresses S1 and S2 in the aluminium layers and 0° and
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q ¼ �kk
Tk � Tk�1

zk � zk�1
ð11:2Þ

where zk represents the position of the kth layer in thickness direction, see Fig. 11.2.
Analogously to a system of electrical resistances in series, the energy flux over the
total thickness of that laminate can then be described as

q ¼ � TN � T1
PN

1
ti
ki

¼ �ktransv
TN � T1
tlam

ð11:3Þ

where TN and T1 are, respectively, the cold and hot side of the laminate, ti the
thickness of each individual layer, and ki and ktransv the transverse thermal con-
ductivity of, respectively, each individual layer and the laminate. This transverse
thermal conductivity of the laminate can be approximated with a rule of mixtures
[2–4]

ktransv;FML ¼ tFML
Pnm

1
ti
ki
þ Pnf

1
tj
kj

ð11:4Þ

where ti and tj are the individual thicknesses of all metal and fibre layers, and ki and
kj are the transverse thermal conductivities of, respectively, each metal and fibre
layer. Because the contribution of highly conducting metals (like aluminium alloys)
to the transverse thermal conductivity of the laminate is fairly small, this parameter
can be estimated based on the fibre/epoxy conductivity only using the volume
fraction approach

ktransv;FML ¼ kf
FVF

ð11:5Þ

One should be aware, however, that this relation will only provide sufficiently
accurate results if the difference in conductivity of the metal and composite com-
ponents in the laminate is very high.
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Fig. 11.2 Definition of the heat conduction through an n-layered laminate containing dissimilar
materials
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The in-plane conductivity can be treated analogously to a system of parallel
electrical resistances.

kplane;FML ¼ km
MVF

þ kplane;f
FVF

ð11:6Þ

where kplane,f is the plane thermal conductivity of the fibre/epoxy layer and a
function of the fibre orientation in that layer. In case of high metal conductivity and
very small fibre/epoxy conductivity (so not for CFRP!) this relation can be sim-
plified to the first component of Eq. (11.6).

The work ofMensink [2] has been further evaluated and validated byGraafsma [3]
and Verolme [4], who all report that the through-thickness conductivity of GLARE is
low in comparisonwith monolithic aluminium alloys, while the in-plane conductivity
remains similar. In the latter case, the conductivity of the aluminium layers dominates
the in-plane conductivity of the laminate.

11.3.2 Specific Heat

The specific heat, often also denoted as heat capacity, is the quantity of heat
required to increase the temperature of a unit of mass of a solid by one degree under
specified conditions. This property is particularly important for thermal analyses of
spacecraft, and for assessing fire resistivity of aircraft structures. Up until today, the
specific heat has received only little attention for FMLs. For example, without
detailed experimental assessment, Mensink [2] proposes to estimate the specific
heat of an FML in a similar way as the conductivity, using a simple rule of mixtures

CFML ¼ tmqmCm þ tfqf Cf

tmqm þ tfqf
ð11:7Þ

with C being the specific heat, t the thickness, and q the density of the material. The
specific heat properties are known for the constituents, which are for the GLARE
constituents Cm = 0.9 kJ/kg °C and Cf = 0.88 kJ/kg °C [2].

According to Mensink the specific heat of GLARE is close to 1 kJ/kg °C, which
has recently been confirmed in [5], where a slight increase of the heat capacity is
reported when measured against higher ambient temperature.

11.4 Fatigue Initiation

The fatigue initiation performance of FMLs is discussed in detail in Chap. 7. The
methodology to assess fatigue initiation, defined as the life until a crack of 1 mm
has been reached, is based on constituent layer stresses. The fatigue initiation life
can be determined using S–N curves obtained for the metallic constituents of FMLs
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based on fatigue failure life data. The error induced by assuming the application of
failure life data on initiation life data is fairly small, as discussed in Chap. 7.

The fatigue initiation behaviour of FMLs is thus directly related to the cyclic
stresses in the individual metallic constituents. With the previous section one may
conclude that the fatigue initiation behaviour is therefore dependent on temperature,
or even thermal cycles.

Three aspects can be identified here that influence fatigue initiation. First, the
difference in thermal expansion coefficients induces residual stresses in the con-
stituent layers after curing. The magnitude of the tensile residual stress in the
metallic layer is linearly dependent on the ambient temperature, as illustrated in
Fig. 11.1. Hence, without any other aspect involved, the temperature dictates the
mean stress of the stress cycle in the metallic layers. High temperatures imply low
mean stresses, while low temperatures induce high mean stresses. Here one would
expect that decreasing ambient temperatures would have a negative effect on the
fatigue initiation performance. However, that appears not to be the case.

11.4.1 Temperature Effect on Mechanical Properties

There are two more aspects to be considered: the second aspect is the influence of
temperature on the constituent stiffnesses, and the third aspect is the influence of
temperature on the fatigue performance of the metal itself. The influence of tem-
perature on the constituent stiffnesses is relatively small over the temperature ranges
often considered for primary aircraft structures. Various authors have addressed the
influence of temperature on the mechanical properties; among them were Mensink
[2], Horst [6], Boertien [7], van der Hoeven and Schra [8, 9] and Hagenbeek [10].

As for the metallic constituents, for example aluminium alloys used in GLARE,
the dependency has been described in, for example, MMPDS [11]. The relation
from this handbook has been used by Kieboom [12] and Beumler [13] to determine
the Young’s modulus for GLARE. Figure 11.3 illustrates the relation between
temperature and constituent stiffnesses and temperature and GLARE stiffnesses as
reported by some of the authors.

Note that for the Young’s modulus of S2-glass/FM94 prepreg often E0 = 54 GPa
and E90 = 9.4 GPa [12] have been used. These values have been reported to be
slightly too high for the S2-glass/FM94 prepreg used in GLARE. Hence, several
sources present the values E0 = 48.9 GPa and E90 = 5.5 GPa [10, 14, 15].

The theoretical curves for the GLARE laminates in Fig. 11.3 are based on these
lower values, in agreement with the curves from [10]. This provides good corre-
lations with the measurements by Mensink [2] and van der Hoeven and Schra [8, 9].

In addition to the variation in constituent stiffnesses, Hagenbeek [10] investi-
gated the dependency of the coefficient of thermal expansion on the temperature.
Based on the results, one may conclude that the above-mentioned dependency of
mean stress on the temperature is not exactly linear. However, as a first-order
approximation the error remains fairly small.
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11.4.2 Temperature Effect on Fatigue Properties

The third effect that can be observed when addressing the influence of temperature
on fatigue properties of FMLs is the influence of temperature on the initiation and
propagation in the metallic constituents. As mentioned before, based upon the mean
stress dependency, one may assume that decreasing the temperature would nega-
tively influence the fatigue initiation and propagation behaviour.

However, this effect is completely reversed by the temperature effect on the fatigue
properties of the metallic constituent. Schijve [16] explains that not only the
mechanical properties change with reduction of ambient temperature, but also the
effects of environment are reduced because reaction rates of chemical processes and
diffusion are lower at low ambient temperatures. Water vapour in air is known to
affect the fatigue properties of metals. In this context, the illustration provided by
Schijve is particularly of interest, in which he illustrates the similarity between crack
growth curves obtained with fatigue tests in ambient temperatures ranging between
−25 and −75 °C and one obtained at room temperature in very dry air.

This increased crack growth resistance dominates the fatigue resistance of FMLs
at low temperatures. Despite the high residual stresses induced by the combination
of curing and ambient temperature, the resistance to initiation and crack propaga-
tion increases.
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Kieboom [12] investigated the influence of the ambient temperature on the fatigue
initiation properties of GLARE3-3/2-0.3. The fatigue initiation life Ni was recorded
for open hole tension specimens with a theoretical stress concentration factor of
Kt = 2.7. In reference to Chap. 7, the reader should realize that the effective stress
concentration factor in the aluminium layers of this laminate is slightly different.

Kieboom’s results illustrate how the fatigue properties of FMLs are governed by
the fatigue properties of the constituent materials. Figure 11.4 shows the comparison
of the fatigue initiation life curves for 1.6-mmmonolithic aluminium and the 0.3-mm
aluminium layers in GLARE3-3/2-0.3. One can observe that the curves for room
temperature and 70 °C are similar, but that the curves for −55 °C are clearly higher.

The consequence of this observation is that once ambient temperatures are
considered in the fatigue initiation assessment with methods as described in
Chap. 7, then different S–N curves should be used for the constituent material.
Because the stress amplitudes for GLARE3-3/2-0.3 in Fig. 11.4 are determined
using the method described in Chap. 7, the strong correlation between both sets of
curves supports this concept.

Another observation one may make based on Figs. 11.1 and 11.4 is that at
elevated temperatures, the residual stresses due to curing are smaller (reducing the
mean stresses of the stress cycles), but that the initiation behaviour at 70 °C is
similar to the one at room temperature. Hence, the initiation life at elevated tem-
peratures may not really be affected by the elevated ambient temperatures [13].
This, however, does not hold for fatigue crack propagation, see Figs. 11.5 and 11.6.
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Here, one should note that the above discussion assumes constant ambient
temperature. The ultimate proof whether the fatigue crack initiation life of riveted
FML joints can be predicted, however, requires the results from variable temper-
ature fatigue tests as reference. Extensive experimental investigations of the fatigue
performance under variable laminate temperature conditions are reported by
Beumler [13, 18]. Heating and cooling specimens, e.g. between −30 and +70 °C,
demand considerable time depending on the specimen volume. Consequently, the
frequency dependency on crack initiation in the metal layers must be considered as
additional variable if fatigue crack initiation under variable temperature condition is
compared to constant laminate temperature tests results, often generated at 10 Hz.

11.5 Fatigue Damage Growth

Once the fatigue crack has initiated in the metallic layers of FMLs, subsequent
damage growth is no longer attributed to the metallic layer properties alone. With
increasing crack lengths the adjacent fibre layers contribute to the crack opening
restraint by bridging the crack. The damage mechanisms that play a major role in
the damage growth phase are discussed in Chaps. 8 and 9. Each of these mecha-
nisms is affected by the ambient temperature in its own way. In the following
sections the individual phenomena observed and reported in the literature are dis-
cussed in more detail.

11.5.1 Temperature and Fatigue Crack Growth Resistance
of Metals

Several authors have investigated the influence of environment and temperature on
fatigue crack growth resistance of aluminium alloys. Depending on the environ-
ment, either faster or slower crack growth rates were observed with increasing
temperatures.

Vogelesang [20] explained that the effect of temperature relates directly to the
environment in which the crack growth occurs. He reported increasing crack growth
rates for increasing temperature in salt water, while in distilled water the trend was
observed to be the opposite.

Although early studies on crack propagation in aluminium alloys are highly
informative with respect to the micromechanical aspects influencing the crack
growth, basic crack growth tests are sufficient to feed the damage growth models
discussed in Chap. 9.

For that reason Homan [21] performed fatigue crack growth tests on aluminium
2024-T3 sheets with thicknesses of 0.4 mm, as typically applied in GLARE fuse-
lage shell structures. The observed trend corresponds with the fatigue crack growth
tests in salt water reported by Vogelesang [20]; the crack growth rates were higher
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at 70 °C compared to room temperature and lower at −30 °C. A correlation
between the data and data obtained earlier by Homan [22], see Fig. 9.15, is pre-
sented in Fig. 11.7.

Aside from the effect temperature may have on the crack growth rate, the
transition between the tensile mode and the shear mode was reported to be affected
as well [20]. Because the transition is preceded by the formation of shear lips,
Schijve [16] stated that the transition is more evident in thin sheets compared to
thick sheet material, as discussed before in Sect. 9.6.

11.5.2 Temperature and Fatigue Delamination Resistance

The decohesion of the individual lamina in an FML, known as delamination, often
occurs as a cohesive failure mechanism rather than an adhesive failure mechanism
between the metal layers and the composite plies. Hence, the delamination growth
characteristics are greatly determined by the matrix material, as discussed previ-
ously in Chap. 8.

This implies that when ambient temperatures are concerned, the delamination
resistance in FMLs is governed by how well the matrix material responds to dif-
ferent temperatures. Most epoxies are known to be more brittle at low temperatures,
while they tend to be more ductile at elevated temperatures.

Few studies address the influence of the ambient temperature on the delamina-
tion resistance of FMLs. Most studies addressing the influence of temperature limit
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of ambient temperature, data from [21, 22]
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their work to the overall fatigue crack growth performance of the FML. However,
with the demonstration of how that fatigue performance relates to the individual
fatigue characteristics of the metal constituent and the metal/fibre interface in
Chap. 9, it is necessary to separate the influence of ambient temperature on these
two constituents.

To that end, van Kesteren [23] and Schut [24] performed ply-interrupt delami-
nation growth experiments at low and elevated temperatures. The advantage of the
ply-interrupt specimen configuration over the end-notched flexure test geometry is
that the strain energy density at the delamination tips remains independent of the
delamination length. Hence, one could estimate the delamination length throughout
the test, simply based on the specimen compliance. After a first calibration there is
no need to visually measure the delamination lengths from the specimen’s side [25].
In particular when investigating the influence of temperature and environment on
the delamination growth resistance this is helpful, because it does not require
opening the climate chamber for each measurement.

Obviously, one has to calibrate the compliance with the delamination growth
first, which requires paying attention to the thermal expansion of the constituents in
the delaminated and non-delaminated regions of the specimens. In addition, the
ply-interrupt specimen has the disadvantage that not all delaminations propagate at
the same rate. Compliance calibration then averages the response over all delami-
nations. A more precise method of evaluating the ply-interrupt delamination test
configuration for that purpose has been discussed by Pascoe et al. [26].

In the delamination growth experiments performed by van Kesteren [23] and
Schut [24] the four delaminations were measured individually, after which they
were averaged in order to obtain a single delamination growth rate. This procedure
has been explained in more detail in [27].

The results of the delamination growth experiments at elevated temperatures are
illustrated in Fig. 11.8. From room temperature up to 40 °C, only a marginal
decrease in delamination growth resistance was observed, while the tests at 70 °C
revealed a significant reduction.

Interesting in particular in the study by Schut [24] is the observation that the
delamination growth resistance curves for temperatures below 0 °C all seem to
coincide with the room temperature curve in Fig. 11.8. Hence, one would assume
that the delamination resistance for low temperatures is not different from room
temperature. However, when testing centre crack tension fatigue crack growth
specimens made of GLARE, the delamination shapes for low temperatures are
substantially smaller than for room temperature. When assessing the results with the
crack growth prediction methodology explained in Chap. 9, it appears that the
smaller delamination shapes could only be explained when assuming delamination
resistance curves well below the curve for room temperature. This discrepancy has
not yet been well explained.

The observations by van Kesteren [23] and Schut [24] correspond, however,
with the observations by Deutekom [28] who performed fatigue crack growth tests
on GLARE in both laboratory air and water environments at two ambient tem-
peratures. The measured delamination areas at the end of the tests are plotted in
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Fig. 11.9. The environment, i.e. air or water, seems to have negligible influence on
the development of the delamination shapes. However, increasing the ambient
temperature to 60 °C almost doubled the recorded delamination areas.

11.5.3 Influence of Temperature on Damage Growth
in FMLs

The two previous sections focussed on the effect of temperature on the individual
constituents, i.e. metal layers, and fibre/metal interfaces. Combining these two
aspects allows the evaluation of the influence of the temperature on the fatigue
damage growth characteristics of FMLs.

In theory, the methodology explained in Chap. 9, with input from the studies
discussed in the previous two sections, should be able to explain the observations
on centre crack tension fatigue crack specimens.

Various studies have been performed into the influence of temperature on the
fatigue damage growth in FMLs. The earlier studies, for example by van der
Hoeven [30] and by Huijzer [31], mostly reported the experimental observations,
because a proper theory to compare the results with was not available.

The strength of the theory explained in Chap. 9, in combination with the con-
stituent input characteristics discussed in two previous sections, has been demon-
strated by Rans et al. [19]. The comparison between the predicted and
experimentally measured fatigue crack growth for both standard GLARE laminates,
and FMLs based on titanium sheets and carbon fibre/epoxy layers, has proven the
validity of the methodology, and with that highlighted the understanding of the
fatigue damage mechanisms in FMLs.

In particular, the case of titanium–carbon FMLs in [19] has underlined the
influence of the history of fatigue loading in combination with the temperature; in
the experiments to which the predictions are compared, there was a stepwise
increase of both temperature and load amplitudes. In these tests, both increase in
load amplitude and an increase in temperature accelerated crack growth.

This implies that FML panels with identical crack lengths and tested under the
same loading conditions may reveal different crack growth rates if the temperature
history of both specimens is different. This observation is illustrated in Fig. 11.10
where a test initially performed at room temperature was continued at −40 °C.
Comparison of the observed crack growth rates with the test that was made entirely
at −40 °C clearly shows this influence.

In this context it is noteworthy that Beumler [13] performed fatigue crack
opening measurements on specimen at particular temperature levels, for fatigue
cracks that had initiated and propagated at different temperature levels. Hence, the
work illustrates the influence of different delamination sizes on the crack opening,
which further explains the observation in Fig. 11.10. Obviously, both studies lead
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to the question how to approach the complexity of crack propagation (and
delamination growth) at variable temperatures.

This influence of delamination size on subsequent crack growth in fact seems
similar to the case presented by van der Hoeven and Schra [9], who interrupted
constant amplitude fatigue crack growth tests on GLARE3-5/4-0.4 with 1000 h of
accelerated exposure. The influence of the exposure cycles on the delamination
shapes, and the influence these shapes have on the crack growth, seems somewhat
similar [32], see also Sect. 12.3.4.

11.6 Thermal Fatigue

Considering the effect of temperature on the residual stresses within each layer of the
laminate, discussed in the previous section, the effect of thermal cycling might be an
aspect to be addressed even when no additional mechanical loads are applied. This
aspect may become particularly important when heating and cooling are applied to
FMLs, as is the case, for example, with anti-icing and de-icing systems [33].

For such applications, the method of heating and cooling should be considered.
This is explained by Müller et al. [33–35] who investigated the performance of
GLARE under the application of thermal cycling. One could, for example, heat and
cool the FML externally, by changing the ambient temperature. The effect of such a
thermal load is smaller than for the case where the heating is induced with a mesh
positioned internally within the laminate.
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To illustrate this, Müller et al. [33] performed both thermal cycling methods.
They reported that external heating and cooling for 12,000 cycles has limited
influence on the interlaminar shear properties. In fact, they observed that the
interlaminar shear strength tends to increase with the number of thermal cycles
applied, which they attributed to the microstructure, based upon their observations
during heat capacity tests.

This increasing trend seems supported by recent work of Li et al. [36] who
applied up to 1000 thermal cycles to a novel FML based on an aluminium–lithium
alloy. They could not observe any degradation in either the tensile strength, flexural
strength or the fatigue crack growth properties. Instead, they also report a slight
increase in tensile and flexural strength with the number of applied thermal cycles.
Interestingly enough, the authors attributed the increase in strength values to pos-
itive age hardening behaviour of the aluminium–lithium rather than the ageing of
the matrix material.

The slight increase in strength values was also observed by Da Costa et al. [37]
who applied up to 2000 thermal cycles to FMLs with a 2/1 lay-up containing
1.6-mm aluminium outer layers. They concluded based on their experiments that
thermal cycling does not have a noticeable effect on the static strength and the
interlaminar shear strength. However, when discussing the results, their first
explanation is related to potential thickness variations. Only as a second possibility
do they identify the possible influence of precipitation hardening.

In the thermal cycling tests of Müller et al. [33], in which the heating is applied
internally using a heater mesh while cooling from the outside, a reduction in
strength of about 5–8% was observed. Partly, the reduction is induced by the
presence of the mesh, as the authors explain. They report a 1.6% reduction in
interlaminar shear strength due to the mesh.

The internal heating with a mesh imposes high stresses locally, in particular in the
beginning of the heating cycle. The local high heating rates increase the temperature of
the material in the direct vicinity of the heater mesh faster than that of the surrounding
material. The differences in coefficients of thermal expansion then cause significant
stresses. These heating rate differences are smaller, when heating is applied externally.
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Chapter 12
Effect of Environment

Abstract The advantageous properties of FMLs with respect to environmental
conditions are explained based on the different diffusion characteristics compared to
composites. The chapter illustrates how various environments influence the
mechanical, fatigue and damage tolerance properties. In this context, the effect of
test frequency on the fatigue performance is illustrated.

12.1 Introduction

The assessment of durability aspects of FMLs comprises not only the influence of
temperature, as discussed in the previous chapter, but also the assessment of
strength reduction over time due to environmental effects.

For metallic materials, this generally incorporates the assessment of corrosion
and corrosion fatigue as a result of humid environments. Advocates of composites,
or fibre-reinforced plastics, often emphasize the advantage of these materials in this
context, stressing that composites do not suffer from corrosion. However, despite
the abundant use of this argument, the truth is that composites suffer from envi-
ronmental circumstances as well. In particular, where hot and humid conditions are
considered. The difference in response to this environment between metals and
composites is that composites absorb moisture from the environment, which
depending on the chemical and/or physical stability of the material may cause
serious degradation of properties.

The degradation of properties is thus related to the amount of moisture absorbed
and its distribution in the material. Hence, durability assessments often evaluate the
moisture absorption characteristics of composites and their effect on the mechanical
and physical properties. The results are then translated into knock-down factors on
the pristine material mechanical properties.

Because FMLs comprise both metallic layers and also composite plies, this
aspect must also be considered in the durability assessment of FMLs. This chapter
discusses studies that have been performed in the past to evaluate the influence of
environment on the performance of FMLs, in particular the FMLs ARALL and
GLARE.

© Springer International Publishing AG 2017
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12.2 Moisture Absorption

With respect to moisture absorption, an important difference between
fibre-reinforced plastics and FMLs must be considered. Moisture absorption is a
process that is not present in metal. Hence, the metallic layers protect the composite
plies against moisture absorption, reducing the problem from a three-dimensional
diffusion process (fibre-reinforced plastics) to a two-dimensional diffusion process
(FMLs). This aspect is illustrated in Fig. 12.1.

12.2.1 Planar Diffusion of Moisture

Where exposure to wet environments easily results in moisture ingress and satu-
ration of composite materials, FMLs significantly delay the diffusion, because the
moisture can only access the composite constituent from the free edges. As illus-
trated in Fig. 12.1, these edges are only present at panel edges and at any location
where a hole or cut-out has been created.

In this case, it becomes important not only to quantify the amount of moisture
absorbed by the material, but to consider the structural consequence of the diffu-
sion. The distribution of moisture in FMLs is entirely different to that in
composites.

To capture the difference at a material level, Verbruggen [1, 2] performed var-
ious studies addressing the durability aspects of FMLs, in particular ARALL. He
performed exposure tests where FML samples were immersed in distilled water
while monitoring the moisture absorption over the time of exposure. The
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Fig. 12.1 Comparison
between the moisture ingress
characteristics of metals, fibre
metal laminates and
composites
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comparison with the moisture absorption characteristics of aramid- and carbon
fibre-reinforced plastics is given in Fig. 12.2.

The tests were performed with samples of different thicknesses to illustrate the
influence of effective distance to free surfaces if the volume changes, while the
diffusion rates are specific for the material. Figure 12.2 clearly shows that when the
samples are thin, i.e. 1 mm thickness, the moisture quickly ingresses into the
composite samples. In the ARALL samples however, the moisture uptake is sub-
stantially lower, because diffusion only takes place from the edges of the sample.

The difference becomes relatively smaller when the sample thickness increases,
which is discussed by Verbruggen in [2]. The exposure tests reported in [1] use
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Fig. 12.2 Comparison between the moisture absorption of ARALL (expressed as moisture
content M normalized by the maximum moisture content Mm), AFRP (aramid fibre-reinforced
plastic) and CFRP (carbon fibre-reinforced plastic) for a 60 °C distilled water environment;
specimen dimensions: b � l � h = 50 � 50 � 1 mm (a) and b � l � h = 50 � 50 � 10 mm
(b), data from [1]
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samples of 50 � 50 mm while varying the thickness. Increasing the thickness
brings the curves for ARALL and the fibre-reinforced plastic counterparts closer, as
illustrated in Fig. 12.2. However, one should consider how this is affected by the
small dimensions of the sample. Scaling the sample dimensions to representative
structural panel dimensions will significantly improve the performance of FMLs
over that of composites.

This aspect of test dimensions does not only apply to the amount of moisture
taken up over the amount of time of exposure, but also apply to the corresponding
effect it has on the mechanical or physical properties. Take for example the strength
tests performed by Boertien [3] on various unidirectional and cross-ply laminates.

The tensile tests were slender specimens that had a width of only 12.5 mm in the
section of interest. Exposure of these samples to distilled water or salt-spray
environments significantly reduces the advantage of protection by the outer metal
layers as observed in the tests of Verbruggen, see Fig. 12.2. Hence, the moisture
uptake from the environment is more significant in Boertien’s tests, with a clear
reduction in strength of the material as result.

Boertien [3] exposed GLARE2-3/2-0.3 and GLARE3-3/2-0.3 laminates with
different fibre and epoxy systems to salt-spraying. The result on the tensile strength
is fairly similar for all these laminates as illustrated in Fig. 12.3. The longer samples
are exposed, the more moisture ingresses and the more mechanical properties
reduce.
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However, one should keep in mind that the reduction of 20–30% in strength after
180 days of exposure applies to the specific geometry of this test; the results are at
most representative in these areas of FML structures that are in proximity offree edges.

12.2.2 Relevance of Exposure Type

Another aspect that should be considered is the nature or type of the exposure.
Boertien [3] compared the exposure to salt-spray with exposure to distilled water by
immersion. An example is illustrated in Fig. 12.4.

However, both types of exposure constitute each a different form of accelerated
exposure, which is an overestimation of what happens during outdoor exposure
over the years of structural operation.

To indicate the relevance of exposure to salt-spray or distilled water, illustrated
in Fig. 12.4, Boertien also performed outdoor exposure tests. Samples were put on
the roof top of the Faculty of Aerospace Engineering, TU Delft, representing a
typically Dutch moderate sea climate. The comparison between the
outdoor-exposed samples and the ones exposed to distilled water immersion is
given in Fig. 12.5. Comparing this figure with Fig. 12.4 illustrates the range in
properties one may obtain depending on the nature or type of exposure applied.
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Most studies on environmental aspects of FMLs for the development of the
aircraft fuselage structure of the A380 considered accelerated exposure at 70 °
C/85%RH for about 3000 h. However, as discussed in more detail by Beumler [4]
this still is a considerable exaggeration of the influence of environment in opera-
tional conditions.

For example, Beumler discusses the correlation between accelerated exposure to
70 °C/85%RH with outdoor exposure results from a programme where GLARE
samples were exposed at the Aeronautical & Maritime Research Laboratory in
Queensland, Australia (site located at latitude 17.4° south and 146° longitude east).

Considering the different climate conditions between Queensland and Delft, the
influence of outdoor exposure reported by Beumler [4] is likely more severe than
the influence reported by Boertien [3] (Fig. 12.5).

But even then, comparing the moisture uptake during accelerated exposure at
70 °C/85%RH for about 3000 h with the moisture uptake during outdoor exposure
Queensland, Australia [5], Beumler [4] concluded that 30 years of operation of
short-range aircraft could be simulated with 500 h of accelerated exposure, while
for long-range aircraft the exposure period could be even less.

Here, it should be noted that the moisture reference panels exposed in
Queensland clearly revealed variations in weight depending on the season. Hence,
the diffusion of moisture into the specimens is not constant and in fact is even
reversible [5]. This is entirely different from the accelerated exposures where
moisture continuously diffuses into the samples.
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Beumler [4] further illustrates that the weight gain as result of accelerated
exposure at 30 °C/70%RH is significantly less severe compared to that at 70 °
C/85%RH, but still more severe than outdoor exposure. This seems in agreement
with the influence of the level of relative humidity discussed Verbruggen [1], who
compared levels between 30 and 80%.

The other aspect also discussed by Beumler [4] concerns the influence of dry-out
time. Comparison of strength values obtained after exposure with those obtained
after subsequent dry-out time reveals that dry-out improves the strength. This is in
agreement with the improvement reported by Boertien [3], illustrated in Fig. 12.13.

Hence, one may conclude that most studies looking at the environmental aspects
of GLARE for the application to the Airbus A380 using accelerated exposure at
70 °C/85%RH are significantly conservative in comparison with true operational
conditions. However, one has to keep in mind that he correlation between accel-
erated exposure and outdoor exposure includes diffusion into and out of the
specimens depending on the seasons. That being said, even aircraft operated in
tropical environments spends a significant amount of time during cruise in ambient
environments at low temperatures where diffusion does not occur [5]. This indicates
that for each FML application one has to define the appropriate correlation with
accelerated exposure tests, based on anticipated operational conditions.

12.3 Effects of Moisture Ingress

12.3.1 Static Strength

The static strength of FMLs decays over time when exposed to various environ-
mental conditions, as observed and reported in various studies. Figures 12.3 and
12.4 clearly illustrate this observation. However, the reduction in strength observed
when exposing slender tensile test specimens to various environments is exagger-
ated compared to realistic structural applications in operational conditions. This can
be illustrated with the comparison between tensile strength reduction and blunt
notch strength reduction, reported by Boertien [3]. The relative difference between
the reduction in tensile strength and blunt notch strength is illustrated in Fig. 12.6.

This difference can easily be explained considering the different moisture dif-
fusion that occurs in both specimen geometries. The slender tensile test specimens
rapidly pick up the moisture and are more quickly saturated in the area of interest,
i.e. failure, than is the case for blunt notch.

Hence, one could wonder what the relevance is of exposing tensile test speci-
mens to various environments, if one considers that the geometry represents a case
that is not representative at all for the structural applications of FMLs.

In reference to Fig. 12.1, one has to consider that this lack of relevance is
characteristic for elementary FML specimens, while for composites it may be
considered more representative. With moisture ingression through the thickness (in
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FMLs prevented by the outer metal layers), entire composite structures may exhibit
the observed strength reduction. In FMLs, this at most can be concluded for the
areas in proximity of free edges.

12.3.2 Blunt Notch Strength

The influence of environment on the blunt notch strength could be considered more
representative than its effect on tensile strength. The many fasteners in FML
structures represent structural locations where environment may have access to the
inner layers of the FML and thus may affect the properties.

Various studies have reported the effect of exposure on blunt notch strength. The
diffusion rates are different in the direction of the continuous fibres and perpen-
dicular to that direction. Hence, moisture ingress into the specimen through the
access of an open circular hole yields different degrees of ingress in the various
directions. For cross-ply laminates, the influence may be small because the equal
number of fibres is oriented in the two perpendicular directions. However, for
unidirectional laminates, like GLARE2, this effect may be more significant.

In any case, considering the assumed relevance for fastener holes in real
structures, the open hole configuration should always be accompanied by a spec-
imen that contains fasteners installed in the holes. Filling the hole with a fastener
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significantly affects the access environment has on the inner layers of the FML. This
is illustrated by Fig. 12.7.

Beumler reports the observation that the blunt notch strength reduction seems
more affected by the diffusion rate in the direction of loading, rather than the
diffusion in the net section of the blunt notch specimens.

This can be understood, because the blunt notch strength is mostly dominated by
the properties of the continuous fires in loading direction, see also Sect. 5.2.3.
Moisture mostly affects the epoxy, rather than the glass fibres. Hence, the influence
moisture absorption has in the net section seems mostly limited to the effective load
introduction into the fibres in the direct notch vicinity. Here, it appears that the
diffusion along the fibres in loading direction influences the shear properties of the
epoxy resulting in more splitting and earlier failure of the specimens.

The investigation of the effect of moisture ingress in open hole or filled hole
specimens aims to establish the influence of the access the hole provides to the inner
layers. This means that the edges of the specimens should be protected from the
environment. Otherwise, moisture will also diffuse from the edges into the speci-
men, which exaggerates the influence of environment. The investigation by
Beumler [4], for example, illustrated that artificial exposure to 70 °C/85%RH of
open hole blunt notch specimens will link up diffusion fronts in the sample after
500 h.

This aspect of testing was also discussed by Borgonje and Beumler [6] who
observed that isolation of free edges of samples never completely prevents moisture
diffusion. Hence, they also tested a specimen configuration containing a row of
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open holes, of which they milled away one hole at both sides directly after expo-
sure. The challenge obviously is to keep the time window between the exposure and
testing very small in order to reduce the amount of moisture diffusing out of the
specimens, which improves the properties again, see for example Fig. 12.13.

The investigation of the influence of exposure on the blunt notch strength
revealed that the effect is nil for the tested cross-ply GLARE4A laminate both for
artificial exposure to 70 °C/85%RH and for the outdoor exposure, see Fig. 12.8.
For the unidirectional GLARE2B tested in the fibre direction, however, a slight
strength reduction can be observed for artificial and 2-year outdoor exposure, but a
considerable reduction for the 6-year outdoor exposure. This reduction is not well
understood nor explained [6].
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12.3.3 Delamination Resistance

The observed effect moisture has on the reduction of shear strength of the adhesive,
resulting in earlier splitting in blunt notch specimens, could also indicate an effect
on the delamination resistance at the metal fibre ply interfaces.

To investigate the effect for mode II fatigue delamination growth, ply interrupt
specimens were tested to obtain delamination resistance curves similar to Fig. 8.6.
The specimens were straight samples of 30 mm width, which have been exposed
for 1400 h at 70 °C/85%RH [7].

Figure 12.9 illustrates that the exposure of the delamination samples of 30 mm
wide for 14 h did not yield an apparent influence on the delamination resistance.
The few data obtained with these tests coincide with the data obtained for
un-exposed specimens.

Because the expectation was that exposure to 70 °C/85%RH would reduce the
delamination resistance, the specimens were etched post-mortem to reveal the
delaminated areas. An illustration of such an etched surface is given in Fig. 12.10.

What can be seen in this figure is that the delamination front is not straight and
perpendicular to the loading direction. This was observed several times with this ply
interrupt specimen configuration. Because the growth rate, representing the
derivative of the crack growth rate, is correlated to the theoretical strain energy
release rate, the absolute difference between the delamination lengths at both sides
of the specimen was deemed to be of lesser importance.
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Figure 12.10 further illustrates that the discolouration observed at the interface,
attributed to the moisture ingress during exposure, had not yet reached the entire
width of the sample. Due to the low diffusion rates perpendicular to the fibre
direction, 1400 h of exposure was insufficient to diffuse the moisture completely
through the sample’s width.

This could explain why no effect of exposure is visible in Fig. 12.9 in case
exposure would have an influence. To reveal this influence however, diffusion
through the entire width should be obtained, which could be achieved by testing
smaller samples after 300 h of exposure.

On the other hand, the limited influence of accelerated exposure to 70 °C/85%
RH on the delamination resistance seems to be in agreement with the observation
reported by Bosker [8], who reported no growth of edge delaminations during both
tension and compression fatigue after 1000 h of exposure to 70 °C/85%RH.

The case of compression fatigue yields effectively a mode I opening due to ply
buckling, which usually is more critical than the mode II opening. The fact that
even in that case no delamination growth was observed seems to indicate that the
effect could be limited.
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Fig. 12.10 Post-mortem appearance (obtained after removing the aluminium layers) of the
discoloured edges of the illustrated ply interrupt delamination specimens after 1400-h exposure at
70 °C/85%RH and subsequent fatigue delamination testing [7]
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12.3.4 Fatigue Crack Growth

An alternative method to verify this observation is to perform fatigue crack growth
tests in combination with accelerated exposure. Van der Hoeven and Schra [9]
report the results of fatigue crack growth tests on both centre crack tension speci-
mens and double-edge-notched specimens.

What seems particularly interesting in their results is that accelerated exposure of
specimens for 3000 h prior to fatigue testing hardly reveals any influence on the
growth of the fatigue cracks. If the fatigue crack growth tests are interrupted a few
times to expose the fatigue-cracked panel further for another 1000 h, then an
influence can be observed.

This is illustrated in Fig. 12.11, where the crack growth curves for non-exposed
and exposure of 3000 h prior to the test almost coincide. However, the growth rate
of the test that is interrupted for 1000 h of accelerated exposure seems to incre-
mentally increase with every exposure cycle.

Thus, the fatigue crack with corresponding delamination between metal and fibre
layers provides access to the environment for further moisture absorption. This is
illustrated in Fig. 12.12. After initial exposure, the cracks propagate out of the
region of moisture diffusion, resulting in crack growth behaviour similar to the
un-exposed case. The interruption with another 1000 h of accelerated exposure
diffuses more moisture into the specimen, in particular in the region of the fatigue
crack and delamination.
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Fig. 12.11 Effect of exposure to 70 °C/85%RH on the fatigue crack growth behaviour of
GLARE3-5/4-0.4 [9]
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In addition, Beumler [4] reports that crack opening in fatigued FML specimen
increases after artificial exposure in a 70 °C/85%RH environment. The explanation
for this increased opening is that the shear strength and stiffness of the prepreg
decrease. Nonetheless, Beumler concludes that this strength reduction is not con-
sidered relevant for an aircraft structure during a life time of 30 years.

Figure 12.11 illustrates that the exposure cycles do increase the growth, but that
the increase is not substantial. Considering that the influence is induced with
accelerated exposure which, as discussed before, exaggerates the influence of
operational environmental conditions, one can understand the limited relevance for
aircraft structures.

12.3.5 Residual Strength

Boertien [3] reported the results of three residual strength tests on 400-mm-wide
centre crack tension specimens with an initial saw-cut length of 2a0 = 100 mm.
Two of the three samples were exposed to salt-spraying, after which residual
strength tests were performed. Very little to no influence of exposure was observed
on the residual strength results.

This can be understood, if one considers the failure mechanisms that dominate
the residual strength sequence, discussed in Chap. 10. The initial blunting of the
crack tip and the development of plasticity dominate the early phase of stable crack

1000 hrs
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1000 hrs 
exposure

a

N

Fig. 12.12 Illustration of the different influence of exposure in the tests reported in Fig. 12.11
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extension, after which the crack has propagated out of the region where moisture
has diffused into the laminate. Hence, the general conclusion is that environmental
conditions hardly influence the residual strength of FMLs.

What remains of interest is the strength of mechanically fastened joints after
exposure. The difference between for example lap-joints and the centre crack ten-
sion configuration is that the row of fastener holes forms multiple sites where
moisture can penetrate the laminate and diffuse into the laminate.

Illustrative here are the results of Boertien [3] on riveted lap-joints of
GLARE3-3/2-0.3 which were exposed to distilled water by immersion. The results
comprise lap-joint strength reduction up to 90 days of exposure, but also present the
influence of subsequent dry-out time. The dry-out time results in fairly substantial
recovering of strength, which seems to underline again the exaggeration of accel-
erated exposures. The results are given in Fig. 12.13.

The residual strength of these riveted joints can be predicted based on the
damage ratio originally proposed by Müller [10], as discussed in Chap. 10. To
investigate the influence of exposure to the environment, various studies have been
performed looking either at accelerated or artificial exposure, or at outdoor
exposure.

A very interesting study is the earlier-mentioned outdoor exposure programme,
where specimens were exposed outside in a representative warm and humid
environment in Queensland, Australia. Specimens were tested to various degrees of
fatigue damage accumulation to be exposed subsequently for 2 or 6 years. After the
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Fig. 12.13 Influence of distilled water immersion and subsequent dry-out on GLARE3-3/2-0.3
lap-joint strength; two different rivet pitches [3]
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exposure, the samples were tested in Delft for their residual strength. The results
were reported and discussed extensively by Borgonje and Beumler [4, 6, 11]. In
particular here, it is important to understand whether the damage ratio discussed in
Chap. 10 applies also to cases where environmental exposure took place.

To this aim, the results presented by Borgonje and Beumler in [6] on unidi-
rectional GLARE2B-7/6-0.4 and cross-play GLARE4A-5/4-0.4 are illustrated in,
respectively, Fig. 12.14a, b. In these figures, the strength for non-exposed
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Fig. 12.14 Influence of artificial and outdoor exposure on the residual strength of a row of open
holes for GLARE2B-7/6-0.4 (a) and GLARE4B-5/4-0.4 (b) [6]; RD = 0 corresponds to Fig. 12.8

286 12 Effect of Environment



as-received GLARE is compared to that to of 3000-h exposure to 70 °C/85%RH,
and 2 years or 6 years of outdoor exposure in Queensland.

In addition, minimum values are plotted estimated with either the Müller or
Morris method, discussed in Chap. 10. The minimum curve labelled Müller in
Fig. 12.14 is obtained with

Sres ¼ SBN;FML;min �MVF � RD � SBN;m ð12:1Þ

where

SBN;FML;min
SBN;FML

1:1
ð12:2Þ

The curve labelled Morris is obtained with [11]

Sres ¼ 0:77 SBN;FML � 1
2
MVF � RD � SBN;m

� �
ð12:3Þ

In both cases, the damage ratio RD has been determined based on the mea-
surement of fatigue cracks in the outer surface [6], rather than being based on
fractographic investigation of all individual cracks, including the ones in inner
layers, as reported in [10, 12].

Evident in both figures is that the Müller curve seems to follow the trend of the
exposed specimens better than the Morris curve, which is in particular conservative
up to a damage ratio of RD = 50%. The Morris relationship was originally devel-
oped based on non-exposed samples, in particular addressing the difference
between pristine blunt notch strength values (RD = 0%) and the strength of blunt
notch samples containing small fatigue cracks at the notch root. The influence of
sharp fatigue cracks instead of the blunt notch root induced a significant reduction
with respect to the blunt notch strength, which was not well predicted by the Müller
relation.

With the evidence from accelerated and outdoor exposure however, the con-
clusion may be revisited and the Müller method may be more practical to not only
include fatigue damage, but also include the influence of environmental exposure.

12.4 Effect of Frequency

In the past, various studies have reported addressing the influence of frequency and
wave shape of the fatigue load cycles applied. Schijve [13] provides an excellent
overview, explaining that the influence of frequency and wave shape on the cor-
responding fatigue properties should be considered an effect of environment. Low
frequencies or wave shapes that slowly open fatigue cracks enable the environment
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to access the crack tip vicinity, resulting in a different crack increment despite the
same mechanical loads applied.

In particular, when the relevance of aircraft fuselage pressurization cycles is
considered in the fatigue tests, the influence of frequency and wave shape should be
considered. Although most fatigue tests in laboratory utilize sinusoidal wave shapes
with often higher frequencies, the wave shape of loads induced by pressurization of
the fuselage may be better resembled by trapezoidal wave shapes (Fig. 12.16).

To investigate the effect of environment in combination with the test frequency,
and the wave shapes of the load cycles, Deutekom [14, 15] performed fatigue test at
various test frequencies in both laboratory air and in distilled water (Fig. 12.15).

The frequencies corresponding to the two different wave shapes, i.e. trapezium
and sinusoidal, are compared according to the illustration in Fig. 12.6. The
trapezium wave shapes had a fixed ramp rate in loading and unloading. Hence, the
test frequency was decreased by applying longer dwell times. The dwell time here
represents the cruise phase of the flight, where the aircraft fuselage is pressurized
with a constant level of pressure.

The results of Deutekom [15] are in agreement with the results reported by Chen
[16] and Van Dijk [17] for ARALL laminates, in that at the same test frequency, the
trapezium wave shape yields faster crack growth than the sinusoidal wave shape.
The influence of the wave shape seems more pronounced than the influence of the
test frequency over the frequency range tested.
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Chapter 13
Acoustic Fatigue

Abstract This chapter briefly addresses the typical damping characteristics of
FMLs in context of the acoustic fatigue properties. Results of high frequency
bending experiments are discussed to illustrate the excellent performance of FMLs
with respect to this mode of excitation.

13.1 Introduction

Acoustic fatigue or high bending fatigue is an aspect related to thin-walled stiffened
structures subjected to variable high-frequency loads due to random noise and
vibrations. These vibrations may be caused by engines (like turbofans) or operation
of equipment. The requirements with respect to increased engine performance for
turbojets and minimization of airframe weight result in structural components
subjected to high stresses at high-intensity pressure fluctuations.

Most structural parts sensitive to acoustic fatigue are located in regions of
separated flow behind protuberances such as air brakes, in surface areas near the
plane of a propeller rotation and in bomb bays, where pressure fluctuations occur
during bay door opening at high speed.

Compared to the subjects discussed in previous chapters, the topic of acoustic
fatigue in FMLs has received only limited attention. The topic mostly received
attention in the early days when developing ARALL for wing applications or
studying the application of ARALL to the empennage of turboprop aircraft like the
Fokker F27. This chapter briefly summarizes the available research and highlights
the main results and observations.

© Springer International Publishing AG 2017
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13.2 Damping Characteristics

To understand the phenomenon of acoustic fatigue, two factors affecting the
behaviour should be distinguished: the mechanical response and the fatigue char-
acteristics of a structure. The complete description of the mechanical structural
response to high-frequency excitation requires knowledge of all vibration modes of
that particular structure, the resonant frequencies and the damping characteristics.
The damping characteristics of various FMLs (ARALL and GLARE) have been
investigated by several researchers [1, 2]. These studies have indicated that adhe-
sively bonded laminates exhibit improved vibrational damping properties compared
to monolithic counterparts. In general, FMLs show two to three times better
damping behaviour than aluminium [3]. This benefit of FMLs can be attributed to
the internal damping capability of the visco-elastic layers, which reduces the stress
by a factor 2 compared to monolithic aluminium 2024-T3 [1].

Nonetheless, the work by Waleson [1, 4, 5] has illustrated that one should take
care in correlating results like in Fig. 13.1. For example, in [5], Waleson evaluated
the vibrating beam, the impedance or direct method and the resonance method. To
extract the loss factor from the vibrating beam, he evaluated the half-energy
bandwidth method, the Kennedy-Pancu method and the resonance dwell method. In
correlating the results, he observed that some methods resulted in values that could
be up to 2.5 times higher than the results of other methods.

In addition, he could clearly identify the influence of air as environment on the
damping characteristics, the influence of specimen clamping and the influence of
normal stresses in the visco-elastic layers. Here, he observed that the internal
damping characteristics of ARALL2-2/1 were fairly small, similar to monolithic
aluminium, opposite to the findings in Fig. 13.1 [3].

In case of ARALL1 [3], the internal residual stress system after curing has been
modified with post-stretching (explained in Sect. 3.4.1). This means that compar-
ison between the acoustic fatigue properties of ARALL1 and monolithic aluminium

Fig. 13.1 Correlation of damping characteristics of ARALL1-3/2 laminates in both the
longitudinal and transverse direction with those of aluminium 2024 and 6061 [3]
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mostly demonstrated the influence of favourable compressive residual stresses in
the aluminium layers of ARALL1.

For Waleson [1], this was the reason to perform similar damping experiments on
ARALL2-2/1 (without post-stretching), which was in the as-cured condition with
tensile residual stresses in the aluminium layers. In that correlation, the benefit of
ARALL2 over monolithic aluminium is still there, but evidently much smaller.
Waleson reports that the transmission loss of ARALL2-2/1 is slightly lower than
that of 1-mm-thick aluminium 2024-T3.

For the studied case, the bending stiffness of the ARALL laminates is about 45%
of that of 1-mm-thick aluminium, with a surface density of about 30%.

Exploring the influence of different prepregs illustrated that a similar lay-up but
with a thermoplastic resin improved both the loss factor and bending stiffness by at
most 20%. Based on these findings, Waleson [1] recommended to focus on the
acoustic fatigue response and damage tolerance, rather than the damping
characteristics.

13.3 Acoustic Fatigue

There are various ways to experimentally assess the acoustic fatigue behaviour of a
structure or material. Structural parts may be subjected to in-service acoustic
loading induced by high power engines, while they are assembled in the complete
airframe, or structures may be placed in a wind tunnel set-up to induce the aero-
dynamic loading. This type of tests is very expensive and can only be performed
when the structure is assembled.

Without assembling into a structure, parts can also be subjected to acoustic loading
induced by reverberant chambers or sirens. A simple and most often applied exper-
imentalmethod is high-frequency bending testingwith shaker equipment. This type of
test can only be performed on a material level, enabling generic comparison of dif-
ferent materials. The experimental data presented here are based on this shaker type of
experiments, as discussed in more detail in the next section.

13.4 High-Frequency Bending Fatigue Experiments

13.4.1 Specimen Configuration and Test Set-up

High-frequency bending fatigue tests were performed by Syamaun [2] on shaker
test specimens, which are illustrated in Fig. 13.2 [2]. The specimens were clamped
at the mid-span stiffener to a shaker, with which a sinusoidal waveform was gen-
erated using a waveform generator. All specimen configurations were tested at a
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constant strain level of 200 micro-strain at the strain gauge location indicated in
Fig. 13.2.

13.4.2 Test Procedure

The specimens were tested in a shaker test set-up with the objective to generate S-N
data for different joint configurations and materials. The specimens were vibrated at
a resonance frequency to generate alternating bending stresses in the beam.

As the fatigue damage increases, the frequency decreases due to the change in
beam stiffness. When the frequency drop was observed, the generator frequency
was adjusted in such way that the strain amplitude reached again 200 micro-strain.
This procedure to maintain the strain amplitude appeared to be somewhat difficult
because conventional strain gauges do not have sufficient fatigue life themselves to
last the entire fatigue life of the specimens at the given strain amplitude levels.
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Fig. 13.2 High-frequency bending test specimen; high-frequency excitation induced through the
mid-span stiffener using a shaker (all dimensions in mm) [2]
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The time history of the specimen frequency is a measure for the fatigue damage
developed in the specimen. The high-frequency bending tests were terminated at the
moment that either the crack reached the edges of the specimen, the resonant
frequency dropped below 100 Hz, or when the total testing time exceeded 900 min.

13.4.3 Performed Tests

Syamaun [2] tested several FML configurations based on either aramid or glass
fibres, with in addition an FML based on carbon fibres. Because the tested ARALL
and GLARE laminates contain either 2024-T3 or 7075-T6 as aluminium con-
stituent, similar tests were performed on the monolithic alloys, with a plate thick-
ness of 1 mm, both with and without clad layers. The entire set of tested materials is
listed in Table 13.1.

Table 13.1 Overview of the high-frequency bending experiments reported in [2]

Group Material Lay-up Post-stretch Thickness
(mm)

Weight
(g)

Primed Number of
specimen

A
B
C
D

Al 2024
bare
Al 2024
clad
Al 7075
bare
Al 7075
clad

1.01
1.02
1.00
1.02

40.0
40.1
39.5
40.8

3
3
3
3

E
F

GLARE1
(7R32)
ARALL1
(7H32)

2/1
2/1

✓
✓

0.92
0.94
0.82
0.84

36.1
37.1
33.2
33.5

✓
✓
✓
✓

3
2
3
2

G
H

GLARE2
(2R32)
ARALL2
(2H32)

2/1
2/1

0.69
0.76

30.9
32.5

3
3

I
J

GLARE1
(7R33)
ARALL1
(7H32)

3/2
3/2

✓
✓

1.55
1.55
1.36
1.40

47.1
47.1
42.1
43.1

✓
✓
✓
✓

3
2
3
2

K
L

GLARE2
(2R33)
ARALL2
(2H33)

3/2
3/20

1.10
1.25

41.2
41.1

3
3

M Carbon
ARALL

2/1 0.82 34.5 2

N GLARE3 3/2 1.35 46.6 2
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13.5 Results and Observations

An illustration of the test results on the high-frequency bending tests on monolithic
aluminium and two GLARE2 laminates is given in Fig. 13.3. Here, one should note
that a direct comparison between the high-frequency bending fatigue behaviour of
aluminium and GLARE is in fact not possible, since parameters such as thickness
and, more importantly, weight are not equal for these tests, see Table 13.1.

However, from Fig. 13.3, it can be seen that the monolithic aluminium speci-
mens have resonant frequencies at the start of the test that are comparable to
GLARE2-3/2-0.3. The difference in thickness between the monolithic aluminium
specimen and the 3/2 lay-up is fairly small. However, the 2/1 lay-up has signifi-
cantly lower bending stiffness and as a consequence also a substantially lower
resonant frequency at the start of the test.

The aluminium 2024-T3 bare specimen failed after 36 min, slightly longer than
the clad specimen, which dropped below the 100-Hz level after 28 min. The
reduction in the resonant frequency of both GLARE laminates seems similar in
trend and illustrates the lower rate with which fatigue damage develops in the
materials in comparison with monolithic aluminium. Because GLARE2-2/1-0.3
started at a lower frequency, it obviously required less time to drop below the
100-Hz level compared to the 3/2 lay-up

A comparison between the frequency bending behaviour of the various ARALL
and GLARE laminates is illustrated in Fig. 13.4. From these results, it can be
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concluded that the unidirectional GLARE laminates performed better than the
unidirectional ARALL laminates. This could be attributed to the greater strain to
failure of the glass fibres in comparison with the aramid fibres.

Another observation one can make is that the post-stretched laminates perform
significantly better than the laminates in as-cured conditions. At the start of the test,
the as-cured laminates have the same resonant frequency as their post-stretched
counterparts. However, the post-stretched laminates easily sustained 900 min,
while maintaining high frequencies. This is obviously related to the favourable
residual stress system in the post-stretched laminates that delays the initiation and
progression of fatigue damage in comparison with the as-cured laminates.

The only cross-ply laminate in Fig. 13.4, GLARE3-3/2-0.3, initially quickly
dropped in frequency, almost similar to the as-cured ARALL laminates, but after
about 200 min the degradation reduced substantially. In the end, the resonance
frequency of the GLARE3 specimen still exceeded the 100-Hz level after 900 min.
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13.6 Concluding Remarks

The studies by Waleson [1, 5] and Syamaun [2] have illustrated various aspects
related to the high-frequency bending fatigue performance of FMLs. First, the
increase of acoustic fatigue life of FMLs over monolithic aluminium becomes
larger for thicker laminates. The thin 2/1 lay-up hardly yields an improvement in
either damping characteristics or acoustic fatigue properties. This can be explained
with the position of the fibre layers in thickness direction. In a 2/1 lay-up, all fibre
layers are located near the neutral line, which makes them fairly ineffective in
restraining crack opening by bridging. Only for 3/2 lay-ups or thicker laminates, do
the fibres become effective and evidently contribute to the acoustic fatigue
performance.

Furthermore, the studies made clear by comparing non-stretched and
post-stretched FMLs that post-stretching substantially increases the fatigue life due
to the favourable residual stress system. In addition, the failure strain of the fibres
likely has a dominant contribution, because the GLARE laminates performed better
than both the ARALL laminates and the laminate based on the carbon fibres.

With respect to the fact that thicker laminates perform better than their thinner
counterparts, one may assume that for structural applications where the laminate
lay-up is at least 3/2, damping characteristics and acoustic fatigue likely are not a
subject of concern when compared to monolithic aluminium. Only when very thin
laminates are considered, like the 2/1 lay-up, do the properties demand assessment
of the acoustic fatigue characteristics.
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